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The Spring Back of Metals 


By F. J. GARDINER,' PHILADELPHIA PA. 


A generalized and simplified mathematical analysis and 
derivation for a spring-back correction curve for pure 
bending is given. Extensive test data, especially for 
“springy” materials are shown. Qualitative reasons are 
given for their departure from the theoretical curve. An 
optimum empirical curve is plotted, showing a band of 
most probable values. The utilization of this general 
spring-back curve is described and a worked example is 
given. Whereas no data have been accumulated on brass 
and bronze materials, it is believed that these will fall into 
the bands set by data on aluminum, nickel-base, titanium, 
and ferrous alloys. It is recommended that all tooling for 
metals whose ratio of yield stress to elastic modulus S/E 
lies between 1.1 and 5.0 X 10-' be treated in accordance 
with the spring-back correction factors found in Fig. 15. 
As soon as this ratio S/E and the material thickness have 
been determined a chart of tool radius R versus resultant 
part radius r may be prepared, e.g., Fig. 16. This chart 
is then used by the tool designer to specify the tool shape. 
Conservation of thickness and length are a necessary as- 
sumption. Whereas many sheet-metal-forming operations 
do not require spring-back correction, there is a large 
savings in “tool-development” time in those cases where 
the spring back is large and cumulative. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


= modulus of elasticity 

radius of curvature of sheet metal after springing 

radius of curvature of sheet metal before springing, or tool 
radius of curvature 

stress (with no subscript = yield stress) 

thickness 

location measured from neutral axis, positive in tension 
direction 

= angle 

= strain 

= change 


E 
r 
R 


Subscripts 

f = final 

o = original 

x = at location (X) 
y = at yield point 


INTRODUCTION 


It is frequently desired to bend sheet metal to more or less 
complex shapes. The well-known phenomena of spring back al- 
ways makes this an uncertain job for which a good deal of ‘“‘de- 


' Mgr. Eng. Products Section, Special Products Division, I-T-E 
Circuit Breaker Company. 

Contributed by the Machine Design Division and presented at a 
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Applied Mechanics Divisions at the Diamond Jubilee Annual Meet- 
ing, Chicago, [ll., November 13-18. 1955, of Taz American Society 
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of the Society. Manuscript received at ASME Headquarters, Janu- 
ary 10,1955. Paper No. 55—A-66. 


velopment time” of the tooling is required. As a typical ex- 
ample in which the spring back is a major factor, this paper con- 
siders the hollow sheet-metal turbine blade. This requires form- 
ing the sheet metal to an airfoil shape with good accuracy. Since 
this paper deals with the spring-back correction necessary for 
circular ares, it is necessary to synthesize the desired airfoil curve 
out of a number of such circular ares. Each of these circular ares 
is then corrected to a new radius of curvature by the spring-back- 
correction factor and a new shape is synthesized out of these arcs 
which becomes the shape of the metal-forming tools. Such a 
transformation is shown in Fig. 1. Specifically, Fig. 1(a) shows 
the desired airfoil curve broken up into circular ares and Fig. 1(b) 
shows this same curve corrected for spring back and thus indi- 
cates the shape of the metal before removal from the tool. 


Fic. l(a) Destrep Arrroi. Curve Fie. 1(b) Same Curve Prior 
Broken Up Intro Arcs TO SPRINGING OPEN 


Score Purpose 


The initia] tests were concentrated on a particular material and 
a particvlar thickness range with the object of solving a specific 
airfoil problem. Owing to the interesting correlation between 
theory and tests this project was later extended for other ma- 
terials and other thicknesses and showed surprisingly good corre- 
lation. 

Sachs? shows a number of curves for various materials, but all 
in the range of little spring back. Schroeder* shows a refined 
theory but is limited to one material (248-T Alclad), again for 
small spring back. 

With the information here presented, it is believed that spring- 
back correction factors in bending can be predicted from basic 
physical properties for almost all metallic materials and 
thicknesses. 

It is possible to extend the theory, as presented, to the bend- 
ing of tubes and bars; however, edge effects will play a more 
significant part and cause greater inaccuracies. No test data are 
available in this field. 

The purpose of this paper is to present a method whereby 
spring back correction can be incorporated into bending tools by 
calculations based on the basic properties of the material to be 
bent. 

It is now desired to develop a mathematical relation between 
radius of curvature before and after spring back. To this end 
we proceed as follows. 


2 “Principles and Methods of Sheet Metal Fabricating,’ by George 
Sachs, Reinhold Publishing Corp., New York, N. Y., 1951, p. 100. 

3‘*Mechanics of Sheet-Metal Bending,’ by William Schroeder, 
Trans. ASME, vol. 65, 1943, pp. 817-827. 


4 
/| 
/ | 
a 3 | 4 
Ss 
t 
zx 
6 
€ 
A 
1 


Simp.iriep THEORY 

Consider the sheet metal restrained between punch and die, 
Fig. 2(a). 

Now assume the following: 

(a) That the neutral axis is midway through the sheet metal. 

(6) That the stress-strain diagram is as shown in Fig. 3. 

(c) That there is no stress (tension or compression) at the neu- 
tral axis. 

(d) That the strain in a fiber is proportional to its distance from 
the neutral axis. 

After removing the sheet metal from the tool, this same zone 
now appears as shown in Fig. 2(b). 

The spring back is described by the change in strain and this is 
proportional to the change in stress. Typically, the stress and 
strain at fiber X are shown by points B and G in Fig. 3 during 
and after forming, respectively. 

Strain at any Fiber 


(R+X)d0—Rd@ X 
R dO 


Original Strain 
Final Strain 


Change in Strain 


1 


Change in Stress 


1 1 
= E — = EX | — — — 
AS (€, €;) ( R ) 

Since the stress-strain diagram consists essentially of two 
straight lines, one the elastic portion, the other the plastic por- 
tion, the change-over from one to the other occurs at X = X,; 
that is, when the stress is equal to the yield stress or 


s- x,(£)orx, -8(2) 


Original Stress 


t 


=X, 
Now we may make a plot of stress and strain in a half cross 
section of the sheet metal while in the tool and in a free state 


thereafter, Fig. 4. a 
It is necessary that all forces (stresses) at a cross section be in 
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Fic. 2(a) 


Fic. Stress-STrain DiaGram 


Fic. 4 Srress Versus Location Strain Versus Location 


static equilibrium, that is, (a) the sum of all the stresses be equal 
to zero; (6) the sum of all the moments of the stresses be equal 
to zero. 

From symmetry of Fig. 4 about the neutral axis, it can be seen 
that forces on either side of this axis will be equal and opposite, 
hence summing to zero, thus fulfilling condition (a) automatically 
The other condition is the balance of moments which is 


+t/2 
XS,dX =0 

Since the distance (X) and the stress (S,) are symmetrical 
about the neutral axis, the value of their products (XS,) will be 
equal in sign and magnitude at a given distance on either side of 
the neutral axis. Therefore, the moment of stress on one side of 
the neutral axis must be zero 


t/2 
XS, dX = 0 


Because of our discontinuous equations, this integral is better 
written as 
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2 
f°" x8. ax XS, aX =0 
0 Xy 


Recalling that X, = SR/E, we obtain after integrating and 


simplifying 
RS 


This then relates the spring back (R/r) to prope. ties of the ma- 
terial (S/Et) and the tool radius (R). Fig. 5 shows such a plot. 


= 


R 


r 


Fie. 5 


Deviations From Simp_e THEORY 
Two important imperfections in the simplified stress-strain 
diagram of Fig. 3 are apparent: 
(a) Real materials do not behave perfectly elastically; that is, 
a strained fiber never returns to its original state perfectly. 
(b) The stress-strain curve at strain beyond the yield is not 
flat, rather the stress rises slowly with increasing strain. 


ACTUAL PERMANENT SET 


CALCULATED PERMANENT 


Fie. 6 Srress-Strain Diacram SHowine Deviation From 
Tueory Per Zone B or Fia. 5 


TABLE 1 
S x 10-8 


108 E 


Material E X 108 
Titanium RC 70° 

Titanium Ti 75A° 

Aluminum alloy 61ST6 
Aluminum alloy 528H34.......... 
High-temp. alloy L-605* 
Aluminum alloy 61ST4 

Low-alloy steel NAX-AC9115".... 
High-temp. alloy A-286° 

Stainless steel AISI 304% 


o 


21 
45 
42 


@ These materials were tested in the annealed state; the yield stress (S) is shown f 


TYPES OF MATERIALS TESTED 


Now with very large bend radii and springy thin materials 


the elastic portion of the stress-strain diagram is of greater im- 
portance, hence the imperfection (a) must be considered. Quali- 
tatively, it should be expected that the materials, since they are 
not perfectly elastic, will not spring as much as the theory would 
indicate; that is, the factor (R/r) would actually turn out to be 
greater than indicated by Fig. 5 (zone A). 

With smal] bend radii and “soft’’ materials 


the stress-strain relationship beyond the yield point is more im- 
portant and imperfection (b) comes to the fore. Thus, at a cer- 
tain strain, the stresses will be greater and the material will have 
a higher apparent yield stress thus acting more springy 


( ) 
— = lower 


than theoretically expected. This can be readily seen with the 
assistance of Fig. 6. This deviation is shown in Fig. 5 (zone B). 


Test Data 


The fairly wide range of materials tested is shown in Table 1. 

All tests were made by closing tools such as shown in Fig. 7. 
It was soon apparent that the closing force used was unimportant. 
The tests were most difficult and data scatter was the worst at 
small values of R. Fortunately, this is the zone of low spring 
back so that the problem is not as acute as in the large-radius, 
large-spring-back zone. The radii of the test pieces were 
measured in the center zone of the test pieces, where end effects 
are smaller. At least two samples were tested for each set of 
conditions. 

Figs. § through 14 show the results obtained. Fig. 15 shows the 
mean values for all the test data as well as a band of probable 
values. This band seems to be equally applicable to all the ma- 
terials and thicknesses. The accuracy is limited by the variable 
yield stress of material within one specification and end conditions 
which superimpose tensile or compressive stresses. 
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STAINLESS STEEL 
Alsi 304 

$= 35000 PSI 

E: 30x10° psi 
170.01I9- © 
t=0.032— x 

t= 0.061- « 
t:0.128- 


REF. “a” (SACHS) 


It can be seen that Sachs* and Schroeder* have tested only in the 
low spring area where the scatter of data is the worst and the prob- 
lem rather less acute. However, the agreement with Schroeder* 
is very good. 


UTILIZATION OF THIS CURVE 


Let us say we wish to form an airfoil shape as shown in Fig. 16. 
The central portion is exempted from this particular forming 
operation since it will later be formed to give the nose of the air- 
foil. Let us say the material is L-605, having S = 70 X 10% psi, 
E = 30 X 10° psi, and ¢ = 0.032; then S/Et = 0.073. Hence we 
can plot R versus r for this case from Fig. 15, as shown in Fig. 17. 
Then, using this chart, each radius of Fig. 16 is corrected and 
drawn adjacent and tangent to the previous corrected are. The 
length of each arc must be preserved through this operation which 
is done conveniently by graphical means and must be full scale. 

Fig. 18 shows a typical section of the blade showing the de- 
sired airfoil contour, the calculated die contour, and this same die 
contour after correction during tool tryout for a typical airfoil 
computed in accordance with Fig. 17. 

Experience shows that: Fic. 16 Typrcat Berore U-Formine 


6 
=e \ 
0. \ 
\ 
x \ \ 
o7 \ o7 \ \ 
\ \ REF."B" (SCHROEDER) 
° 
\ \ 
°. CURVE os \ \ OF PROBABLE VALUES 
\ \ 
8 \ r \ \ 
©. \ \ 
\\S 
7) 
\ } \ \ 
\ 
| | | \ \ 
° ou 02 o3 os ° 02 03 Os RS 
et 
Fig. 14 Fie. 15 
\ 
\\. 
OF AIRFOIL \ 
« 
/ / \ 


JANUARY, 1957 


-073 (1 inch) 


Fig. 17 Particutar Sprrnc-Back Correction Curve (From Fria. 15) 


DESIRED AIRFOIL CONTOUR 


CONTOUR OF DIE AS CALCULATED 


CONTOUR OF DIE AS CORRECTED APTER TRYOUT. 


CONCAVE SIDE OF BLADE AT SECTION “A-A” 


Fie. 18 Concave or Buape at Section 


(a) Experimental corrections to the tool will still be necessary 
to compensate for local and end effects, as well as for twist, etc. 

(b) The difference between the high and low curves in Fig. 17 is 
not appreciable. 

(c) The lion’s share of the spring-back correction is ac- 
complished quickly and cheaply which would otherwise be an 
unpleasant cut-and-try process. 


Finally, it can be seen that these results are limited to 
two-dimensional problems and that they can be readily ex- 
tended: 


(a) To predict failure during forming. 
(b) To predict spring back during stretch-forming operations. 


Discussion 


M. E. Cresuick1.‘ In Fig. 10 of the paper the values used for 
S and E do not correspond to the data used for design in the Jet 
Engine Department of General Electric. We use S = 62,000 
and E = 35.3 X 10°. Using these values, the values of (RS)/(E£t) 
will be reduced by 25 per cent. This would put the theoretical 
curve somewhat below the experimental points plotted. 


S. H. Cranpau.® In presenting extensive test data for large 
spring backs the author has made a valuable contribution. He 


4 Supervisor, J-79 Manufacturing and Materials Control, General 
Electric Company, Aircraft Gas Turbine Division, Cincinnati, Ohio. 

§ Associate Professor of Mechanical Engineering, Massachusetts 
Institute of Technology, Cambridge, Mass. Mem. ASME. 


shows that in spite of thetmany complicating factors in”sheet- 
metal forming the data correlate remarkably well with a simpli- 
fied version of Schroeder’s*® theory. 

Regarding this theory the writer would like to make two sug- 
gestions. First, in the elastic spring back of a curved sheet the 
sheet is bending as a plate rather than as a beam and hence the 
plate stiffness should be used instead of the beam stiffness. When 
the author’s analysis is repeated on the plate basis the only dif- 
ference in the final equation is that the factor (RS)/(£t) is re- 
placed by RS(1 — n?)/Et where 7 is Poisson’s ratio. For most 
metals this correction is of the order of 10 per cent. 

The calculations in both Schroeder’s and the author’s analyses 
can be simplified by taking advantage of the fact that the spring 
back is elastic. It is only necessary to obtain the bending moment 
M which exists across the section when the sheet is in the tool. 
The spring back is then just the result -of the elastic change in 
curvature due to an equal and opposite M. Thus 


1_1_ 12M 


12M 
Ee or Ee (1 — 
according to whether beam or plate theory is used. 

The difference between Schroeder’s and the author’s analyses 
lies in the assumption of the shape of the stress distribution mak- 
ing up the bending moment in the tool. The author assumes (a) 
a flat-topped yield for all metals whereas Schroeder would use 
(b) the actual stress-strain curve for each material. The advan- 
tage of (a) is that it permits all materials to be represented on a 
single nondimensional chart. In any particular case where good 
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stress-strain data were available the labor of going to (b) would 
not be excessive. 


M. F. Sports.?. The author has performed a useful service in 
presenting an equation for the first approximation of the die 
radius R when the final radius of curvature r is specified for a 
formed metal part. Considering the simplified nature of the 
assumed stress-strain curve, the experimental check with the re- 
sults of the equation is very good indeed. 

It might be mentioned however that the equation can be ob- 
tained without the need of integration in the following manner. 
In accordance with the assumed stress-strain curve, the stress dis- 
tribution over a cross section of the material in the die is shown 
as O-A-B in Fig. 19(4), herewith. Resultant forces and moment 


Width, b bt | 


(A) 


| / 
| 
(D) 


Enea — 
(C) 


Fie. 19 


arms for the triangular and rectangular stress distributions are 
indicated. The bending moment M for the cross section then is 


1 2 t 1/t 


bS, 
12 ( ) (1) 
The elementary beam equation S = EX/R is valid for the 
elastic range. For point A in Fig. 19 this becomes 


EX, 


Substitution into Equation [1] gives 


M _ 11 , 
M 


where J = bt*/12. 

When the part is removed from the die, moments M are re- 
leased. This is equivalent to superposing the elastic stress dis- 
tribution of Fig. 19(B) for which 


? Professor of Mechanical Engineering, Northwestern University, 
Evanston, Ill. Mem. ASME. 
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: To E I 
where 1/ro is the change in curvature resulting from the release of 
moments M. 
The final curvature 


Substitution for X, from Equation [2] gives 


(25) _3(25 


This is the author’s equation which permits die radius R to be 
calculated. 

The foregoing result also can be obtained from consideration 
of the stress-strain diagram of Fig. 19(C). Elementary beam 
equation € = X/R is valid for both elastic and plastic deforma- 
tion. Maximum elongations for upper and lower surfaces when 
the material is in the die is given by 

t 
Superposition of stress S’ upon release from the die gives an 
elongation on the surface of S’/E in the opposite direction. The 
final elongation €, for the top surface is 


t Ss’ 7) 
Stresses S’ produce the moment 
S’ t bes’ 
M = 
6 


After substitution of Equation [1] this becomes 


The foregoing, together with the value of 1/R from Equation 
[2], should now be substituted into Equation [7] 


2 


2 EX, 2E 
S,| ¢ X,? 

Equation [6], as applied to the material after removal from the 
becomes 

t 
[10] 


After Equation [9] is substituted, the result can be easily reduced 
to Equation [5]. Residual stresses in the material are illustrated 
by Fig. 19(D). 
Avutsor’s CLosuRE 
Professor Spotts has kindly added a more geometrical approach 


to the mathematical derivation which always lends clarity and 


versatility. 
Professor Crandall also has contributed an elegant derivation. 
As was pointed out by other discussions, there is nothing novel 
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in the theory. Rather, it is the purpose of this paper to show a 
simple method for plotting experimental] data and thus making it 
generally useful. In addition, metals are not produced with 
sufficient consistency to make a high degree of precision in 
spring-back prediction possible. Thus the appreciable addi- 
tional labor of resorting to stress-strain diagram integration is 
probably not worth while. 

The author believes that practical application of this method 
has been delayed by the complication of previous methods and 
hopes that the foregoing simplifications will prove of use to in- 
dustry. 

In view of the interest shown by manufacturers of coil springs, 
Professor Crandall has also co-operated with the author in de- 
riving a theoretical spring-back formula for round bars and wires. 
The same basic assumptions have been made. In addition 


D = cross section at diameter of wire 
RS 


R AK 
= 1 = sin-! (2K) — 


Then: 


This formula gives a curve similar to the theoretical curve of 
Fig. 5 and is plotted in Fig. 20. 


9 


It is regretted that no experimental data are yet available. 
Hence this formula presents only a skeleton on which test data 
can be accumulated and a useful empirical curve drawn. 
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Design Study of a Hydrostatic Gas Bearing 
With Inherent Orifice Compensation 


By S. K. GRINNELL' ano H. H. RICHARDSON,' CAMBRIDGE, MASS. 


A hydrostatic gas bearing can provide shaft support with 
very low friction in high-speed devices such as centrifuges 
and gyroscopes and in precision static devices such as 
dynamometers. For comparable load conditions, the 
friction torque required to rotate a hydrostatic bearing is 
from 100 to 10,000 times less than the friction torque re- 
quired to rotate ball or hydrodynamic oil bearings. This 
paper presents information directly applicable to designs 
with optimum performance characteristics for hydro- 
static gas bearings with inherent orifice compensation. 
An analytical and experimental study of a simplified model 
of the basic unit of which the bearing is composed and a 
similar study of a complete journal bearing lead to a read- 
ily usable design procedure for the hydrostatic gas bearing. 
The load capacity, or stiffness, and weight flow rate pre- 
dicted by the design procedure are verified within 10 and 20 
per cent, respectively, by experimental results obtained 
with an optimized bearing. 


NOMENCLATURE 


The following nomenclature is used in the paper: 


b = circumferential distance between adjacent inlet ori- 
fices, in. 
Cc average value of P,/ P, 
discharge coefficient 
D bearing diameter, in. 
d inlet-orifice diameter, in. 
d()/d() derivative 
Fo dimensionless parameter 
function of 
local acceleration of gravity, 386 in/sec? 
radial clearance, in. 
= subscript indicating initial steady value 
ratio of specific heats (1.4 for air) 
steady-state stiffness or spring constant of bearing, 
lb/in. 
bearing length, in. 
number of inlet holes 
pressure, psi 
ambient or exhaust pressure, psi 
pressure just downstream of an inlet orifice, psi 
bearing-supply stagnation pressure, psi 
gas constant, sq in/(sec* deg R) 
external-flow resistance 
orifice-flow resistance 
bearing-clearance resistances 
air-supply stagnation temperature, deg R 
weight flow rate, lb/sec 

1 Research Engineers, Dynamic Analysis and Control Laboratory, 
Massachusetts Institute of Technology. 

Contributed by the Machine Design Division and presented at the 
Diamond Jubilee Annual Meeting, Chicago, Ill., November 13-18, 
1955, of Tue AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, May 9, 
1955. Paper No. 55—-A-177. 


rectangular co-ordinate direction 
small deflection of shaft relative to sleeve, in. 
rectangular co-ordinate direction 
small change 
resultant pressure force in bearing clearance, lb 
resultant pressure force in upper half of bearing, lb 
resultant pressure force in region between adjacent 
inlet orifices, lb 
change in film thickness at a given angle when bear- 
ing shaft is displaced, in. 
attitude; deflection per unit clearance 
efficiency or dimensionless load 
angle, radians 
INTRODUCTION 

For many years one of the basic problems in machine design has 
been the support of shafts. Several well-known mechanisms such 
as hydrodynamic, ball, and roller bearings have solved many 
variations of this problem of machine design. A relatively new 
design element, the hydrostatic bearing, has the potential of fill- 
ing the need to support, with extremely low friction, very high 
speed shafts such as used in gyroscopes or grinding-machine 
spindles and in heavy nonrotating devices such as dynamometers 
or wind-tunnel balances. As yet, however, little information 
exists in a form that can be used directly by the machine designer 
of this type of bearing. 

The purpose of this paper is to develop design tools and 
methods that can facilitate the incorporation of easily constructed 
hydrostatic gas bearings in devices requiring low-friction sup- 
ports. The bearing for which a simple design procedure is de- 
veloped and verified is shown in Fig. 1. This bearing is termed a 
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hydrostatic gas bearing with inherent orifice compensation. An 
analytical and experimental study of a simplified model of the 
basic unit of which the journal bearing is composed, followed by an 
analytical and experimental study of a complete journal bearing, 
leads to a readily usable design procedure for the hydrostatic-gas- 
bearing configuration with inherent orifice compensation. 
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The methods and simplifying assumptions that have proved 
useful and accurate in this investigation can be applied easily to 
the study of other types of externally pressurized, compressible- 
fluid bearings. 

Some design information is already available for the hydro- 
static liquid bearing (1),? but general design information is lack- 
ing for hydrostatic gas bearings. Various hydrostatic-bearing 
configurations utilizing either a liquid or a gas as the working 
fluid have been studied or patented. 


Hyprostatic-BEARING DEVELOPMENT 


Hirn (2) first suggested in 1854 that air might be a very de- 
sirable lubricant, and in 1897 Kingsbury (3) reported on a success- 
ful hydrodynamic air journal bearing. Harrison (4) in 1931 de- 
veloped the theory for air in a hydrodynamic bearing, but since 
then it has been realized that the low viscosity and great com- 
pressibility of air, together with the extremely small bearing 
clearances required, severely limit practical applications. The 
first reference to a pressurized-fluid bearing was made by Lasche 
(5) in 1905, and in 1929 Penick (6) initiated the use of pressurized 
air as a working fluid. In more recent years, work in the field of 
hydrostatic bearings has been intensified (7, 8). Numerous in- 
vestigations have been made in the field of hydrostatic oil bear- 
ings (9-19), with recent contributions by Luming (1) and Rai- 
mondi and Boyd (20). Carter (21), Gottwald (22, 23, 24), Mid- 
wood and Duncan (25), Perkins, Vogt, and Weber (26), and 
Tauscher and Slater (27) have studied hydrostatic air bearings 
with particular reference to the problems of course gyroscopes. 
Configurations of hydrostatic air bearings have been examined 
theoretically and experimentally by many investigators (28-44). 
The particular problems of instability and dynamic response of 
hydrostatic air bearings have been treated by Weber (45) and 
Richardson (46). 


HyprostaTic-BEARING CONFIGURATIONS 


The form and principle of operation for three configurations of 
hydrostatic bearings are described briefly as a background. 

Conventional Hydrostatic Bearing. The conventional hydro- 
static oil journal bearing, with geometry as shown in Fig. 2, em- 
ploys external resistances Rex that may be either capillaries or 
orifices, pressure cavities, and bearing-clearance resistances 2, and 
R,. The schematic diagram of a Wheatstone bridge in Fig. 2 is 
made up of resistances Rex, R,, and R:, which are the flow re- 
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sistances of the bearing geometry. The bearing is supplied with 
oil at constant supply pressure P, that drops through fixed re- 
sistances Rex to intermediate values P, and P; and exhausts 
through variable resistances R,; and R; to atmospheric pressure 
P,. With the journal centered, there is no load-carrying pressure 
differential P,; — P; because the local radial clearances are the 
same (h; = he), Ry = Ro, and Rex = const. If, however, an ap- 
plied load displaces the shaft an amount y, the bearing-clearance 
resistances R, and R, will decrease and increase, respectively, 
causing P, and P; to decrease and increase, respectively, until 
sufficient pressure differential is attained to carry the load. The 
bearing-clearance resistances R, and R;, being capillary in form, 
are proportional to the cube of the bearing clearance h*, and the 
pressure distribution across these resistances for oil is linear, as 
shown in the pressure-distribution diagram. If the working fluid 
is a compressed gas, the pressure distribution is approximately 
parabolic as shown. In the pressure-distribution diagram, the 
shaded area between P, and P; represents the differential pressure 
available to carry the applied load. This basic configuration also 
can take the form of a thrust bearing. This bearing configuration 
has been developed to some extent for use with oil as the working 
fluid and in recent years has been incorporated in a number of 
machine designs (6, 7, 16-20). 
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Hydrostatic Bearing With Annular Orifice Inlet. Another hydro- 
static-bearing configuration with the geometry and schematic- 
bridge representation of Fig. 3 may be designed to use either 
liquid or gas as the working fluid. The function of the external 
resistance in the conventional hydrostatic bearing is fulfilled by a 
fixed annular slit, which is intended as an orifice resistance. 
Since the upstream resistance is distributed continuously around 
the bearing, tangential flow of fluid around the journal circum- 
ference must be negligible for successful operation in order that 
over arcs 1 and 2 the upstream resistances can be considered as 
discrete resistances Ry, and Ro. Since bearing-clearance re- 
sistances R, and R, are each proportional to the cube of the 
clearance h', the load-carrying ability is obtained in a way similar 
to conventional hydrostatic-bearing operation already described. 
The pressure distribution in the axial direction is approximately 
linear for a liquid and approximately parabolic for a gas, as 
shown in Fig. 3. This bearing configuration is not well de- 
veloped, nor has its use been widespread. Factors seriously limit- 
ing extensive use of the two configurations described are com- 
plexity of construction, precision of parts, and instability under 
dynamic loads when air is used as the working fluid. 
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The hydrostatic-bearing configuration shown in Figs. 1 and 4 
has few of the disadvantages of the other bearing configurations; 
therefore, it was chosen for the development work presented in 
this paper. This study presents information for the design of 
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the specific bearing configuration shown in Fig. 1 and develops 
experimental and analytical methods applicable to air-bearing 
problems in general. The configuration was selected for three 
reasons: 


1 The design is easily manufactured by standard shop 
methods because air is admitted to the bearing clearance through 
straight-drilled holes. 

2 No external flow resistances or internal pressure pools are 
required, 

3 Only the small volume of air within the small clearance 
space is subjected to pressure variations, a factor contributing to 
the dynamic stability of the bearing. 


The principle of operation may be visualized with the aid of 
Fig. 4. Air entering the inlet hole of diameter d drops to 
pressure P; or P; as it passes through the annular orifice restric- 
tion Ry or Re formed by the periphery of the drilled hole wd and 
the clearance height h; or he. Pressure drops to atmospheric, as 
shown in the pressure-distribution diagram, as the fluid flows 
axially through the bearing-clearance space. If the shaft is 
centered in the sleeve, hy = ho, Ra = Ro, R, = R:, P, = Ps, all 
pressure forces on the shaft are balanced and there is no net load- 
carrying force. If the shaft is displaced in such a way that h, > ho, 
the bearing-clearance flow resistances R,; and R2, which are a func- 
tion of h*, change much faster than the annular-orifice flow re- 
sistances Ro; and Re, which are proportional to h. The pressure 
P, on the bottom side of the bearing increases in the region of de- 
creased clearance he, and the pressure P; acts conversely on the 
top side. The shaded area of the pressure-distribution diagram 
represents the pressure differential available to balance the ap- 
plied load. 

OnzE-DIMENSIONAL FLow 

As a preliminary st.p in studying the hydrostatic gas bearing 
with inherent orifice compensation, the characteristics of parallel 
compressible flow in thin passages were investigated analytically 
and experimentally (42). The results show that the equations of 
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isothermal, capillary, compressible flow can be used to predict to 
within 5 per cent the pressure distributions in parallel flows for 
passages of length-to-clearance ratios greater than 1000. 
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The system of the hydrostatic gas bearing with inherent orifice 
compensation, shown in Fig. 4, is very complex even under con- 
ditions of steady loading and with no shaft rotation. The problem 
is one of compressible flow with friction in three-dimensional 
passages where the geometry changes with shaft deflections. In 
order to make possible a practical engineering analysis, several 
simplifying assumptions have been made that can lead to a sys- 
tem model realistic enough to yield acceptable results but simple 
enough to be mathematically tractable. 


ANALYsISs 


Fig. 5(a) shows qualitatively the pressure distributions existing 
in the clearance of the bearing of Fig. 4 when the shaft is centered 
in the journal. If the shaft moves only in the vertical or y-cirec- 
tion, there is a symmetry between the top and bottom of the 
clearance space such that small changes in the top half are ac- 
companied by equal and opposite changes in the lower half. 
Thus only one half of the bearing need be studied. Also, if the 
shaft-rotation effects are assumed to be small, conditions at orifice 
III are the same, by symmetry, as conditions at orifice V. 

Since the change in curvature across the clearance is small, the 
clearance may be developed as shown in Fig. 5(b). Here the 
shaft is displaced by a small amount y, and the resulting pressure 
distributions are shown qualitatively. For sufficiently small de- 
flections, the change in inlet pressure (P,,,; — P,,,) just downstream 
of a given orifice is proportional to the change in clearance height 
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at that orifice. At any angular pusition 0, the change in film 
thickness 6 is given approximately by 


Thus it follows that 


= AP 


APni 

mlll V2 
and 

APavu = APayini = 0 


The pressure distributions of Fig. 5(b) can be replaced in a 
finite-difference procedure by straight-line segments, as indicated 
in Fig. 6(a). The incremental forces AF x may be obtained as the 
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changes in volume of the approximate-pressure-loading diagram 
shown for AF; in Fig. 6(6). Thus 


AF; = A(volume) = A [ + (Pa: — . [4] 


Similarly, from Equation [2] 
AFin = AFy = * 


Since AFin and AFy act at 45 deg, only their vertical components 

affect the vertical shaft force. Summing forces in the top half of 

the bearing and combining Equations [2], [5], and [6] yield 

2 
AF, = bLAP m1 


After multiplication by 2, the total vertical force in the bearing 
due to a variation in inlet pressure AP,, is 


AF, = — APau + 2— 
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If the qualitative reasoning leading to Equation [9] is admissible, 
a simple model system, such as that shown in Fig. 7, may be used 
to predict the performance of the full journal bearing of Fig. 4. 


SIMULATION MopgEL 


Analytical or experimental methods could be used to study 
compressible-fluid flow in the simple model of Fig. 7. Since 
rigorous analytical methods did not appear promising, an experi- 
mental approach was used to establish the important relationships 
between the geometric and compressible-fluid parameters for the 
simple model. A single inlet hole with its associated bearing- 
clearance space was studied by means of the model of Fig. 7. The 
effects of the bearing curvature and interaction between adjacent 
inlet holes are neglected in this simple model, which should be 
compared with the complete bearing of Fig. 4. The premise was 
made that an understanding of the smallest representative unit of 
the bearing would lead to an understanding of the factors govern- 
ing full-bearing operation. Important factors in understanding 
the simple model are the pressure distribution in the bearing 
clearance associated with a single inlet hole, the rate of change of 
pressure with changes in bearing clearance, and the variations of 
flow rate W with changes in supply pressure P, or bearing clear- 
ance h, 

To study systematically the geometric and fluid parameters 
shown in Fig. 7, a test fixture was designed in which inlet-orifice 
diameter d, clearance h, and fluid pressures P, and P, could be 
varied readily. 

Fig. 8 shows the test fixture in operation with its associated in- 
strumentation. A schematic diagram of the fixture and instru- 
mentation is given in Fig. 9. A movable plate and a fixed base, 
each of which has a surface roughness less than 4 y in. rms, form 
the bearing-clearance passage of height A and area bL. The 
clearance h may be varied continuously by turning three differen- 
tial screws that suspend the movable plate and allow fine adjust- 
ment. The inlet-orifice diameter d may be varied in steps by 
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changing small inserts which are pressed into the center of the 
movable plate. 

As shown in Fig. 8, all parts of the steel fixture were protected 
from corrosion by a black-oxide finish and were made sufficiently 
heavy to minimize the possibility of deflections that would impair 
the results of the experimental work. 

A manifolding arrangement allows the use of 18 mercury 
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manometers to measure pressures at any of 81 points in a grid of 
small pressure-tap holes provided in the stationary base plate. 


INSTRUMENTATION 


The general instrumentation and air-supply and exhaust ar- 
rangement are shown in Fig. 9. The flowmetering orifice was 
constructed according to ASME standards (48). Three dial indi- 
eators with 4-in. dials and 0.0001-in. graduations were used to 
measure the separation h between the plates. Additional details 
of the test fixture and instrumentation are given in reference (42). 


Data 


Pressure-distribution and flow-rate data were taken for a range 
of pressure ratios (P,/P,) from 2 to 12. To minimize leakage 
problems, the tests were run with the supply pressure P, near at- 
mospheric and the exit pressure P, in the vacuum range. The 
dimensions 6 and L were fixed at 6'/,in. and 4 in., respectively, for 
all tests. Inlet-orifice diameters were 0.013, 0.020, 0.040, 0.078, 
and 0.156 in., and passage height h was varied from 0.001 in. to 
0.006 in. 


L 0.0195 
h 

L 


° 
3 


DIMENSIONLESS PRESSURE 


PressurRE DisTRIBUTION AS A FUNCTION OF PRESSURE 
Ratio 


Fie. 10 


Fig. 10 is a typical plot of experimental data for dimension- 
less pressure P/P, at dimensionless distances 2x/L from the inlet 
orifice, in the major flow direction shown in Fig. 7, for over-all 
pressure ratios P,/P, from 2 to 12. Though these curves are for 
a d/L ratio of 0.0195 and an h/L ratio of 0.001, they are represen- 
tative of many of the data taken. The uniform spacing and 
parallelism of the curves for various distances in the flow direc- 
tion 2z/L show that the pressure distribution is linear for a wide 
range of pressure ratios. 

Fig. 11, a typical plot of experimental data for dimensionless 
pressure P/P, for various passage heights h, shows pressure dis- 
tributions in the major flow direction z and at right angles to it in 
the direction z. The over-all pressure ratio P,/P, is 4, and the 
inlet-orifice-diameter to length ratio d/L is 0.0195, the experi- 
mental value for which the dimensionless pressure changes most 
rapidly with changes in passage height h. It should be noted 
that the pressure distribution in both the z and z-directions is 
approximately linear. Since the pressure distribution is linear, 
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the change in load-carrying pressure differential can be described 
by the change of pressure at a particular point when clearance h 
is varied. The dimensionless pressure, designated P,,/P, at a 
diameter just beyond the inlet-orifice diameter or at a dimension- 
less distance very nearly zero, is chosen for purposes of comparison 
and subsequent analysis. 

Fig. 12, constructed from information provided by several plots 
of which Fig. 11 is representative, illustrates the relationship be- 
tween the dimensionless pressure P,,/P,, used for comparison and 
the dimensionless bearing clearance h/L for various pressure 
ratios, These graphs show that the changes in P,,/P, as h is 
varied are most rapid for high-pressure ratios. 

Typical weight-flow-rate data obtained with the test fixture are 
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given in Fig. 13 for a d/L ratio of 0.0195. The flow rate W as a 
function of pressure ratio P,/P, is shown for various clearance 
ratiosh/L. From Fig. 13, the flow is ‘‘choked’’ for pressure ratios 
greater than 12 with even the smallest clearance ratio (0.00025). 


BEARING 


Analysis. After a study of the pressure distributions in the 
simplified flat-plate bearing, the decision was made to carry out 
a simple mathematical analysis of the system. This analysis has 
as objectives an understanding and correlation of the data for the 
simple model and a resultant design procedure for hydrostatic air 
bearings. The system to be analyzed is shown in Fig. 14. 

To restate Equation [9], the force on the full journal bearing 
resulting from a pressure variation AP,, in the simple model is 
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If W is the weight flow rate for a full beariag and W//8 repre- 
sents the flow rate of the model, then for adiabatic, compressi!le 
flow through the annular inlet orifice (49) 


2 
2kg P,, \* 
Win (z=) 


where (, is the discharge coefficient, k is the ratio of specific heats, 
g is a dimensioral constant, and F is the gas constant for air. 
After passing through the annular orifice, the flow expands 
adiabatically to a relatively stagnant condition where the pres- 
sure is P,, and the temperature is 7,. The fluid then flows out 
axially and circumferentially through the clearances. The pres- 
sure distribution in the circumferential direction can be replaced, 
as mentioned in the analysis and illustrated in Figs. 6 and 14, by a 
straight-line segment. Although the flow in the clearance is not 
really one-dimensional, the following equation for isothermal, 
laminar, compressible flow (49) is assumed to hold approxi- 


mately 
4 \ 24uRT, P, P, 

where yu is the coefficient of viscosity. In Equation [11], the 
empirical factor of '/, was determined from one-dimensional 
flow measurements (47). In the steady state, Win = Wou. When 
Equations [10] and [11] are set equal, the dimensionless param- 
eter Fy can be defined as 


[10] 


bP, 


k—1 
Fo => 
Ld 


where D is the full-journal diameter and n is the number of inlet 
holes, the expression for Fy can be written as 


PD 


Physically, the quantity Fy represents the ratio of the downstream 
laminar-flow conductance P,*h*b/(uRT,) to the upstream orifice- 
flow conductance dhP,/(RT',). Since P,/P, is small and does not 
affect the result appreciably, it is assumed to be constant at an 
average value of 0.0198 = C. 

Equation [12] now has the form 


Fo 


or conversely 


When Equation [155] is differentiated with respect to the 
clearance h 


When Equations [17] and [18] are combined with Equation [9] 


Pa 


€ Sh PLD D2 


Combination of Equations [166] and [19] yields as expression for 
the stiffness of the complete journal bearing 


n 4b 
D Fo) 
When Equations [13] and [20] are combined 
2” 
Fo) 


The weight flow is obtained by rewriting Equation [10] in the 
form 


2 
Ww (k — 1)RT, P, ( 
8P,mdhC, 2kg 


Or combining Equations [15b] and [22] 


W 1 


2% 


The functions of F, from Equations [21] and [23] are plotted as 
Solid curves in Figs. 15 and 16, respectively. If an optimum bear- 
ing is defined as one which has a maximum load-carrying capacity 
per unit of supply pressure P,, then the design value of 7’) should 
be such as to place (2/m)n/e near the peak of the stiffness curve of 
Fig. 15. Since the mass flow of air required to support a load in- 
creases with Fo, the minimum air flow is obtained when F, is 
small, as can be seen from the dotted curve of Fig. 16. 
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Correlation of Analysis and Simulation. Fig. 17, compiled from 
data from the flat-plate simulation, may be compared with the 
theoretical-stiffness plot of Fig. 15. From Equation [9], the bear- 
ing stiffness per unit supply pressure is proportional to the slope 
of the curve of P,,/P, plotted against h/L. The simulation plot, 
Fig. 17, predicts the following trends in bearing efficiency-to- 
attitude ratio: 


1 Ash/L increases from small values, the dimensionless stiff- 
ness increases, reaches a maximum value, and decreases to zero. 

2 Similarly, as d/L increases, dimensionless stiffness also in- 
creases, peaks, and decreases. 

3 Dimensionless stiffness increases with bearing pressure ratio 
for low pressure ratios, as predicted by Fig. 12. ° 


These three trends are predicted similarly in Fig. 15 from the 
theoretical curve of stiffness plotted against Fo. Since the assump- 
tions associated with the Fo plots are invalidated when the flow 
velocity in the bearing clearance approaches sonic speed, the 
theoretical curves cannot be expected to predict full-bearing per- 
formance when Fp is large. However, such a discrepancy is not a 
serious practical limitation because maximum stiffness and mini- 

mum air consumption require the design value of Fy to be small. 
' Bearing Design. To affirm the validity of the simulation and 
analysis that lead to design relationships for a hydrostatic journal 
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bearing with inherent orifice compensation, a bearing was de- 
signed and tested. The design procedure for the test bearing is 
developed in detail as a sample problem for the designer wishing 
to use this type of bearing. 

The parameters most frequently specified in a bearing prob- 
lem probably would be the load capacity F and the supply pressure 
P, at which air is available, though it is not necessary to begin 
with these two parameters in every design problem. Require- 
ments of 18-lb load cap..city and 150-psi supply pressure are as- 
sumed for the test bearing. To insure that metal-to-metal contact 
will never occur in the bearing, a maximum eccentricity € of 0.5 


‘also is assumed. 


As in other types of design, it is well to incorporate a safety 
factor. The experimental work to be described later shows that a 
factor of 2 should give good results, Therefore in all calculations 
the required load capacity has been multiplied by 2. To optimize 
the design according to the simulation and analytical work, the 
design parameter Fy of Figs. 15 and 16 is chosen to have a value of 
0.4 in order that dimensionless stiffness be near its maximum 
value, approximately 0.25, and dimensionless flow rate be as low 
as possible, 0.22, without sacrificing stiffness. From these con- 
siderations, the equation for dimensionless stiffness is written 


2n 
Te 


If the values of P,, €, and F are substituted 


236) 


LD = 


The length of the bearing L now is chosen arbitrarily as 1 in., with 
the result that the diameter D is 1.25 in. The hole spacing } is 
then rD/8 or 0.49 in. The remaining geometric parameters to be 
determined are inlet-orifice diameter d and bearing clearance h. 
From Equation [14], the relationship for the design parameter Fo 
is written 

2kg RT, 192~C, Ld 

If the values of k, R, 7’, and wu are substituted for air at room tem- 
perature, this relationship simplifies to 
P.D 
Ca 


[26] 


0.4 = 65 


Since P,, D, and L have been determined, and C, has an as- 
sumed value of 0.9, Equation [27] further simplifies to 
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Practical machining methods limit the values to which A and d 
can be reduced. A value of 0.020 in. is chosen for d, with the 
knowledge that it is a feasible hole size to drill and that the size 
may have to be increased if h is less than a practical size. 


h? = 57.5 X 10 
h = 0.00075 in. 


This bearing clearance is satisfactory for a bearing length of 1 in. 
and diameter of 1.25 in. The geometric parameters are listed as 
follows: 

1 in. 

1.25 in. 

0.49 in. 

= 0.020 in. 
h = 0.00075 in. 


To check the calculations and to verify the consistency of chosen 
dimensions with the simulation results, the clearance-to-length 
ratio h/L and the inlet-orifice-diameter to length ratio d/Z should 
be computed. For this design 


d 0.020 h 0.00075 


= 7.5 X 10~* 
L x 


As shown by the point marked with an z in Fig. 17, these ratios 
result in a design that lies within the region of maximum stiffness 
and is practical to build. 

Bearing Test Fixture. The hydrostatic-bearing design just de- 
scribed was incorporated in the bearing test fixture shown in Fig. 
18. The highly polished shaft and smoothly honed sleeve shown 


Fie. 18 Bearine Test Fixture 


in this view were used for tests with a nonrotating shaft. The 
bearing surfaces have surface roughnesses less than 4y in. rms. 
As shown, the entire structure of the fixture was made rigid to 
minimize deflections other than that of the loaded bearing sleeve 
and was protected from corrosion by a black-oxide coating. The 
fixture is comprised of a rigid, stationary shaft mounted firmly 
in a main frame, and a movable bearing sleeve to which a load can 
be applied. The fixture, however, was designed for extensive test- 
ing of bearings with high-speed rotating shafts and with dy- 
namic loads. Tests with dynamic loads will be reported in a sub- 
sequent paper. 

Instrumentation. The instrumentation aad a schematic dia- 
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gram of the test fixture are given in Fig. 19. Air supply pressure 
P, was measured by a calibrated gage, and flow W was metered 
by a calibrated orifice which utilized a differential water manome- 
ter. 

The bearing was loaded an amount AF by standard weights 
attached to the bearing sleeve. The displacement of the bearing 
sleeve y under a load AF was measured as a voltage output from 
a linear differential transformer with a sensitivity of 2 mv per 
0.0001 in. The linear differential transformer was calibrated in a 
standard fixture with a dial indicator having 0.0001-in. gradua- 
tions. The primary excitation for the transformer was supplied 
from a 5-ke fixed-frequency oscillator and monitored on a vac- 
uum-tube voltmeter. The output voltage was read on a second 
vacuum-tube voltmeter. An ohmmeter was connected between 
the sleeve and journal to indicate when metal-to-metal contact 
was made between these members. 

Data. The test bearing was subjected to a wide range of loads 
at supply pressures up to 200 psi. A typical load-deflection 
curve is given in Fig. 20 for a fixed supply pressure of 90 psig. In 
this graph the slope of the curve indicates that bearing stiffness 
is constant for small deflections but decreases rapidly at large de- 
flections. From the slopes of a number of load-deflection curves, 
such as Fig. 20, at various supply pressures, the stiffness k, versus 
supply-pressure curve of Fig, 21 has been made. This curve indi- 
cates that stiffness increases linearly with supply pressure up to a 
stiffness of 100,000 Ib/in. and then drops off rapidly as the supply 
pressure is increased beyond 160 psia. 

Fig. 22 is a plot of weight flow rate of air supplied to the bear- 
ing as a function of supply pressure. For constant supply pres- 
sure P,, the weight flow of air to the bearing varies a negligible 
amount with shaft deflection, up to nearly full deflection, 

Since variation of supply pressure changes the design parameter 
Fo, the experimentally measured values of dimensionless stiffness 
and weight flow rate for the total bearing are plotted as dotted 
curves in Figs. 15 and 16 for comparison with theoretical values. 
As expected, the experimental stiffness drops off more rapidly 
than predicted. Since a well-designed bearing operates at or be- 
low the maximum stiffness, this limitation is not serious. 
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REsULTS 


The test results of the full journal bearing agree with the pre- 
dicted steady-state performance to within 20 per cent. The Fo 
plots, which were derived analytically, may be used up to the 
point of maximum stiffness for bearing design in the range of d/L 
and h/L included in the simulation. It is recommended that the 
designer use caution in extrapolating beyond the range of parame- 
ters covered iti the simulation. The trends of stiffness and weight 
flow rate in this type of hydrostatic bearing are predicted equally 
well by the simulation or by the analytical curves. However, 
since experimental verification of the Fy curves was obtained by 
varying only P, at constant d/Z and h/L, more tests should be run 
to prove that the same curves would be obtained if the bearing 
geometry were changed. Nevertheless, simulation results indi- 
cate that the shape of the curves would remain the same. 

The test results obtained from the experimental journal bearing 
indicate that the somewhat crude assumptions used in simplifying 
the design problem were justified. By means of the information 
contained in this paper, the engineer can design reliable and 
efficient hydrostatic air bearings with inherent orifice compensa- 
tion. 
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Specific Heats of Liquid Metals 
and Liquid Salts 


By T. B. DOUGLAS,' WASHINGTON, D. C. 


In view of the general use of liquid metals and liquid 
salts in heat-transfer systems at high temperatures, their 
specific heats are reviewed. First, the general method of 
measuring them is described, and the more important 
sources of error are discussed. Known data are then 
examined on a volume basis, and two examples are pre- 
sented which bear on the relation of the specific heats of 
mixtures to those of their components. It is finally shown 
that the specific heats of most liquid metals and liquid 
salts, when converted to an atomic basis, appear to be 
sufficiently alike to justify an approximate prediction in 
many cases for which no data exist. 


INTRODUCTION 


HE past few years have seen a growing number of particular 

liquid heat-transfer media whose characteristics at high 

temperatures have become of engineering importance. 
Just as often, the need has arisen to choose some liquid whose 
over-all combination of pertinent properties is suitable or at least 
favorable. Since the choice of such liquids usually must be 
limited to those that are chemically stable at high temperatures, 
it is natural that liquid metals and liquid salts have played a 
major role in this field. 

One is immediately confronted with a very considerable dearth 
of physical data on these liquids in the existing literature. In 
general, one often seeks to estimate properties at other tempera- 
tures, when they are not available, by making use of the large 
amount of data usually available for the region near room tem- 
perature for the particular material or an analogous one. In 
the case of metals and salts this is rarely possible, for these form 
unique types of liquids which, with a few exceptions, do not exist 
except at higher temperatures. 

Homogeneous liquid mixtures of metals (alloys) and of salts 
are even more widely used than pure metals and pure compounds. 
Often a key material needs dilution or sometimes the wider tem- 
perature range over which most mixtures exist in the liquid state 
isan advantage. Yet even scarcer are the physical data for such 
mixtures, excepting a limited number of particular materials 
which in recent years have been measured specifically for heat- 
transfer purposes. 

This paper considers only one of the important heat-transfer 
properties of liquid-metal and liquid-salt systems, specific heat. 
Without an attempt to be completely comprehensive or very 
critically selective, the available data that were found are 
systematically presented in several ways that to some degree 
reveal useful generalizations. 
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NOMENCLATURE 


It has been customary to use the general term “heat capacity” 
to designate the amount of heat required to raise by one degree 
the temperature of a given amount of a material when the units 
are generalized or unspecified, and to limit the term “specific 
heat’’ to the use of those particular units (calories per gram-degree 
C or Btu per lb-deg F) which approximately express the ratio 
of the heat capacity of a material to that of the same mass of 
liquid water. Although various combinations of units are used 
in this paper, it seems less confusing to use the common term 
specific heat in all cases where a definite amount of material is 
meant, including the terms ‘‘volumetric specific heat’’ and ‘‘atomic 
specific heat.” 


TABLE 1 UNITS USED TO EXPRESS SPECIFIC HEAT 


1 calorie (deg = 1 Btu 
1 


lb (deg 

1 calorie em~* (deg C)~! = 62.43 Btu 
ft~* (deg 

1 calorie (mean-gram-atom) ~'(deg C)~! 
= 1 Btu (mean-lb-atom) “(deg F)~! 


Per unit volume........... 


Per fixed number of atoms. . 


The units used in this paper are listed in Table 1. The specific 
heat on any “‘mass’’ basis can be converted to the corresponding 
“volume” basis by multiplying by the density in the appropriate 
units, or to an “atomic’’ basis (fixed number of atoms) by multi- 
plying by the mean atomic weight. The mean atomic weight 
of a compound is the chemical-formula weight divided by the 
number of atoms in the formula. 


EXPERIMENTAL MEASUREMENT 


The most direct determination of the specific heat of a material 
is by the measurement of the heat it absorbs or evolves in a 
known temperature change. As the rate at which it heats or 
cools is inversely proportional to its specific heat, other factors 
being equal, this method has often been used as a rapid means 
of measuring specific heats by comparison with similar experi- 
ments on materials of known specific heat. It is difficult, how- 
ever, to match over-all convective and radiative heat losses, or to 
allow for their differences, in two such cases. For this reason 
the specific heats computed from such data have often been sub- 
ject to much larger errors than those suspected. 

The more accurate technique is obviously to measure the heat 
absorbed or evolved in a definite temperature change, with the 
material in thermal equilibrium with its environment at the 
initial and final temperatures. Even this more refined method 
is difficult to carry out directly over a relatively small tempera- 
ture interval at high temperatures, for the large unaccountable 
radiative loss or gain of heat is likely to be considerable unless 
elaborate shielding precautions are used. For this reason, most 
accurate measurements of specific heats at high temperatures 
have used the “drop” method, in which a specimen of the ma- 
terial, after being brought to a known temperature in a furnace, 
is dropped into a calorimeter which, operating near room tem- 
perature, measures the heat the specimen evolves in cooling to 
the calorimeter temperature. The measurement is repeated at a 
number of different furnace temperatures. The material may 
solidify or undergo other heat-evolving transitions as it cools. 
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But such secondary effects usually cancel out when the measured 
relative enthalpies, referred to the same calorimeter tempera- 
ture, are differentiated with respect to temperature to obtain 
the specific heat of the liquid at temperatures other than those 
at which transitions occur. 

In general, the specific heat of a liquid never changes rapidly 
with temperature, so that the choice of a few furnace tempera- 
tures is usually sufficient. The material loses some heat as it 
drops into the calorimeter and this is obviously not the same for 
different furnace temperatures. But except at very high tem- 
peratures this error need not be large and may be estimated or, 
more accurately, eliminated by measurements on the empty 
container at the same furnace temperatures. Evaporation of the 
specimen, oxidation if it is a metal, or hydrolysis if it is a salt, are 
possible side effects at high temperatures which obviously must 
be prevented or corrected for, if they might lead to errors signifi- 
cant in relation to the accuracy sought. 

Aside from the foregoing sources of error, the following addi- 
tional ones are usually more serious and account, one suspects, 
for much of the poor agreement of many specific _ data 
obtained by the drop method: 


1 The mean temperature of the specimen in the furnace may 
not be known accurately enough, particularly if the specimen is 
placed in a region of considerable temperature gradient. 

2 The derivation of specific heats by the drop method usually 
involves differences between relatively large amounts of heat, 
which may not have the additional percentage accuracy needed 
to yield specific heats with the accuracy desired. For example, 
if the relative heats of a liquid are measured at 900 and 1000 F 
and each is independently uncertain by 1 per cent, the difference 
can be uncertain by an amount as large as 20 per cent. This 
difference divided by the tere-erature difference and the mass 
of the sample represents the mean specific heat of the liquid 
between 900 and 1000 F and is approximately the true specific 
heat at 950 F. 

3 The specimen may reach the calorimeter temperature in a 
condition other than an equilibrium one, either through the 
presence of mechanical strains (particularly in the case of a hard 
solid metal or alloy) or because of lack of phase equilibrium. 
(The last stages of reaching equilibrium may involve a repro- 
portioning of components among solid phases, which is usually 
very slow near room temperature, or a liquid not far below its 
freezing point may actually fail to freeze.) Despite such com- 
plications, no error in the specific heat of the liquid results if 
the condition in the calorimeter is reproducible, but if it is not, 
the magnitude of the effect may depend systematically on furnace 
temperature. There is also a possibility of error involved in 
dealing with a specimen which, because of some such slow change, 
continues to evolve considerable heat in the calorimeter over long 
periods of time. Furthermore, the resulting errors in specific 
heat are magnified as discussed in item 2. 


We have used the drop method at the National Bureau of 
Standards to measure accurately the specific heats of solids and 
liquids at high temperatures. Detailed descriptions have been 
published elsewhere (1).? Particular attention has been paid 
to minimizing errors, see items 1 and 2. The core of the furnace 
used up to 900 C (1650 F) is surrounded by a silver pipe 10 in. 
long and of '/: in. wall thickness. By keeping the heat flows 
at its ends small, a considerable length is provided which is very 
nearly isothermal. A Bunsen ice calorimeter is used which gives 
a heat measurement with a precision of approximately +0.1 
calorie, a determination of specific heat with a precision of 


? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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about +0.1 per cent, and an accuracy often limited by the 
purity of the sample measured. 

Fortunately, in most of these measurements there has been no 
evidence of any appreciable error of type 3. Only in two cases, 
one an alloy of sodium and potassium and the other an alloy of 
lead and bismuth, was there prolonged heat evolution in the 
calorimeter. The phase diagrams of both systems indicate 
solid-solid reproportionings in the process of reaching equilibriu n 
at the ice temperature, and it was necessary to extrapolate th» 
heat evolution to infinite time, in spite of which there was 
considerable loss of precision in the final results. The container 
materials used in the NBS measurements are typically exemplified 
by stainless steel Type 347 for the alkali metals and pure silver 
for liquid salts. 

The NBS measurements of specific heat include a number of 
liquid metals and liquid salts whose heat-transfer characteristics 
were needed (2). The results for all those not subject to security 
classification are summarized in Table 2. The first column 


TABLE 2 MEAN SPECIFIC HEATS OF LIQUID METALS AND 
LIQUID SALTS apa teins NATIONAL BUREAU OF 


(In calories per mean-gram-atom deg-C or Btu per mean-lb-atom deg-F) 
Tempera- 
ture coef- 


-——Mean specific heat——~ 
B ficient 


Freezing ul- 
point, letin 
deg C NBS 476 


Metals and Alloys 


(per cent 


Temp, 
per deg C) 


Composition deg C 


181-400 
7.50 


9Pb + 11Ri... 


N 101 I 
Li! 


Li” 
KCl. 


indicates the approximate stoichiometric chemical composition 
of the liquid. The second column shows the approximate freez- 
ing point, or liquidus temperature. The third column gives 
the NBS value of the mean specific heat of the liquid over the 
temperature interval in the fifth column. The fourth column 
lists for comparison the corresponding specific heats to be found 
in the comprehensive and critical compilation of Kelley (3), 
which covers the published literature up to 1949. (To be 
consistent with a later section of this paper, the specific heats 
are given in calories per mean-gram-atom degree-C or in Btu per 
mean-pound-atom degree-F, these two units being identical.) 
It will be seen that the agreement between the values of columns 
3 and 4 varies from excellent to a 10 per cent disagreement in 
the case of liquid potassium chloride. In the latter case the 
NBS value is believed to be accurate to within +'/, per cent. 

The last column of Table 2 gives the temperature coefficient of 
specific heat of the liquid over the temperature range stated in 
the preceding column, as indicated by the NBS results. Al- 
though the specific heats of most solids increase with tempera- 
ture, sometimes rapidly, and this is true also of many liquids, 
it appears from our results that the specific heat of a liquid metal 
or liquid salt is very likely to decrease slowly with increasing 
temperature in the region just above its freezing point. It may 
be mentioned that x-ray diffraction patterns of liquid elements 
(4) provide an independent reason for expecting that just above 
its freezing point such a “monatomic” liquid (one without 
molecular bonds) may show an enhancement of its specific heat. 
This effect has been explained as being due to what is virtually 
a continuation, above the freezing point, of the process of 


Na 98 29 —0.026 

2Na + °K 25 31 25-400 02 
3Na + 2K 10 35 10-400 —0.028 

33 0-400 —0.023 
K Sate a 63 34 7.80 63-400 —0.020 
327 10 6.80 327-900 -—0.010 

125 os 125-800 —0.02 

68 6.61 — 39-100 —0.024 

Salts 
819 6.78 6.80 319-700 -0.007 
S48 7.76 848-900 0.0 

607 7.75 607-900 —-0.010 

352 8.46 352-800 O14 

771i 8.79 8.00 771-900 0.00 
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atomic 
Though in a few cases our measurements did not cover 
a large enough temperature range to permit evaluation of the 
temperature coefficient accurately, for some liquids in Table 2 
the measurements were actually carried to much higher tempera- 
tures. These additional results, however, are not included in 
the table; in many of these cases the curve of specific heat 
versus temperature was found to pass through a minimum and 
the temperature coefficient is therefore positive in the higher 
temperature ranges. 


fusion, with the gradual diminution of short-range 
order. 


Sreciric HEATs ON A VOLUME Basis 


The thermal diffusivity of a material is defined as the ratio of 
the thermal conductivity to the product of the specific heat and 
the density. The denominator of this expression is the specific 
heat per unit volume. Partly for this reason, it seems worth 
while to compare the volumetric specific heats of those liquid 
metals and liquid salts where the necessary values, the specific 
heat per unit mass and the density, are both known. 

Values for a number of liquid metals and alloys are given in 
Table 3, in the order of increasing volumetric specific heat. Table 
4 similarly gives values for a number of liquid salts. The specific 
heats per unit mass were taken from compilations and the 
recent literature (2, 3, 5 to 8); the values of density used are 
from compilations (5, 9). 

Although specific heats of similar substances are usually more 
nearly alike when computed on a volume basis than on a mass 
basis, we see that the volumetric specific heats of these liquids 
vary widely (by a factor up to 10) and with but little apparent 
system. However, Table 3 shows that the alkali metals (except 
for lithium) have the lowest volumetric specific heats. These 
metals are the softest in the solid state, and because of their low 
cohesive forces have the lowest melting and boiling points. On 
the other hand, those metals such as copper and iron which are 
the hardest as solids or which because of their unusually high 
cohesive forces have the highest melting points, have the highest 
volume specific heats of the metals listed here. The regularities 
in these cases can be correlated definitely with abnormally high 
and low atomic volumes, respectively. 
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A few qualitative generalities among the silts listed in Table 
4 may be noted. If we list for each anion the cations in the order 
of increasing volumetric specific heats of the corresponding salts, 
the following orders of cations appear: (F) K, Na, Li; (Cl) 
Al, K, Na, Ca, Pb, Li, Ag; (Br) Al, Pb, Ag; (I) Al, Sn, Hg, 
Pb; (NO,;) K, Li, Ag, Na; (OH) K, Na. In the same way a 
comparison of various anions in combination with a given 
cation gives the following orders of anions: (Al) I, Br, Cl; (Pb) 
I, Br, Cl; (K) Cl, SO, F, NO;, OH, Cr20;; (Na) Cl, F, AlFs, 
NO;, OH; (Li) Cl, NO;, F; (Ag) Br, Cl, NO;. It must be 
recognized that the tabulated values, on which these orders are 
based, are not of equal accuracy. Furthermore, considering 
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all the possible combinations of these few ions, there are many 
gaps in the table. Nevertheless, with two exceptions [(NO,) 
Li, Na; (Li) Cl, NO,], any pair of ions appearing in more than 
one of the foregoing sequences is found to do so in the same order, 
a fact suggesting the relative magnitudes one might expect for 
the volumetric specific heats of other salts of these ions. In 
the case of the alkali metals or the halogens, these regularities 
can be explained as an increase in the volumetric specific heat 
with decreasing atomic volume, for it will be shown in a sub- 
sequent section that their atomic specific heats are approxi- 
mately alike. 

Most of the specific heats that have been reported for liquid 
metals and liquid salts consist of a single mean value for a stated 
temperature range. It can be seen from the last column of 
Table 2 that the variation with temperature tends to be small, 
and the experimental accuracy has often not been sufficient to 
justify stating a temperature coefficient. Fig. 1, based on NBS 
specific-heat data (2), shows the variation of volumetric specific 
heat with temperature for several materials for which the neces- 
sary densities are available. We have seen that the ‘‘mass”’ 
specific heat of these liquids usually decreases with increasing 
temperature (near the freezing point). The volumetric specific 
heat decreases more rapidly, because the density itself invariably 
decreases. 


Appitivity or Speciric Heats or MrxtTuREs 


The frequent occasion to work with mixtures has been referred 
to in an earlier section. Because continuous variations in the 
proportions of the components make possible an enormous 
number of virtually different materials, it would be a great 
advantage if one were able to calculate the specific heat of a 
mixture from the values for its chemical components. 

The specific heats of mixtures of components which are im- 
miscible are obviously strictly additive; i.e., the heat capacity 
of a given amount of the mixture is equal to the sum of the heat 
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capacities of its components, calculated for the actual amounts 
present in the mixture. Furthermore, it is obvious that any 
consistent units whatsoever can be used in such a calculation. 
Thus the value for the mixture can be obtained by averaging the 
specific heats of the components in the proportion of weight 
fractions, volume fractions, or mole fractions, depending on 
whether the specific heats are expressed per unit weight, per 
unit volume, or per mole, respectively. 

When the components are miscible, most properties of the 
resulting solution are not exactly additive. As we shall see in 
the next section, however, the specific heats of solutions of 
liquid metals or of liquid salts are probably roughly additive. 
Moreover, in general we expect two similar substances to show 
approximately additive properties. For example, according to 
the values in Table 6 a liquid mixture of 27 moles of LiOH and 
73 moles of NaOH has a specific heat only about 4 per cent 
different (higher) from that calculated additively from the specific 
heats of pure LiOH and pure NaOH. It may be noted that the 
value so calculated is considerably closer to the experimental value 
than the average for most of the liquid salts of Table 6, which is 
12 per cent higher. Th.. average value otherwise might have 
been assumed for the unknown specific heat of the mixture. 

There are but few cases known where the specific heats of 
solutions of liquid metals or salts and their pure components have 
been determined accurately enough to test the degree of de- 
parture of this property from additivity. The examination of 
a few cases where the data themselves may be some 5 or 10 per 
cent in error is apt to suggest false generalizations. 

We have so far obtained data at the National Bureau of Stand- 
ards at several temperatures for one liquid-metal system, 
sodium-potassium, and for one liquid-salt’ mixture, the eutectic 
composition of lithium and potassium chlorides. These results 
are shown in Figs. 2 and 3, respectively. It will be seen from 
Fig. 2 that the specific heats of the sodium-potassium liquid alloys 
appear to be additive within about '/2 per cent, which is essen- 
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tially within the uncertainty of the data. This case should not 
be taken as typical of liquid alloys. Many pairs of liquid metals 
are known to mix with a heat absorption or evolution ten or 
even twenty times as great as sodium and potassium, and it is 
very likely that their deviations from specific-heat additivity, 
which are measures of how rapidly the heats of mixing change 
with temperature, are correspondingly large. 

The temperature range over which the specific heats of all 
three of the salt liquids in Fig. 3 were actually measured is quite 
small, since the mixture is liquid over a much longer temperature 
range than its components. At 800 C the specific heat of the 
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mixture is about 3'/2 + 1 per cent greater than additive. As 
might be expected, the deviation appears to be substantially 
greater at lower temperatures, though the necessity of extrapolat- 
ing the curves of the pure components to below their melting 
points increases the uncertainty of the resulting comparisons 
at those temperatures. At any rate, no precise generalization 
for liquid salts on the basis of a single example could be advanced 
with confidence. 


PrepictinG Sreciric Heats 

In some cases the specific heats of metals and salts have been 
measured up to their melting points, but with no values being 
reported for the liquid state. It has been predicted theoretically, 
and verified experimentally in the great majority of known cases, 
that the specific heat per unit mass of a substance is within a 
few per cent of being the same in the solid and liquid states at 
the melting point. An estimate for the liquid from the value 
for the solid is thus available. In applying this rule, however, 
it must be remembered in the first place that the specific heats of 
many solids increase rapidly with temperature, so that a value 
at a single temperature considerably below the melting point, 
such as one at room temperature, may give considerably too low 
an estimate for the liquid. In the second place, specific-heat 
measurements often have been made on rather impure solids, 
and in these cases some melting usually takes place over a tem- 
perature range below the melting point of the pure solid. Be- 
cause of the heat of this melting the apparent specific heat of the 
solid rises rapidly with temperature just below the melting point 
and not uncommonly reaches several times the true value for 
the pure solid, even though the proportion of impurity may be 
as small as 1 or 2 per cent. 

The most useful simple rule for predicting the approximate 
specific heat of a liquid composed of one or more metals or salts 
is based on the approximate constancy of the atomic specific 
heat; e.g., the specific heat computed per gram-atom or per 
pound-atom. This is an old rule which was first applied over a 
hundred years ago in the form of purely empirical laws—Dulong 
and Petit’s law for solid chemical elements and Kopp’s law for 
solid compounds—according to which the specific heat per unit 
mass multiplied by the mean atomic weight is in most cases ap- 
proximately 6.4 (calories per mean-gram-atom degree-C or 
‘tu per mean-pound-atom degree-F). Kelley* and others have 
given average values for liquid metals and liquid inorganic com- 
pounds. According to modern theories, at sufficiently high 
temperatures the contribution of every atom to the specific heat 
is approximately the same, even for the liquid state. There are 
a number of minor effects which in some cases are large enough 
to invalidate the rule, so it remains to examine those specific 
heats that have been observed to establish the limits of validity 
for liquid metals and liquid salts. 

All the liquid metals and alloys for which experimental values 
are reported in the references given previously (2, 3, 5, 6, 7, 8) 
are listed in the order of increasing atomic specific heat in Table 
5. Liquid salts and salt mixtures are similarly listed in Table 6. 
For each substance the single value given can be taken as ap- 
plying to a temperature region which is just above the melting 
or freezing point and which is comparable in magnitude to those 
of Table 2. 

Turning to Table 5, if we omit the last five entries, which will 
be discussed later, the remaining 35 liquid metals and alloys are 
found to have an average atomic specific heat of 7.4. Further- 
more, speaking approximately, half of the atomic specific heats 
fall within +3 per cent of this average value, */, fall within +5 per 
cent, and all fall within +12 percent. This suggests a fairly high 
probability that if the atomic specific heat of a liquid metal or 
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alloy is assumed to be 7.4, the true value is not different by more 
than +5 per cent. In many preliminary design problems this 
accuracy would be sufficient. 

The spread of values for the liquid salts in Table 6 is considera- 
bly greater. If we omit all entries containing nitrogen or hydro- 
gen (i.e., the nitrates, hydroxides, and NH,HSO,, which will be 
discussed later), the remaining 43 liquids have an average atomic 
’ specific heat of 8.1, which is substantially higher than the mean 
value 7.4 found for the metals and alloys of Table 5. Of these 
43 atomic specific heats, approximately a third fall within +3 
per cent of this mean, half are within +6 per cent, and */, are 
within +10 per cent. 

If the number of liquid metals and liquid salts whose specific 
heats are known were much larger, a number of regularities, or 
rather systematic deviations from mean values, might appear, 
permitting a more refined correlation. At present we must be 
content to consider only a few types of metals or chemical 
compounds, those with enough representatives of known specific 
heat to justify treating their departures from the over-all averages 
as generalities. 

The last five metals in Table 5 have atomic specific heats 
considerably higher than most of the other metals. These five 
are all so-called ‘transition metals,’ appearing near the middle 
of their respective long periods in the periodic table, and their 
electronic specific heats are known to make unusually large 
contributions to their total, or observed, specific heats. 

Enough ef the nitrates and hydroxides in Table 6 have low 
atomic specific heats to justify treating these types of salts sepa- 
rately from the others. The bonds in many radicals are so 
tight (or, in other words, have such comparatively high fre- 
quencies of vibration) that the atoms in such radicals do not 
vibrate as freely as if they were not so bonded together. This 
is particularly true of bonds involving hydrogen, as well as such 
double bonds as the nitrate ion is believed to contain, and would 
presumably be true in the case of liquid carbonates also. A 
much better correlation with the atomic specific heats in Table 
6 can be obtained by assuming that each gram-atom in a nitrate 
ion contributes only 5.7, and that each gram-atom in a hy- 
droxide ion contributes only 6.5, thus giving a lower average 
atomic specific heat for those particular compounds than the 
general value 8.1. A similar procedure can be used for other 
classes of liquids if the specific heats of some members have been 
measured and it is desired to estimate a value for another member 
on which no measurements have been made. 

The last column of Table 2 gives some indication of the un- 
certainty introduced by extrapolating the specific heat of a liquid 
metal or liquid salt to other temperatures than the region of 
measurement. In so far as these few temperature coefficients 
show, we may judge that we may assume an average decrease of 
2 per cent per 100 deg rise in temperature. There are, however, 
two notable exceptions to the rule that the specific heat of a 
liquid decreases with increasing temperature: (a) As tempera- 
tures several hundred degrees higher than the melting point are 
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reached, the specific heats of most liquids, even if they were 
decreasing, appear to start increasing with temperature, as 
previously noted; and (6) if the atomic specific heat of the liquid 
is much lower than the average values for most liquids, it is 
likely to increase with temperature at all temperatures until it 
approximates the “normal” value at higher temperatures. Such 
is true of liquid NH,HSO, (3). 

Bearing in mind the limitations discussed, it appears feasible 
to estimate approximately, using empirical values on the atomic 
basis, unmeasured specific heats of liquid metals, salts, and 
mixtures of these types. Further, one may occasionally find in 
the literature an experimentally determined specific heat so far 
out of line on this basis that one is justified in questioning the 
reliability of the particular value reported. 
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‘Each item presents the heat content and other thermodynamic 
data for the particular element indicated in the specific reference. 
The complete titles are cumbersome and so have been omitted. 


Fuel Elements for Nuclear Reactors 


By J. B. ANDERSON,' NEW YORK, N. Y. 


A general discussion is presented of the basic require- 
ments for fuel elements for nuclear reactors and of the 
heat-transfer characteristics affecting the selection of a 
fuel element design. This is followed by a presentation of 
typical fuel elements along with a discussion of their 
potential performance and applicability in line with the 
basic requirements and heat-transfer factors discussed 
earlier. 


INTRODUCTION 


N ORDER to utilize the heat of the fission process for the 

I generation of power, the fissionable material or fuel must be 

formed into a unit of proper geometry to permit control of 

the process and safe removal of the heat generated. This unit is 

the reactor core, and the fuel element components of this core 

are one of the major concerns in the development of nuclear 
power. 

Basic REQUIREMENTS FOR FueL ELEMENTS 


A reactor core for the generation of power is first of all a heat- 
transfer design with the prime purpose of producing heat at the 
maximum possible rate. This heat must be removed from the 
core and transferred to the steam generator in the most efficient 
manner. Important as they may be, all other considerations are 
primarily limitations on the achievement of an optimum heat- 
transfer design. It is necessary to consider all facets of the design 
and the optimum combination is arrived at by a careful compro- 


mise of the heat-transfer design with the physics, mechanical 
design, and metallurgical factors. 

Generally the size of a reactor core is determined by the volume 
necessary to contain the number of fuel elements providing the 
specified heat-transfer area and by the required volume of the 
coolant and moderator which is a function of the type of reactor 


under consideration. The exception occurs in the case of very 
small cores where critical mass limitations, rather than heat- 
transfer requirements, may dictate the size. 

If the fuel elements are finely divided, there will be more heat- 
transfer surface per unit of core volume and per pound of fuel; 
however, the fabrication cost will be greater. Low fabrication 
cost is always a consideration, but it is of utmost importance in a 
reactor for low-cost power generation. Therefore designing fuel 
elements for economic electric power generation requires a some- 
what different basis than designing fuel elements for compact, 
high-performance military power plants. 

A number of basic considerations apply to all fuel elements, as 
follows: 

1 Geometry: 

(a) A form giving a high surface to-volume ratio is desired. 

(b) The form must be such that the coolant can remove the 
heat with maximum efficiency from the entire surface of the fuel 
element. 

(c) High pressure-drop forms are acceptable only when ac- 


1 Combustion Engineering, Inc. 
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companied by a proportionately greater gain in heat-transfer 
rate. 

2 The fuel element must be of the simplest design consistent 
with the performance demanded. 

3 Mechanical stability is essential and must be balanced with 
the heat-transfer demands for thin elements. Mechanical in- 
stability and the resulting distortions are produced by structural 
loads, vibrations, pressure differences, and thermal stress. 


4 The minimum amount of structural material is desired for 
fuel element support within the core. Thus a fuel element that is 
self-supporting is the optimum for this consideration. 


5 Cladding is generally required for corrosion protection and/ 
or fission product containment. Since it is possible for some of the 
best corrosion-resistant imaterials to be eliminated from con- 
sideration by nuclear limitations, the maximum allowable surface 
temperatures may be limited by corrosion. 


6 Ease of fabrication and low cost are desirable. These usu- 
ally go together. Simple geometries need to be exploited fully for 
this reason, and also because they may more easily lend them 
selves to mass production with even greater savings in cost. 


Heat-TRANSFER CHARACTERISTICS AFFECTING SELECTION OF 
Fue. Desian 


The greatest efforts toward improved heat-transfer performance 
should be directed to the water and gas-cooled reactors, as op- 
posed to liquid metal-cooled applications, since a greater poten- 
tial gain exists in these cases. 

The high conductivity and low film drop of sodium (the com- 
monly used liquid metal today) precludes the necessity for an ex- 
tensive design effort to improve the heat-transfer coefficient. The 
primary factor in determining sodium coolant flow rates is 
usually the allowable temperature rise as limited by thermal 
stresses and the high-temperature strength of the metals used. 
Obviously, simple shapes and assemblies with minimum pressure 
drop and low fabrication cost are desired. 

For water and gas-cooled applications, improved heat-transfer 
rates are obtained by increased turbulence over the heat trans- 
fer surface. This may be produced by a high coolant velocity in 
parallel flow or by interrupted surfaces such as crossflow over tube 
banks. A high heat-transfer coefficient is obtained for interrupted 
surfaces at a lower coolant flow rate than for continuous sur- 
faces, thus pumping power usually is not adversely affected. 

In parallel flow the heat transfer coefficient is generally deter- 
mined by the Colburn equation 


hD DG 
— = 0,023 | —— et 


coefficient of heat transfer between coolant and surface, 
Btu/(hr)(sq ft) (deg F) 

equivalent diameter, ft 

mass velocity, lb/(hr)(sq ft) 

viscosity of fluid, lb/(hr) (ft) 

specific heat at constant pressure, Btu/(Ib) (deg F) 

thermal conductivity of fluid, Btu/(hr) (sq ft) (deg F/ft) 


For crossflow over tube banks the correlation developed by 
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Kays and Lo at Stanford University? agrees very closely with that 
of other investigators. When more exact information is lacking, 
this may be used as an approximation for calculating interrupted 
surfaces that closely resemble tube banks 


h 
—, = Stanton dimensionless group 


where 


= = Prandtl number 


DG 


= Re = Reynolds number 


C, = arrangement factor for tube-bank configurations 


Dividing Equation [2] by Equation [1] and solving for the 
ratio of heat-transfer coefficients results in the following relation- 
ships 

h, 1 


h, 0.023 (Re)? 


If the fuel elements are spaced within 2 to 2'/, diameters center 
to center, the arrangement factor C,, may be taken as 0.425. 
Equation [3] then reduces to : 


18.5 


For a Reynolds number of 10,000 the coefficient for crossflow 
h, is greater than the coefficient for parallel flow h, by a ratio of 
almost 3 to 1 (2.96 to 1); at a Reynolds number of 100,000 it is 85 
per cent greater, and at a Reynolds number of 500,000 it is 33 per 
cent greater. This decreasing ratio is obtained at the expense of 
high velocity and resulting high coolant flow rates for the parallel 
flow case. For the highest Reynolds number (500,000) coolant 
velocities of 35-40 fps are required for parallel flow. 

The fuel element geometry will provide either disconnected 
parallel channels, connected parallel channels, or a discontinuous 
flow path through the core. In disconnected parallel channels, 
adverse effects are cumulative along the channel. In discontin- 
ous flow paths the effect of local hot spots stays local, since the 
coolant mixing averages cut the local effects on the coolant tem- 
perature rise. The effect will be the same for the connected 
parallel channels if adequate coolant mixing between channels 
occurs. 

_ In order to evaluate various fuel element designs from the heat- 
transfer standpoint, potential hot spots and their effect on film 
drop and coolant temperature rise along the hottest path must be 
considered. ‘‘Hot spot” factors that limit the heat-transfer design 
of a reactor core result from the following conditions: 

1 Local concentration of fissionable material. Variations in 
fuel thickness as well as fissionable-material concentration are fac- 
tors to be considered. 

2 Cladding tolerances or eccentricity of fuel section. 

3 Coolant passage tolerances. 

4 Warpage of fuel elements or other flow restrictions. 

5 Nonuniform flow distribution. 

6 Variation of heat-transfer coefficient and thermal conduc- 


?**Basic Heat Transfer and Flow Friction Design Data for Gas 
Flow Normal to Banks of Staggered Tubes by Use of a Transient 
Technique,”’ by W. M. Kays and R. K. Lo, Stanford University Tech- 
nical Report No. 15, August, 1952. 
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tivity from experimental data. (Thermal conductivity for some 
of the materials under consideration is not always well estab- 
lished. ) 

A fuel element that can be inspected with simple and reliable 
nondestructive tests will permit higher heat-transfer performance 
with maximum reliability, since many of the foregoing factors 
may be minimized. 


ELemMent Designs 


Innumerable geometries can be conjectured for fuel elements; 
and by looking over designs suggested since the advent of the 
nuclear reactor, it appears that almost all conceivable shapes, 
arrangements, and combinations have been proposed. There 
emerged from this mass of ideas a few basic geometries that are 
being applied to most reactors today. Recently, a few really 
worth-while designs that are simple but real innovations have ap- 
peared and should merit a great deal of consideration. 

A number of such fuel element designs that may be used for 
power reactors are shown in Figs. 1 through 8. Basic designs in 
use today are shown along with new ideas. There are certainly 
other ideas that may be used; however, the designs shown repre- 
sent a general cross section. 


| 


(Left to right) FLat, Curvep, AND CORRUGATED AND FLatT- 
Piate-Type Fue, ELEMENTS 


Fie. 1 


Plate-Type Elements. Plates may be flat, curved, or combina- 
tions of flat and corrugated, as shown in Fig. 1. The surface to 
volume ratio is 2/t, where ¢ is the thickness of the plate. The 
edges of the plate are usually not available for coolant flow and 
are not included. This ratio is still on the high side, since the 
effective heat-transfer area is that inside the edge cladding; the 
edge cladding may be heavier than the side cladding to provide 
part of the structural material for support of the plates. Strue- 
tural supports in the form of side and end plates are required to 
hold the fuel plates in proper relation to each other. 

Wide thin plates give maximum heat-transfer surface per unit 
volume of fuel; however, they may become mechanically unstable 
and the resulting vibrations or distortions can produce failure of 
the elements. Curved plates, or combinations of flat and cor- 
rugated plates, improve the stability of wide plates. ’ 

These fuel element arrangements form disconnected parallel- 
flow channels with a relatively low pressure drop even at high 
coolant velocities. The deleterious heat-transfer effects occurring 
at points along a continuous channel with no mixing between 
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channels are cumulative. Close manufacturing tolerances can pro- 
duce hot-spot factors of considerable magnitude. For example, 
a '/,-in-wide water channel formed by plates having a +0.002-in. 
over-all thickness tolerance and a spacing tolerance of +0.005 in. 
may have a minimum width 11 per cent less than the nominal 
design value. To this flow-reducing effect also must be added a 
factor for warping which can reduce the flow through this channel 
to an additional extent. 

The core design must be predicated upon the most adverse 
combination of tolerances along the hottest channel. Orificing at 
the inlet and minimizing the effects of tolerances and warping on 
flow distribution may be desirable for low-pressure-drop cores. 
This may be used to additional advantage by distributing the 
coolant flow to compensate for the power variation across the 
core. 

A high coolant velocity is required .o obtain a high heat-trans- 
fer coefficient. The resulting high coolant flow rate produces a 
considerable pumping-power requirement even with the rela- 
tively low pressure drop. 


Fig. Cytinpricat ELemMents; Rops anp TuBEs 


Cylindrical Fuel Elements. The 
surface-to-volume ratio of a cylinder 
is 4/d, where d is the diameter of 
the cylinder. This is considerably 
higher than for plates and becomes 
even higher for tubes where the ratio 
is 4/(ded,), where d; = inside di- 
ameter, and d. = outside di- 
ameter. | 

Generally, it is only the ends of 
these types of elements that are not 
available for heat-transfer surface. 
This is a small fraction of the total 
surface, and thus has not been in- 
cluded in the ratios mentioned. 

A single long rod, or tube, or a 
number of short rods, or tubes, 
placed in a concentric tube as shown 
in Fig. 2 provide the same discon- 
nected parallel-flow channel and 
heat-transfer limitations of the 
plate-type fuel elements. 

As cylindrical elements are re- 
duced in diameter to increase the 
heat-transfer area, they become less 
stable and the problem of support 
and proper spacing becomes an in- 
tegral part of the design. A bundle 
of slender rods having fine wire 
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wound in helical fashion around each to provide support and 
spacing between adjacent rods is shown in Fig. 3.4. This bundle 
may be fitted into a circular or hexagonal tube. The reactor core 
then consists of a cluster of such subassemblies. 

The continuous mixing of the coolant along the flow path, par- 
tially induced by the helically wound wires, averages out the 
effect of local hot spots on the coolant temperature rise and thus 
the hot-spot effects remain local. The hot spot produced by the 
wire wound around each element is small and the induced turbu- 
lence resulting in a higher local heat-transfer coefficient will par- 
tially compensate for it. 

Reduced to even smaller diameters, the cylindrical element be- 
comes a wire. The design shown in Fig. 4‘ consists of crossed wire 
grids. The elements become self-supporting as is necessary for 
optimum design of all thin fuel elements in order to keep the 
amount of structural support material low. The figure shows a 
model of an assembly of grids clamped in a square or rectangular 
box. The ends of the wires are formed to a large radius bend to 
provide spacing between adjacent wires. If the wires are braced 
at the contact points, this is not necessary. All surfaces of the 
element are available to coolant flow with the exception of limited 
cooling around the contact points. The element is simple, easily 
formed, and easily assembled, thus lending itself to mass-produc- 
tion techniques. If the grids are not braced at the contact points, 
a box structure and means of clamping the grids are required as 
shown in the model installed in Fig. 4. 


Fig. Cytinpricat Fue, ELements; Wires 


The crossflow arrangement results in high heat-transfer rates 
at moderate coolant flow but high pressure drop. The high tur- 
bulence produces a high-pressure drop; however, the scrubbing 
action on the surfaces of the wire, including the back surface, re- 
sults in a high heat-transfer coefficient. 

The surface temperature of the wires is affected by the varia- 
tion in heat-transfer coefficient which occurs around the perimeter 
of a cylindrical element in crossflow and by the blanketing effect 
at the contact points of the cross wires. Analog studies by 
W. R. Simons at the Argonne National Laboratory show that the 
effect of the cross wires on surface temperature is equal to that 
produced by the peripheral film-drop variation, when it is assumed 
that the cross wire blankets or, in effect, insulates a 30-deg arc. 
Since these factors are not additive, the design is not handicapped 
by the effect of wire contact. On this basis, spacing between wires 


3 Proposed by M. Treshow, Argonne National Laboratory. 
‘ Proposed by J. B. Anderson, while at Argonne Nationd! Labora- 
tory. 
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in each grid is not critical; thus broad tolerances are permissible. 


Special Geometries 


(a) Twisted-Ribbon Fuel Elements. Twisted ribbons may be 
defined as narrow plates, or flattened cylinders, that have been 
twisted about the longitudinal axis to form a helical or spiral 
surface as shown in Fig. 5.5 

When twisted ribbon fuel elements are used, the surface-to- 
volume ratio is higher than that obtained with plates because the 
coolant flows over the entire surface. Also, the ribbon is narrow 
and the area on the sides becomes an appreciable percentage of the 
heat-transfer surface. This edge area is probably quite effective, 
as turbulent flow will occur in this region even when the edge is 
rounded. Thus the ratio is 2/t + 2/w where ¢ is the thickness 
and w is the width of the ribbon. 


Such elements when held at 
the ends are completely self-sup- 
porting along their lengths; thus 
the elements may be long and 
slender. The contact between 
adjacent elements is at a point 
where helical edges cross at an 
angle to each other. The fuel 
element-to-coolant ratio may be 
varied by varying the width-to- 
thickness ratio of the ribbon. 

Some turbulence is produced 
by the helical form of the rib- 
bons; however, the heat-transfer 
rates are probably closer to the 
pure parallel-flow case than to 
the crossfow over tube banks. 
Unfortunately, the form of the 
ribbons produces cross currents 
of coolant that meet in the area 
between elements. Thus the 
maximum turbulence does not 
occur on the surface of the ele- 
ment where it would improve the 
heat-transfer rate. Tests must be run to determine the perfor- 
mance of such elements; and until that time, heat transfer cal- 
culations must be based on speculation. Pressure-drop tests run 
at Argonne National Laboratory indicate a relatively small in- 
crease in pressure drop over that for parallel plates. 

The mixing of the coolant along the flow path insures the 
localizing of hot spot effects. The contact points are probably 
negligible hot spots, since excellent coolant flow exists all around 


* Proposed by C. R. Broden, Argonne National Laboratory. 
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the point of contact. In addition, there is an edge effect where a 
greater heat-transfer area per unit of fuel volume occurs. 

(b) Fuel Matrix With Coolant Passages. Many possibilities 
exist, based upon varying fabrication techniques, for a ‘‘Swiss 
cheese” design; that is, a block of fuel with coolant passages 
through the block (Fig. 6.). The surface-to-volume ratio for such 
a design is dependent upon the number and size of the coolant 
passages and is not readily reduced to a form for comparison with 
previous fuel element geometries. For cylindrical coolant pas- 
sages 

— — 

1 — (Nrd?*) 4 


where 


N = number of coolant passages 
d = diameter of coolant passages 
1 = length of coolant passages 


Such a design has the same limitations as any disconnected 
parallel-flow-channel design; however, it may be desirable for 
certain applications. 

(c) Pebbles and Berl Sad- 
dles. Pebbles, or spheres, 
have the highest surface-to- 
volume ratio of all geometries. 
The ratio is 6/d, where d is the 
diameter of the sphere. If 
mass-production techniques 
can be applied, a pebble bed 
will be a very desirable de- 
sign. The turbulent flow 
through the bed gives the 
same advantages as the 
crossed-wire grid; however, 
the problem of fuel-element 
support, that is, the contain- 
ment of the pebbles within 
the core, is different. The 
pebbles are self-supporting, 
and thus require only a con- 
tainment structure that will 
permit adequate coolant flow 
into and out of the core. 

A problem arises from the 
nonuniform packing that re- 
sults as illustrated in Fig. 7. 
The sphere can pack either 
in the square or triangular 
pattern shown. This will result in very undesirable variations 
in the density of spheres, and therefore of fuel throughout the 
core. 

Another form has been suggested by Mr. L. W. Fromm, for- 
merly of Oak Ridge National Laboratory, as shown in Fig. 8; 
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this is the berl saddle. It has the advantage of very uniform pack- 
ing and has given the same density within less than 1 per cent 
by simple methods of filling a cylindrical volume. 

This form is produced very easily in a single operation by press- 
ing a flat disk in a suitable die. 

(d) Molecule. The molecule of fuel in a liquid-fuel reactor 
appears to be the ideal fuel element. The maximum surface-to- 
volume ratio and the ultimate in heat-transfer area per unit of fuel 
is obtained. The form is simple, easily “fabricated,” and presents 
no mechanical support or stability problems. Structural material 
consists of the nonuranium atoms of the molecule, and there is 
no fuel element corrosion problem. 

This appears to be the only fuel element to consider. How- 
ever, this design, like so many other “ideal designs,” trades one set 
of problems for another. Thus the interest in solid-fuel elements 
continues 


CoNCLUSION 


The fuel element geometries discussed in this paper have been 
based on inherently simple forms, such as plates, cylinders, and 
spheres. These basic elements may be formed into various con- 
figurations and assembled to form a simple or complex core as- 
sembly. The selection of the elements and the complexity of the 
assembly must be based upon the balance between cost and per- 
formance demanded by the specific application under considera- 
tion. 

It has been shown that simplicity of fuel element form and of 
core assembly can be attained. It also may be seen that the 
complication of design for high-performance reactor cores need 
only be that resulting from the increased number of elements 
required, as they are reduced in thickness in order to obtain 
large heat-transfer areas, 
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Reactor Shielding 


By E. P. BLIZARD,' OAK RIDGE, TENN. 


The problems attendant upon shielding of reactors are 
described briefly. The sources of radiation and their rela- 
tive importance are enumerated. The interaction proc- 
esses for gamma rays and neutrons are described; some 
discussion is given of their relative importance. The need 
for thermal shields in a reactor is described. Common 
biological shield materials are enumerated with their 
relative advantages and disadvantages. Some current 


shield designs are illustrated. 
| is, in the large, an economical problem; feasibility is not in 
question. The economic considerations arise not only from 
the cost of the material involved but also from the size of the 
building which houses the reactor and ancillary equipment. The 
problems of shield design involve basically the specification of the 
thickness of concrete or other materials which is required to 
enclose the reactor itself. Also to be considered is the shielding 
of external coolants, control rods, spent-fuel elements, and other 
materials which have become radioactive inside the reactor and 
subsequently are removed. In addition to the shielding which is 
required for the biological protection of operating personnel, 
thermal shields next to the core must be incorporated to absorb 
most of the energy of the effluent radiations. 


HE shielding of nuclear reactors for stationary power plants 


Sources or RaDIATION 


The attenuations common in reactor shields are often as high 
as 10 or 12 factors of 10. This means that the radiation which 
penetrates the shield is extremely unusual and therefore that the 
sources within the reactor must be examined very closely to insure 
that components which are unimportant in the core itself, but 
which may contribute significantly to the leakage of radiation, 
are not overlooked. A case in point is the fast neutrons from the 
fission process. These are distributed in energy as shown in Fig. 
1. All reactors operate on neutrons of energies significantly lower 
than the most probable energy at fission. On the other hand, the 
neutrons which are most penetrating are the high-energy neutrons, 
in general from 8 to 10 mev, and, as seen in Fig. 1, these are rela- 
tively few in number. In other words, the neutrons which are 
responsible for shield penetration and which therefore control the 
shield thickness are essentially unimportant in determining the 
reactivity of the reactor. 

To pursue the point further, Fig. 2 shows graphically the radia- 
tions associated with reactor operations that are important from 
a shielding point of view. At the top of the figure is a circle which 
represents an atom of U**, On fissioning, two major charged 
particles are produced which do not constitute a shielding prob- 
lem because of their short range. On the other hand, at the 
moment of fission, gamma rays are given off having a total energy 
of 7.5 mev and ranging in energy from less than 1 mev to at 


1 Director, Applied Nuclear Physics Division, Oak Ridge National 
Laboratory. 

Contributed by the Nuclear Engineering Division of Taz AMERICAN 
Society or MecHANICAL ENGINEERS and presented at the Nuclear 
Engineering and Science Congress sponsored by Engineers Joint 
Council, Cleveland, Ohio, December 12-16, 1955. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society or of the Engineers Joint Council. Manuscript re- 
ceived at ASME Headquarters, April 25, 1956. 
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least 8 mev.?. These gamma rays constitute a significant com- 


2“Prompt Fission Gamma-Rays From Uranium-235,” by R. L. 
Gamble, dissertation presented to the Faculty of the Graduate School 
of the University of Texas, in partial fulfillment of the requirements 
for the degree of Doctor of Philosophy, June, 1955. 
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ponent which must be attenuated in the shield. In addition, on 
the average 2'/: neutrons are produced and are distributed in 
energy as afore-mentioned. The majority of these neutrons are 
slowed down in the reactor core or in the shield, and in some of 
these slowing-down processes inelastic scattering takes place with 
the emission of one or more (penetrating) gamma rays. After 
slowing down the neutrons are usually captured with the emis- 
sion at once of one or more capture gamma rays. These range in 
energy up to about 10 mev and constitute the largest single 
source of penetrating gamma rays in most configurations. These 
last two sources of gamma radiation are especially significant 
since they can be produced within the shield, and the probability 
of penetration is accordingly enhanced. 

Other components of radiation are shown in Fig. 2. These in- 
clude such items as radioactive-decay gamma rays which are 
emitted following neutron capture in many instances. Others 
include photoneutrons produced by the interaction of hard 
gamma rays with heavy water or beryllium. These latter two 
processes are not often important in the design of shielding con- 
figurations, but in specific instances they can be extremely im- 
portant. For example, a reactor coolant can become radioactive 
in the core, thus requiring the shielding of an external heat ex- 
changer. The sources of radiation of importance to shielding are 
more completely described in the Reactor Handbool:.* 


INTERACTION PROCESSES 


The attenuation of radiation varies significantly with the 
energy per particle in the radiation, and particles of many energies 
are produced in a reactor. The shield thickness is determined by 
those particles which are most penetrating; that is, those for 
which the cross sections per interaction are smallest. It is addi- 
tionally important to examine the effect of interaction since in 
elastic collisions of neutrons, for example, with heavy nuclei, the 
neutron may be redirected, but the reduction in energy is very 
small. A neutron shield must therefore accomplish two things. 
In the first place it must interact with neutrons of all energies and 
the composition should be so chosen that the most penetrating 
components are as well attenuated as possible. In the second 
place, it is essential that following the first interaction other inter- 
actions will also take place which will insure that the neutrons do 
not diffuse through the shield with many elastic collisions. In 
other words, the neutron energy should be lowered with succes- 
sive collisions sufficiently rapidly to insure capture, which occurs 
at or near thermal energies, before the neutron has escaped from 
the shield. The most penetrating neutrons produced in the fission 
process are the high-energy neutrons, but as has been shown in 
the previous section, these are produced less frequently in the fis- 
sion spectrum than are low-energy neutrons. The resultant of 
these two factors is dependent upon the composition of the shield. 
Hydrogen, a predominant part of many reactor shields, has a 
cross section which decreases strongly with energy so that the 
spectrum of neutrons leaving the reactor is filtered in such a way 
that those neutrons born at high energy persist, with the result 
that the majority of neutrons escaping the shield are those which 
were born at about 8 mev. Shields which are not predominantly 
hydrogenous, such as concrete, do not exhibit this filtering action 
so strongly, so that the neutrons which escape are of appreciably 
lower energy, being in the region of 2 to 3 mev at birth. 

The attenuation of high-energy neutrons is accomplished by 
two processes—inelastic scattering and elastic scattering. These 
are of comparable importance. 

In the inelastic scattering process the neutrons interact with the 
nucleus to form a compound nucleus from which it almost imme- 


3 ‘‘Reactor Handbook,” declassified edition, Technical Information 
Service, U. S. Atomic Energy Commission, AECD-3645, Chapter 2.1, 
vol. 1, February, 1955. 
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diately departs, leaving the residual nucleus in an excited state. 
The energy of excitation is just equal to the difference in kinetic 
energy of the interacting nucleus and neutron before and after 
inelastic scattering. The energy of excitation is given off at once 
in the form of gamma rays. The effect on the neutron is to re- 
duce its energy and, in general, to change its direction. Since its 
energy is reduced, the cross section or probability of subsequent 
collisions is increased, and this is more strongly the case with 
hydrogenous shields, so that by a succession of closely spaced 
additional collisions, the neutron is brought to an energy low 
enough to insure its capture. 

In the elastic process the fractional reduction in kinetic energy 
of the neutron depends on the mass of the nucleus with which the 
collision has taken place. The lighter the nucleus the greater the 
moderation, so that hydrogen is the most effective elastic scatterer 
from the shielding point of view. Neutrons of sufficiently low 
energy have a high probability of capture in most materials. Ex- 
ceptions are deuterium, beryllium, carbon, oxygen, plus a few 
others. The interaction which is most difficult to achieve is the 
first scattering and consequently shielding materials are chosen 
for this purpose. Their subsequent capture is a virtual certainty 
and is achieved within a relatively short excursion of the neutron. 
It is for this reason that materials with high capture cross sections 
are not of special importance in shields. 

The neutrons which have had an inelastic scattering would be 
reduced in energy to approximately 200 kev, and following this 
would suffer many subsequent elastic collisions before being re- 
duced to energies sufficiently low to insure capture. This diffu- 
sion of neutrons is so strong as to preclude the possibility of con- 
structing a shield wholly of a heavy element or a mixture thereof. 
To remedy this defect an admixture of a low atomic-weight ma- 
terial is mandatory. In concrete, oxygen and hydrogen serve this 
purpose. In other shields hydrogen alone suffices. A criterion for 
insuring that the shield will not transmit excessively by this dif- 
fusion process is that 


Ls 
where 


Ls? = (1/6)R* 
R? = second spatial moment of the slowing down density for 
a point source of neutrons of the controlling energy 
(~8 mev) 
X\ = e-folding length for the high-energy neutrons, or the dis- 
tance in which the high-energy neutrons are reduced 
in intensity by a factor of 2.718 


A convenient measure of the ability of an element to attenuate 
high-energy neutrons is the fast-neutron-removal cross section. 
This is approximately equal to ?/, of the total cross section at 8 
mev. Because of the constancy of density within the nucleus 
and the corresponding regular behavior of cross sections in terms 
of atomic weight, it is possible to draw a smooth curve through 
the removal cross sections plotted against the atomic weight. 
Fig. 3 shows such a plot.‘ The ordinate is the microscopic re- 
moval cross section divided by the density, this quotient being 
independent of the density of the material. It is seen from the 
curve that hydrogen excels in neutron attenuation per pound of 
shielding material. This does not necessarily mean that the 
cheapest shields are those of high hydrogen content. 

Gamma-ray attenuation is accomplished by the photoelectric 
effect, the Compton effect, or pair production. The first of these 
is of primary importance for photons of energies up to about 1 


‘Effective Neutron Removal Cross Sections for Shielding,’’ by 
G. T. Chapman and C. L. Storrs, Oak Ridge National Laboratory 
Report ORNL-1843. 
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mev, and the cross section is a very strong function of the atomic 
number of the attenuating element, varying approximately as 
Z*. For the high-energy gamma rays and materials of large 
atomic number. the pair-production process dominates, the cross 
section varying as Z(Z + 1). Both of these processes constitute 
what is tantamount to absorption, there being no significant 
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Fic. 4 Gamma-Ray ABsorPTION COEFFICIENTS 


secondary gamma rays. In the intermediate-energy region 
(about 3 mev with lead) the dominant effect is the Compton 
process, for which the cross section varies directly with the atomic 
number. This process is a scattering process occasioning a reduc- 
tion in energy and deflection of the gamma rays. These scattered 
gamma rays from the Compton process account for a large part 
of the radiation at the outside of the reactor shield and make the 
calculation of gamma-ray attenuation appreciably more difficult. 
The gamma rays which penetrate the shield without collision are 
simple to calculate, for they obey a simple exponentiallaw. The 
factor by which the actual gamma-ray dose (scattered and un- 
scattered) exceeds the virgin (unscattered) dose is called the 
build-up factor. These have been tabulated for most elements 
and for pertinent gamma-ray energies by Goldstein and Wilkins.® 

It is possible to obtain some indication of the relative pene- 


* “Calculations of the Penetration of Gamma Rays,"’ by H. Gold- 
stein and J. E. Wilkins, Jr., Final Report, New York Operations 
Document NYO-3075, Nuclear Development Associates Document 
NDA 15C-41, June 30, 1954. 
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trability of gamma rays of different energies in various materials 
by examining the total cross section as a function of atomic num- 
ber Z. Such a plot is shown in Fig. 4. Several things are to be 
noted. In the first place the curves are not smooth, exhibiting 
small variations which result in the rather haphazard variation 
from element te element of the ratio of neutrons to protons in the 
nucleus. The attenuation is a function of the number of protons, 
whereas the weight is of course proportional to the number of 
neutrons plus protons. Since the ordinate gives attenuation per 
unit weight, it reflects the variations directly. This effect is small 
and can be ignored in the present discussion. Also, it will be noted 
that the heavy elements are significantly better per pound of ma- 
terial than all others with the exception of hydrogen. If one bears 
in mind that the heavy elements also exhibit a small fraction of 
scattering in their interactions, i.e., more of their interactions re- 
sult in photon absorption, it becomes evident that the heavy ele- 
ments are the best gamma-ray shields. Hydrogen constitutes an 
exception because it is dominantly monoisotopic and has no 
neutrons in the nucleus so that its electric charge per pound of 
material is about twice as great as that for any other element. 
Another important point to observe is that, except for the afore- 
mentioned isotopic variation, the curve is relatively smooth, leav- 
ing no room for exceptional elements. Thus there is no possibility 
of finding an “impervium”’ which will solve the weight problem in 
shielding. Lastly, it is to be noted that the most penetrating 
gamma rays for elements in the high Z-region are those of about 
3 mev of which there is a plethora in any reactor. 


THERMAL SHIELDS 


The energy of the leakage radiation which must be taken up 
by the shielding is in most installations great enough to require 
that special steps be taken for its removal. This is accomplished 
in the first layer of shielding next to the reactor core. Because of 
their greater probability of leakage from the core, gamma rays 
constitute the major source of heat in the shield. Accordingly, 
most thermal shields are made up of gamma absorbers, usually 
steel. Cooling may be accomplished by water, air, or other cool- 
ant circulated through the shield. In the case of the concrete on 
the graphite reactor at Oak Ridge, a special stream of air merely 
cools the inner concrete face, no steel being used at all. This is, 
however, a reactor of not very high specific power. 


Bro.LoaicaL SHIELDS 


The biological shielding for most stationary reactors is made of 
ordinary concrete. This material is a better neutron than gamma- 
ray shield; therefore the gamma-ray attenuation requirement 
determines the shield thickness. In most instances the dominant 
source of gamma rays is the capture gamma ray produced within 
either the iron thermal shield or the first layer of concrete. The 
strength of this source can be estimated from considerations of 
neutron leakage from the core. The attenuation of the concrete 
is calculated using the afore-mentioned build-up factors of Gold- 
stein and Wilkins.’ 

While most concrete shields are monolithic, it is sometimes con- 
venient to make the concrete shield of block construction, some- 
times nonmortared. For the unmortared case some allowance 
must be made for the inevitable small cracks which remain. 
About an 8 per cent increase in thickness is allowed in standard 
practice. 

Other concretes are also used. Notable examples are barytes 
concrete and iron-limonite concrete. The variations refer to the 
aggregate which is used, this being of high density in both cases. 
The neutron attenuation is not appreciably enhanced by this 
aggregate but there is significant improvement in the gamma 
attenuation. For this reason the shield can be reduced in thick- 
ness by about one third for either type. The advantage accruing 
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from this reduction of thickness, such as reduction of the building 
size, and simplification of apparatus which must penetrate the 
shield, ‘compensate for the increased concrete cost. 

In addition to concrete, water is sometimes used fo: e*ector 
shields where low weight is desirable or for visibility, as in a .vac- 
tor for educational purposes. Earth can be used when the size 
and permanence are of limited importance. 

Shields for stationary reactors are shown in Figs. 5 and 6. 
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Fic. 6 ORNL Grapuite Reactor 
(Artist conception based on declassified model.) 


PROBLEMS OF REAcTOR-SHIELD DeEsIGN 

In designing a shield for a new reactor it is necessary first to 
decide what radiation level is to be tolerated outside the shield. 
The Atomic Energy Commission uses the criterion that the radia- 
tion level shall be no greater than 0.3 rem per work week. The 
rem is a unit of biological damage which varies with the energy 
and type of radiation. For gamma rays or other electromagnetic 
radiation it is numerically about equal to the rad, which 4s that 
amount of radiation required to release 100 ergs per gram of ma- 
terial. In this instance the material is presumed to be live tissue. 
The alternate unit, the roentgen, is equal to 0.93 rad for air or 
tissue. The variation of dose rate in r/hr with photon energy is 
given in Fig. 7. 

For fast neutrons the dominant effect from a biological point 
of view is the elastic scattering of hydrogen nuclei in flesh, and 
for this reason calculations must be made to include the effect of 
multiple scattering. In addition, after the neutrons are slowed 
down they are captured, giving gamma rays in most instances 
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which cause additional biological damage. There is also an im- 
portant interaction with nitrogen. This is the so-called (n, p) 
interaction in which a slow neutron enters the nitrogen nucleus 
and a proton of 0.6 mev is released. This proton causes biological 
damage. The result of all these interactions has been calculated 
by W. 8. Snyder. Fig. 8 gives the results of these calculations 
showing the neutron flux as a function of energy which corre- 
sponds to 0.3 rem/wk. Often it is necessary to request even lower 
radiation levels outside the reactor shield to insure that nuclear 
instruments will operate properly. Furthermore, a factor of 
safety of about 10 is often adopted for biological reasons. 

The choice of materials for the shield will determine to some 
extent its thickness. In general, the decision is made on the basis 
of the comparative cost of the better shielding material, and of the 
added size of the building which is to house the reactor. 

It is well to point out that the radiation shield must completely 
surround the reactor since radiation scatters in air and from the 
surrounding building. It is thus not possible to reduce the shield 
thickness significantly on the top of the reactor even though 
personnel may be limited to the ground level. Furthermore, it is 
essential that no cracks or holes be permitted in the reactor if 


they run in such a direction that they could constitute a radiation 
leak. The shield is a strong attenuator and even a small crack or 
hole might easily render the shield ineffective. The many layers 
of the shield are of course subject to considerable radiation dam- 
age from the neutrons and gamma rays which are produced in the 
reactor. Metals are best able to withstand this effect and conse- 
quently it is often the practice to have a layer of steel at the inside 
of the shield. The necessity of this feature should be ascertained 
for each case, however, as it is expensive, and does not, in general, 
contribute greatly to the over-all shield attenuation because of 
the diffusion of neutrons through the heavy metal which has been 
described in a previous paragraph. 


Tests 


As it is essential that the shield design be accurate, it may be 
worth while to test a sample in some radiation facility. If this is 
deemed desirable, then arrangements may be made for a test with 
one of the radiation facilities on an experimental reactor. The 
shield samples to be tested must be of full thickness and of a 
width comparable with the thickness, since no scale factor is 
available for radiation attenuation. 
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Safeguard Features of a Fast-Breeder- 


Reactor Power Plant 


By W. J. McCARTHY, JR.,' anv F. C. McMATH,? DETROIT, MICH. 


In the design of a reactor power plant, special attention 
to safety is required in order to safeguard the investment 
in the plant and to insure that danger to the public is re- 
duced to negligible proportions. Some design features 
relevant to the safety of a fast-breeder-reactor power plant 
are described. The decision to enclose the radioactive por- 
tions of the plant in a gastight building to provide a final 
barrier between the reactor and the public is discussed. 
Criteria developed for locating the reactor on a safe and 
economically suitable site are presented. 


1 REACTOR SAFEGUARD FEATURES 


HE potential hazard inherent in all nuclear reactors as a 

result of the very large concentration of radioactive fission 

products contained in all but the smallest of these devices 
has been discussed thoroughly in several excellent papers.** 
The hazard to the public could be so serious if these radioactive 
fission products were released in even a very sparsely inhabited 
area that the reactor designer is enjoined by law and conscience 
to consider each component of his plant and its operation with 
public safety foremost in his mind. 

In addition to protection of the public welfare, it is also in- 
cumbent upon the designer to satisfy himself and his employers 
that the investment in the plant is protected in every way 
possible. 

It is the purpose of this paper to describe some of the principal 
safeguard features which are incorporated in the design of the 
fast-breeder-reactor power plant currently being designed by 
Atomic Power Development Associates, Inc. (APDA). The 
first part of the paper will discuss some of the design features 
of the reactor itself which lead to its inherent safety. Some of 
the considerations involved in choosing a site for the plant in an 
economically feasible area are presented in the second part. 


Genera Features or Fast Reactors RELEVANT TO SAFETY 


Fast reactors utilize for sustenance of the chain reaction 
neutrons whose energy is reduced only by factor of 10 or so from 
their original energy at fission. As a consequence of this high 
energy, the lifetime of a neutron from birth to absorption in fast 
reactors is approximately 10 ~7 sec as compared to a range of about 
10-* to 10~* sec in thermal reactors. 


1 Atomic Power Development Associates, Inc.; on leave of absence 
from Public Service Electric and Gas Company, Newark, N. J. Assoc. 
Mem. ASME. 

? The Detroit Edison Company 

* “The Safety of Nuclear Reactors,” by C. R. McCullough, M. M. 
Mills, and E. Teller, International Conference on the Peaceful Uses of 
Atomic Energy, 1955. 

‘Safeguard Considerations for Nuclear Power Plants,” by H. 
Hurwits, Jr., Nucleonics, vol. 12, no. 3, 1954, pp. 57-61. 

Contributed by the Nuclear Engineering Division of Tat American 
Society or MecuanicaL ENGINEERS and presented at the Nuclear 
Engineering and Science sponsored by Engineers Joint 
Council, Cleveland, Ohio, December 12-16, 1955. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society or of the Engineers Joint Council. Manuscript received 
at ASME Headquarters, April 25, 1956. 


This short neutron lifetime, together with the lack of ex- 
tensive operating experience on fast reactors, has led to some mis- 
apprehension regarding the control stability of this type of 
reactor. It is important to recognize that the neutron lifetime 
even in thermal reactors is so short as to present possibly in- 
superable control difficulties were it not for the fortunate pres- 
ence of delayed neutrons. These delayed neutrons are released 
such a relatively long time after the prompt neutrons that they 
determine the generation time of the reactor. This is true 
at critical and for a region above critical the extent of which is 
dependent on the abundance and delay periods of the delayed 
neutrons. In consequence of the delayed neutrons, the genera- 
tion time in fast reactors and thermal reactors is very nearly 
equal in the range controlled by these neutrons, and is of the 
order of 0.1 sec. In this range, fast reactors are fundamentally 
as stable and easily controlled as thermal reactors. 

It is possible, however, in both fast and thermal reactors to 
increase the multiplication of the chain-reacting system suffi- 
ciently so that the delayed neutrons are no longer required to 
sustain the chain reaction. The amount of reactivity which re- 
sults in this increase is called a dollar of reactivity and the 
situation existing when a dollar of reactivity has been added to a 
just-critical reactor is called prompt critical. 

It is in the vicinity of prompt criticality and above that 
neutron lifetime becomes most important and here the shorter 
lifetime in fast reactors permits extremely short e-folding times 
of the reactor power. It should be emphasized here that prompt 
criticality of either a fast or a thermal reactor can be a very 
serious situation indeed, but that no violent release of energy 
even remotely resembling a nuclear explosion is possible. This 
is the case since disassembly of the reactor structure is relatively 
quite a simple matter and very small dislocations result in large 
reactivity changes which tend to shut off the reaction. 

The fast reactors which already have been built in this country 
and those under serious consideration use solid-metal fuel which 
when heated expands so as to increase neutron leakage from the 
reactor and thus reduce reactivity.6 The small size peculiar 
to this type reactor permits this technique and it is a compensat- 
ing feature which tends to counteract the short neutron lifetime 
in the following manner. If a fast reactor becomes prompt criti- 
ca), the power increases so rapidly that there is insufficient time 
for heat to be transferred from the fuel metal. Therefore, if the 
reactor were solely dependent upon a negative temperature co- 
efficient of reactivity which was associated with the coolant, the 
power could reach very high levels before any nondestructive 
shutdown mechanism came into play. However, since the heat- 
ing and almost instantaneous expansion of fuel itself impose a 
strong negative reactivity change, the accident is much more 
likely to be self-limiting. In the case of the APDA reactor, de- 
tailed calculations have been performed which indicate that 
even accidents resulting from the insertion of $1.15 of reactivity 
at a rather high rate are self-limiting due to fuel expansion before 
damage to the reactor results. 

5 “Operating Experience and Experimental Results Obtained From 
a NaK-Cooled Fast Reactor,”’ by H. V. Lichtenberger, F. W. Thal- 
gott, W. Y. Kato, and M. Novick, International Conference on the 
Peaceful Uses of Atomic Energy, 1955. 
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The foregoing statements have assumed implicitly that the 
reactors in question had no inherent mechanism whereby in- 
creasing temperature resulted in increasing reactivity. Such 
mechanisms cause autocatalytic behavior which can lead to more 
drastic accidents but still much short of explosion. 

Regardless of whether autocatalytic effects exist or not, opera- 
tion of a reactor at or near prompt critical should be avoided, 
since even if no public-safety hazard exists, the operators are in 
jeopardy, and expensive and possibly irreparable damage to the 
reactor could easily result. 

To reach prompt critical, it is necessary to increase the reac- 
tivity of the reactor by a dollar. Fortunately, this is not easily 
done and in some ways is less easily done in fast reactors than in 
other types. 

As one example, fission-product poisoning in fast reactors is 
negligible and this means that the control system does not have 
to designed to handle large amounts of additional reactivity 
built into the reactor to allow poison override. The elimination 
of large amounts of movable reactivity is an important safety 
feature which can be rather easily designed into fast reactors. 

Other ways of varying reactivity are possible, however, and will 
be discussed later. 


Description or APDA Reactor PLANT 


In order to discuss some of the safeguard aspects of the reactor, 
it is necessary to first describe some of the essential features of the 
design.® 

The APDA reactor is a sodium-cooled machine fueled with 
uranium 235 in which the chain reaction is perpetuated by 
neutrons predominantly in the energy range from 0.1 to 0.3 mev. 
The location of the reactor with respect to the rest of the plant is 
shown in Fig.1. A sectional view of the reactor and immediately 
associated equipment is shown in Fig. 2. 

The core of the reactor approximates a right cylinder 30 in. in 
length and diameter and is composed of 91 fuel-element sub- 
assemblies. Each subassembly consists of 144 enriched uranium 


***A Developmental Fast Neutron Breeder Reavtor,”’ by A. 
Amorosi, A. P. Donnell, and H. A. Wagner, International Conference 
on the Peaceful Uses of Atomic Energy, 1955. 
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alloy, zireonium-clad pins arranged in a square lattice through 
which sodium coolant flows in the axial direction. 

The core is surrounded completely by a sodium-cooled, de- 
pleted-uranium breeder blanket in which the uranium is con- 
tained in stainless-steel-clad rods. Sodium flows up in series 
through the core and end blankets and in parallel with the 
core through the side blankets. The core and blanket is contained 
and supported in a stainless-steel vessel and is surrounded by 
neutron and gamma shielding. Some design data of interest are 
presented in Table 1. 
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TABLE 1 APDA REACTOR-DESIGN DATA 


Total heat power, kw.. 
Core volume, cu ft 
inlet t , deg F.. 
Sodium outlet temperature, 
Sodium flow, lb per hr.............. 
Maximum sodium velocity in core, fps... 
Critical mass—U 235, kg 
Average flux in core,—n/cm?/sec 
Assumed delayed neutron fraction 
Ak requirements, dollars: 
Temperature override 
Net fuel 
Fuel growth. . 
Control margin. 


Total excess Ak i in shim rods... 
Ak reactor shutdown, dollars 
Gross electric capacity, kw 
Net thermal efficiency, uh cent. 
Steam pressure, psi. 
Steam temperature, deg F. 


Ten control element channels penetrate the top blanket and 
extend into the core of the reactor. The central channels guide 
and support two shim elements containing boron carbide enriched 
in boron 10. The shim elements are used to vary power level 
and to accommodate reactivity changes which occur during opera- 
tion due to temperature variation, fuel consumption, and fuel 
growth. The remaining eight channels have scram and shutdown 
poison elements. All 10 elements are driven by rods extending 
from actuators located above the reactor. For normal shutdown, 
all control elements are driven slowly into the core but, in case of 
emergency, the reactor can be scrammed by releasing a latch which 
permits the shim and scram elements to be accelerated into the 
core by gravity with initial spring assist. 

Complete instrumentation is included to provide measurements 
of flux, period, coolant flow, various temperatures, and so forth. 
The control system is designed to provide the usual safety features 
found in reactor installations, such as automatic scram upon re- 
ceipt of certain signals and complete interlocks to prevent opera- 
tor error to the greatest extent possible. 

A strong neutron source will be provided during initial start-up 
so that an indication of the multiplication of the system will be 
available many flux decades below the power range. 

Since core elements will have a lifetime limited by radiation 
damage to about 10 weeks and blanket elements a lifetime ranging 
from months to years, depending on location, it is apparent that 
removal of old and insertion of new core and blanket elements is 
an important problem. A subassembly-handling mechanism sup- 
ported above the reactor by a top plug and offset from the reactor 
center line to permit reaching all elements in the vessel performs 
this function. The mechanism is equipped with a head which 
grips any core or blanket element desired by a special end fitting. 
The element is raised from its core or blanket position and rotation 
of the mechanism then permits removal of the element from the 
vessel. New elements are introduced into the reactor in reverse 
order. Facilities are provided for storing old core and blanket 
elements for a radiation-decay period prior to shipment to a 
processing facility. 

In addition to the reactor and directly associated devices, the 
plant includes equipment to enable utilization of the heat re- 
moved from the reactor. 

After being heated in the reactor, the sodium coolant gives up 
its heat to a secomdary sodium coolant in three intermediate heat 
exchangers and is tigen pumped back through the reactor by three 
mechanical centrifugal pumps. The secondary sodium in turn 
provides the heat source in three once-through U-tube steam 
generators and the steam generated is used to generate electricity 
in a conventional turbine-generator unit. 

The portion of the plant containing radioactive material is en- 
closed in a gastight steel building while the boilers and turbine- 
generator and associated equipment are located in a conventional 
building adjacent to the steel container. 


APDA Reactor Sarery FEATURES 


Design Principles. The principles which have been followed in 
the design of the APDA reactor, in order to insure normal safety, 
are, in general, the same as those followed in other power-reactor 
designs. However, owing to the developmental nature of the 
reactor, it has been considered desirable to go much further in the 
direction of inherent mechanical safety features than has been the 
custom. 

Careful accident studies have been prepared assuming a very 
wide variety of initiating causes ranging from sudden reduction 
of the inlet-coolant temperature to sudden flooding of the reactor 
with water. The course of each assumed accident has been 
analyzed and, where necessary, design changes have been made 
to either reduce the probability of the accident or, if this is im- 
possible, to reduce the effects to reasonable levels. It was first 
thought possible that both protection of the investment and 
public protection would be provided by adherence to the following 
principles: 


(a) Prevent by design the possibility of the reactor becoming 
prompt critical due to operating error. 

(b) Prevent by design the manifestation in the reactor of any 
possible autocataly tic effects. 


A discussion of some details of the design consequences of these 
principles follows. 

Prevention of Prompt Criticality. The first principle, that of de- 
sign and manufacture of the reactor and associated equipment so 
that all possible means of causing the reactor to be prompt 
critical accidentally are eliminated, has been adhered to in the 
following ways: 

(a) Design of mechanical handling equipment. The device used 
to insert and remove subassemblies is mechanically unable to 
handle more than one element at a time. The rate of insertion of 
an element is so limited that even a core element which was by 
error much more reactive than normal would cause reactivity 
changes so slowly that the motion could be reversed before any 
danger existed. The mechanism cannot place elements in any 
location but the proper one for the type of element being in- 
serted. 

(b) Control and operation. In order to limit the amount of reac- 
tivity controlled by the shim elements the loading and unloading 
of the core will be carried out with the reactor temperature only 
slightly reduced from the average operating temperature. By this 
scheme, the shim elements themselves control less than one dollar 
of reactivity which is then sufficient for temperature, fuel growth, 
and burn-up override since no appreciable fission-product poison- 
ing is expected. The shutdown poison elements control enough 
reactivity so that the fission power is quickly reduced upon scram 
and the reactor will remain subcritical with them inserted regard- 
less of how low the reactor temperature becomes. 

The rate of motion of all control elements is mechanically 
limited to avoid any possibility of rapid reactivity changes which 
could cause feedback oscillations of the reactor. 

The shutdown poison elements cannot be removed from the 
reactor during shutdown until all adjacent core elements are first 
removed. Thus, even if all poison elements were withdrawn, a 
third of the core elements also would have been removed and the 
reactor would still be subcritical. 

(c) Prevention of thermalization. In theory, prompt criticality 
can be caused by introduction into the core of a strongly moderat- 
ing substance with hydrogen being the worst example. For in- 
stance, a quart of lubricating oil, if it could be mixed homogene- 
ously with the sodium in the core, would increase the reactivity 
by about a dollar. In order to minimize the initially remote 
possibility of introducing hydrogen into the sealed, highly radio- 
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active sodium system, no hydrogeneous materials will be used in 
any region where equipment failure or operating error could result 
in their injection into the system. Oil-lubricated machinery in 
the reactor system will be avoided wherever possible. 

The isolation of the reactor-coolant system from the water sys- 
tem by an intermediate coolant system results in insurance that 
during start-up maintenance periods water ensuing from boiler 
failure can in no manner enter the core. During operation, water 
getting into the sodium would react releasing hydrogen which, 
owing to its low density as a gas, does not present a reactivity 
problem. 

Prevention of Autocalalytic Effects. The second principle which 
has been followed in the design of the APDA reactor is that of 
careful examination of all components for possible autocatalytic 
effects. Wherever these effects have been shown possible, design 
changes have been made and it is believed that the design is at 
present free from any dangerous features of this nature. Areas in 
which the second principle has been used as a guide are as follows: 

(a) Core design. The sodium in the core acts as a weak modera- 
tor and in the energy range under consideration a reduction of 
sodium density due to heating results in a strong reactivity de- 
crease. Complete loss of sodium will cause the reactor to become 
subcritical, but under certain conditions also may result in core 
meltdown because of fission-product heating. The behavior of 
the core after melting is very complicated but in all cases which 
have been examined so far it would result in a very discouraging 
mess but no accident affecting public safety. 

The fuel pins are continuous in the axial direction over the full 
length of the core and, as they are heated, expand out of the 
core causing a reactivity change roughly one third as large as that 
caused by sodium expansion. Each fuel pin has an attached rib 
which contacts neighboring pins and prevents buckling. 

The structure which holds the core elements at their upper and 
lower ends is designed so that no gradual accumulative dislocation 
of the core subassemblies can occur with the possibility of a reac- 
tivity increase following a sudden return to their original location. 
The structure expands with temperature increase in such a way as 
to cause a reactivity deer’ase about equal to that due to the fuel 
expansion. 

A nuclear effect which has received a great deal of study in 
connection with fast reactors is the so-called Doppler temperature 
coefficient.’ A positive component of temperature coefficient of 
reactivity can be shown to exist in fast reactors owing to a de- 
erease in the energy self-shielding of fission resonances in U 235 
with increasing temperature. In order to offset this effect, U 238 
may be mixed homogeneously with the U 235. Then, as the 
number of fission events in U 235 become larger, the energy self- 
shielding of capture resonances in the U 238 decreases and the 
number of neutrons lost to capture in that isotope increases. 
Proper proportioning of the relative number of U 235 and U 238 
atoms in the mixture permits cancellation of the positive coeffi- 
cient or establishment of a net negative Doppler coefficient. 
Calculation indicates that the ratio of U 248 to U 235 atoms 
required to result in a net Doppler coefficient of zero is about 1.9. 
Also, the negative effect of U 238 becomes greater as the square 
of the U 238 to U 235 ratio. The ratio of U 238 to U 235 in the 
core of the APDA reactor is about 3.5 and it is therefore be- 
lieved that positive temperature coefficients due to Doppler 
effect in U 235 will not be present. 

(b) Control system. The actuator rods for the shim elements are 
immersed in sodium at reactor-exit temperature. Any increase in 
temperature, therefore, causes these rods to expand causing the 


7**An Estimation of Doppler Effect in Intermediate and Fast Reac- 
tors,” by G, Goertzel, International Conference on the Peaceful Uses 
of Atomie Energy, 1955. 
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shim elements to be inserted into the reactor, thus reducing reac- 
tivity. 

(c) Coolant-structure accidents. In water-cooled reactors which 
utilize aluminum and zirconium for cladding the fuel material, 
there has been some concern regarding the probability of reaction 
of the water with the metals named. This reaction could result 
due to overheating of the metal in a local area and subsequent 
inundation with water. The reaction is highly exothermic and 
the reactor could be ruptured as a result of the energy released 
and thus release the fission products and other radioactive ma- 
terial. 

This effect is thermodynamically impossible with stainless steel 
and sodium or zirconium and sodium. 


CoNCLUSIONS 


After 3 years of design, it is clear that the first two principles 
which have been followed provide adequate protection for the in- 
vestment in the plant and, in fact, provide the essential basis for 
the establishment of public safety. However, study and con- 
sideration of the immense responsibility which must be carried 
by the operator of an early nuclear power plant has indicated 
that a third principle is necessary to assure public safety com- 
pletely. This principle requires the provision of containment 
facilities for any possible radioactivity release and a carefully 
chosen site on which to locate the plant. 


2 CONTAINMENT AND SITE SELECTION 


The location of potentially hazardous storage facilities or manu- 
facturing operations within populated areas is a problem faced by 
the chemical and explosives industries in this country today, 
mostly in connection with war materials. An example of the 
similarity of these industries and their safety problems to the 
nuclear power plants now being designed may be easily shown. 
Lethal gases are manufactured within gastight enclosures where 
operating personnel wear protective clothing. These gases are 
stored in remote areas. A nuclear reactor is a manufacturing 
plant for heat, biologically dangerous materials such as pluto- 
nium, and fission products. It also is a storage facility for these 
materials and fission products which are both toxic and lethal. 
It would appear only logical then that similar precautions should 
be taken in locating nuclear power plants. Actually, the rapidly 
growing atomic-energy business has been following a similar 
pattern for public safety. 

The original concept of exclusion area dictated a large site for 
protection against airborrie activity following an accident. How- 
ever, as power reactors have been designed and built, realization 
that economic reactor power plants cannot afford this way to 
safety has led to the policy of containment of reactors within large 
pressure vessels. In many ways, this represents a better technical 
solution to the hazard problem than does the policy of large ex- 
clusion areas. 

Other examples could be given to show that many potentially 
dangerous materials are manufactured and stored within our city 
limits without alarming or concerning the public. Everyday use 
and good safety records have relieved fear of their hazards. 

Nuclear reactors, so far, have been operated safely, and in time 
will take their place in communities as power-generating facilities 
like our coal, oil, and gas-fired plants of today. Until that time, 
careful location and containment will provide the builders of 
nuclear power plants and the public with adequate protection. 


Grounp RuLges AND PRELIMINARY Stupy 


Atomic Power Development Associates, Inc. has been con- 
sidering possible locations for the proposed first fast-neutron 
power-breeder-reactor plant for more than 3 years. 
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Consideration of the basic problems involved led the power- 
system associates of the project to set forth the following principles 
as a guide to follow in looking for a site on which to build the first 
power plant: 


1 Risk of injury to off-site inhabitants should be extremely 
low. 

2 It should be within the service area of one of the member 
utilities. 

3 It should be within a reasonable distance of existing load 
centers. 

4 Land cost should not be excessive in comparison to standard 
utility practice. 

5 The site should be suitable for the building of several addi- 
tional reactors in the future. 


An examination of the characteristics of the reactor, its asso- 
ciated facilities, and of the geographical areas under consideration 
indicated that the only positive way to meet these ground rules 
was to design a container around the radioactive systems which 
could hold the hazardous materials if they should be released, 
and to locate the container on a site large enough so that distance 
or shielding would prevent injury to off-site personnel from direct 
radiation. 


CONTAINMENT 


The first step was the design of the container. It appeared 
practical to surround the radioactive systems with one large steel 
building to act as the container for released fission products and 
sodium in the unlikely event all other safety features of the plant 
failed and an accident occurred. 

The preliminary design for a building to contain the reactor, 
heat exchangers, and other radioactive equipment is shown in 
Fig. 1. The proposed building is a cylindrical vessel with a 
spherical head and an ellipsoidal bottom. The over-all height is 
120 ft, and the diameter is 72 ft. The straight cylindrical section 
is 66 ft in length. The ellipsoidal head is encased in a foundation 
structure and is located below grade level. The vessel is sur- 
rounded by a biological shield composed of 5 ft of concrete that 
extends from the bottom of the vessel to the top of the operating 
platform of the reactor building. 

Where applicable the vessel will be designed in accordance with 
the ASME Boiler and Pressure Vessel Code, Section VIII Un- 
fired Pressure Vessels. All vessel welds will be radiographed. 
The building shell will be fabricated from SA-201 grade B plates, 
using 1-in. plates for the cylindrical shell and bottom head and 
5/,-in. plates for the top head. Using these thicknesses, no stress- 
relieving is necessary or practical. The heat capacity of the steel 
building is 73,000 Btu/deg F and the heat capacity of the air 
therein is 3600 Btu/deg F. Therefore, assuming a heat release of 
10 calories, the average temperature of the shell will be ap- 
proximately 600 F above the ambient. This, of course, ne- 
glects the temperature gradient through the shell, but for a one- 
event situation it is felt that this need not be taken into account 
in calculating the allowable working stress. 

The wall thickness of the building has been more or less arbi- 
trarily established as 1 in. The following observations are made 
in regard to the thickness of the wall. 


(a) This thickness is sufficient to permit the building to contain 
a shock wave from a large instantaneous energy release. 

(b) The building can withstand 32 psig continuously. 

(c) The yield strength of the vessel is of the order of 65 psig. 

(d) The bursting strength of the steel shell is estimated as 
approximately 125 psig. 


Afterdesign of the building, studies were made to determine the 
magnifude of the accident which could be withstood. Accidents 
j 
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were assumed in which the radioactive sodium coolant was re- . 
leased into the building where it burned, raising the temperature 
and pressure. It should be noted that an accident resulting in the 
release of large amounts of sodium is extremely unlikely. It is a 
hypothetical occurrence assuming failure of the coolant pumps 
and system first, then failure of the control system, followed by a 
power surge great enough to dislodge the top of the reactor vessel 
and blow all the sodium and fission products from the reactor. 
It is felt that an occurrence of this nature is impossible. 


LocaTION REQUIREMENTS FOR CONTAINER 


The second step to the safe plant was the location of the con- 
tainer considering it as a radiation source. The maximum amount 
of radioactive fission products and sodium which could be re- 
leased by an accident would have a total activity in excess of 10° 
curies. The most practical way to protect against such a source 
appeared to be by isolation of the plant. 

To meet future requirements, the site must be suitable for the 
eventual building of several reactors. To provide for increase in 
the size of reactors in the future, the reactor assumed in studies 
involving the radiation emitted from the container after an acci- 
dent was assumed to have a heat power capacity of 1000 mw. This 
provides a factor of 3 for future reactor size increases on the same 
site. 

A study was made of accumulated dose for various periods of 
exposure versus distance from the container which was assumed 
to be filled with a uniform mixture of all the radioactive material 
in the plant. By treating the container as a point source, it was 
shown that an exposure of 15 roentgens would be accumulated in 
1 hr at 2400 ft or in 24 hr at 3600 ft. An accumulated dose of 15 
roentgens was chosen as a reasonable design exposure because in 
the light of present knowledge it is impossible to detect any bio- 
logical effects due to exposures between zero and 25 roentgens in 
persons not regularly exposed to tolerance levels of radiation. 


Sire SELECTION 


As part of its activities, APDA has conducted extensive in- 
vestigations to determine whether it would be possible to locate 
the proposed reactor in southeastern Michigan. There are no 
areas within this territory which can be called remote and where 
power-plant facilities could be developed at reasonable cost. 
There are semiremote areas, however, along the shore lines of 
Lake Erie and Lake Huron that have no large population centers 
within several miles. 

Two such sites have been studied in considerable detail. They, 
are satisfactory from the standpoint of hydrology, climatology, 
seismology, and geology, and construction costs appear to be 
reasonable. 

Both have an exclusion radius of at least 2900 ft on the land 
side and the lakes form large exclusion areas on the water side. 
Low population density exists up to 6 miles. The sites are less 
than 3 miles from existing main electric transmission lines. Al- 
though general drainage in both areas is toward the luke, the 
sites would be graded so that a lagoon area would receive all site 
drainage. Ample hold-up and decay time is possible in this area 
to prevent any possible cont@mination from entering the lake. 
At one site, rock formations adequate to support the plant lie 
only 25 ft below grade. At the other, pile foundations are entirely 
practical. The area is as free from seismic disturbances as any in 
this country, and construction of the reactor building or container 
to withstand disturbances is not expected to be a problem. 


(CoNCLUSIONS 


1 Although it appears that large nuclear reactors can be de- 
signed so they are safe beyond reasonable doubt, it does appear to 
be prudent to provide a method of containment to prevent the 
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escape of any products in the event of a reactor accident which 
cannot now be foreseen. 
2 The design and construction of a suitable container does not 
appear to be an insurmountable or unreasonably costly matter. 
3 In the event of the worst possible reactor accident, per- 
mitting the escape of all radioactive materials into the container, 
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radiation levels at a distance of 3000 ft might be dangerous only 
upon an exposure of more than 24 hr. 

4 There are sites in southeastern Michigan where a reactor 
designed as proposed can be located. In these areas, such reactors 
would constitute no conceivable hazard to public health or wel- 
fare. 


Methods of Refueling Heterogeneous 
Nuclear Reactors 


By STUART McLAIN,! A. H. PARNES,? anp R. C. GOERTZ,* LEMONT, ILL. 


The problems involved in refueling heterogeneous nuclear 
reactors are discussed briefly. The various procedures 
which have been developed to date are described and the 
actual steps in reloading various types of reactors are out- 


lined. 
INTRODUCTION 


N ITS simplest terms, the refueling of heterogeneous nuclear 
reactors involves the removal of well-integrated, but radio- 
active fuel and control-rod assemblies and replacing them by 

other assemblies. In use, the fuel and control rods support their 
own weights and friction forces of the coolant; the fuel assemblies 
are locked in position in the reactor; and the contro] rods move in 
straight lines in guide bearings into or out of the reacter core. 
Fuel assemblies are made of 1 to 100 or more rods or plates held 
together by brazing, welding, or an external shroud. The control 
assemblies consist of one or more plates or rods operated in chan- 
nels. Connections for moving control rods and for reloading are 
made by some type of rod gripper or linear lock such as illustrated 
in Fig. 1. 
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The reloading operation is complicated in practice by the fol- 
lowing facts: 

(a) Fuel Radioactivity. The beta and gamma radiation 
emitted by many irradiated-fuel assemblies is great enough that 
a person exposed to the radiation of such an assembly would re- 
ceive a lethal dose in ~10~7 sec. The exposure of any part of the 
body, even for a fraction of a second, is absolutely prohibited. 
Therefore, all unloading operations must be conducted by remote- 
operation techniques and all personnel must always be shielded 
from a direct view of the irradiated-fuel and control-rod elements. 
Several feet of concrete or equivalent weight of lead or other ma- 
terials are required for protection. 

New fuel elements used to date have had sufficiently low radio- 
activity so they could be handled without shielding. More eco- 
nomical reprocessing methods for irradiated fuels that may be 
used in the future will remove only a portion of the radioactive 
materials, so the reprocessed-fuel elements will have to be handled 
by remote means at all times. 

(b) Decay Heat. The energy released in the radioactive-de- 
cay processes of the fission products in the irradiated fuel is great 
enough during the first few hours after shutdown of a power reac- 
tor to melt the fuel element cladding or sheathing in a very few 
minutes. Therefore, the irradiated-fuel elements must be cooled 
artificially while they are being handled. For example, a fuel 
assembly removed from the Materials Testing Reactor will pro- 
duce sufficient heat for about two weeks to melt if stored in air. 
Even under water, if the fuel assembly is laid horizontally for a 
few minutes, the water between the fuel plates will boil and the 
steam blanketing will permit the temperature to rise until the fuel 
plates melt with release of the gaseous fission products. The ex- 
act rate of temperature rise of a given fuel element depends on the 
design of the fuel element in respect to physical shape and en- 
richment, the neutron flux to which it had been exposed, the time 
of irradiation, and the time after the reactor has been shut down. 
The heat production after shutdown rapidly decreases, as the 
minus 0.2 power of the time (time in seconds). 

(c) Coolant Radioactivity. The coolant is radioactive and 
some of it will cling to the fuel assembly on removal from the reac- 
tor. In this respect, while the radioactivity of water is high during 
reactor operation, most of the radioactivity is due to N“ which 
decays with a 7-sec half-life. Sodium becomes highly radioactive 
and remains so during reloading operations due to the 15-hr 
half-life of the Na*. 

D,0O has sufficient value that it may pay to recover it from fuel 
elements by evaporation into dry gas such as air or helium with 
subsequent absorption. If the coolant is Na, it must be dissolved 
in alcohol or other solvent or be washed off with care by steam 
jets. The wash solutions will be radioactive and must be cleaned 
up by ion exchange or other means such as evaporation or stored 
for days or weeks before disposal. Such solutions may be dis- 
posed of normally after about 10 half-lives decay. 

Spills or leaks of the radioactive coolant may require remote 
cleanup procedures. For example, a few drops of Na coolant 
dropped from a fuel assembly might seriously contaminate the 
top of a reactor for a few days. 

(d) Damaged Fuel Elements. The fuel elements may warp or 
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change physical dimensions or fail due to corrosion or defects in 
the cladding materials. Therefore, relatively large openings are 
provided in reactors for removal of warped fuel or control-rod 
assemblies. All supports are smooth, all ends have tapers for 
centering, and all seats should have generous tapers for ease of re- 
moval. 

A fuel element which has failed for any reason will permit some 
fission products to escape into the coolant. In the case of metal- 
lic fuel elements in sodium or oxide fuel elements in water, the 
amounts of fission products lost to the coolant will be small. 
However, in case metallic fuel elements fail in a water-cooled re- 
actor, the water will react with the U or Th to produce oxides and 
sometimes hydrides which may expand and break the fuel cladding 
which will allow rapid oxidation of the fuel. Some fission products 
and considerable radioactive solid particles containing hazardous 
U**3 or Pu will become dispersed through the coolant system. The 
reloading equipment may become contaminated and means must 
be provided for cleaning all contaminated parts. Means for re- 
pair of the reloading devices and provisions for removal of a fuel 
assembly at any point from the reloading equipment in case of 
equipment failure must be provided. At the same time, the fuel 
assembly must be constantly cooled even though the reloading 
equipment fails. 


RELOADING PROCEDURES 


The reloading devices and procedures must be designed and 
planned to take into account the foregoing facts and also allow for 
the facts that many power reactors will operate at high pressures 
and all reactors must be completely sealed during operation. 
Fortunately, the Na-cooled reactors all operate essentially at 
atmospheric pressure. A further complication involves the con- 
trol system in that the tops of the reactors are frequently chosen 
for location of the control-rod drives. These drives may enter the 
reactor tank from the bottom but, in any case, they must be re- 
motely attached to the rods by locks such as illustrated in Fig. 1 
or by magnetic or other mechanisms. In case the rod drives are 
placed on top of the reactor, they must be disconnected and re- 
tracted or removed during reloading operations. 

Various systems of reloading have been proposed for the 
different types of heterogeneous reactors. The first nuclear re- 
actors were graphite moderated and air or water cooled. The 
reactors were built of large piles of graphite blocks with horizon- 
tal cooling holes in which short fuel rods of 1 in. diam. were 
placed. Since the fuel holes were placed some 8 in. apart, there 
was adequate room for the control-rod holes to enter the top or 
sides of the r.actor without interference with the fuel holes. All 
of these early graphite reactors were arranged for through-hole 
reloading; that is, fuel elements were placed in the coolant holes 
at the front face of the reactor and, as they were pushed into the 
reactor, forced the irradiated fuel elements out the rear. 

The first heavy-water-cooled and moderated reactor, CP-3 
(Chicago Pile No. 3) was built with vertical coolant passages. 
This reactor was arranged for single-end or top reloading; that is, 
the fuel was lowered vertically into the coolant holes and the rods 
were removed by pulling them upwards out of the reactor. This 
design required that the fuel be heavy long rods or that small fuel 
elements be assembled into relatively large assemblies. Most re- 
cent power-reactor designs make use of single-end reloading. 


Turovuau-Hoie RELOADING 


Examples of through-hole reloading are the Oak Ridge X10 
and Hanford graphite-moderated reactors. In all these reactors, 
the fuel holes are horizontal. In the X10 reactor the graphite 
passages are square holes 2 in. on the side with two corners in the 
vertical direction. The fuel elements, which are U-rods 1.10 in. 
diam by 4 in. long clad with Al to give finished elements 1.17 in. 
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diam by about 4'/, in. long, lie on the graphite and fill about one 
third of the area of the passages. Coolant air enters the fuel 
passages from a plenum chamber between the graphite and the 
front shield, passes through the fuel holes, out into a rear plenum, 
and to filters and exhaust fans. Since the average neutron flux is 
low, 5 X 10"? n/cm! sec, the hole plugs in the front shield may be 
removed with safety when the reactor is shut down. Tubes are 
provided to bridge the front plenum and to carry the rods into the 
graphite passages while the rear plenum acts as a passageway for 
the fuel slugs to drop into the storage canal. There is adequate 
space for air to enter the fuel passages from the front plenum. 

The reloading operations for the Oak Ridge reactor are: An 
elevator on the front face carries the operators to the coolant 
channel to be reloaded. The operators remove the shielding plug 
from the selected channel by hand, place new fuel elements in the 
channel, and push these new fuel elements into the reactor by 
hand with a wood rod. As a new slug is shoved into the front of 
a channel, all the slugs move to the rear, and the rear slug drops 
out. This is repeated until all the slugs in the tube have been 
replaced. The irradiated slugs drop onto a rubber mat and roll 
off into a water-filled sump or storage canal 17 to 20 ft deep. The 
plug in the front shield is replaced as the final step, Fig. 2. 

In the case of the water-cooled Hanford reactors, the unloading 
procedure differs owing to the fact that the coolant-tube end 
plugs, both front and rear, must be removed before reloading and 
replaced after the operation. However, the complication of end- 
plug removal is partially balanced by the fact that the water in 
the tubes acts as shielding. If necessary, special internal-shielding 
plugs could be used. Other than the end plugs and shield- 
ing plugs, the Hanford reloading operations are similar to those 
used at X10. The Hanford fuel slugs are 1.44-in. OD by either 
4.7 or 8.7 in. long. 

The air-cooled Brookhaven reactor is reloaded by a special pro- 
cedure not used elsewhere. The reactor is similar in design to the 
X10 reactor in that Al clad slugs are used in an air-cooled graph- 
ite reactor. The 1.1-in. diam Brookhaven slugs, however, are 
assembled in long Al tubes. The front plenum chamber is wide 
enough that the Al tubes with the U-rods can be pulled out of the 
reactor into the plenum, upended, and dropped into the canal. 
Reloading is carried out by placing the new assembly on a mova- 
ble rack and pushing it into place through the front shield. 
In both the Oak Ridge and Brookhaven reactors, the heat produc- 
tion is low enough that the radioactive-decay heat will not melt 
the fuel cladding if the slugs are left in still air. 
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High-pressure gas-cooled reactors may be used in the future, 
although the designs proposed to date have been of a preliminary 
nature. The only study available is that prepared by the Com- 
monwealth Edison Company-Public Service Company of North- 
ern Illinois in 1952,‘ of a gas-cooled graphite-moderated reactor. 


Sina_e-Enp RELOADING 


Single-end reloading has been adopted for all heterogeneous re- 
actors other than the graphite-moderated reactors mentioned. 
In principle, an effort is made to break the reloading operations 
into the simplest possible steps and to use vertical and horizontal 
movements only. The fuel and control-rod assemblies are moved 
horizontally into position over the reactor and lowered vertically 
into the reactor during loading and raised vertically, moved 
horizontally to one side, and lowered into a canal during unload- 
ing. The reactor shielding, pressure vessel, and control systems 
plus the radioactivity of the rods and coolant and the necessity 
for cooling the rods make these simple reloading operations com- 
plex and hazardous. The use of top or single-end reloading, in 
general, has increased safety of reactors during operation as this 
reloading procedure has permitted enclosing the reactors in tanks 
that prohibit the coolants from draining off the fuel elements in 
case of piping failures. . 

Several remote-operated procedures for reloading have been de- 
veloped which provide protection of the operating personnel from 
radiation and at the same time provide continuous cooling for the 
irradiated fuel. While some of these have been built and used 
successfully, they are all complex and, therefore, costly and all 
are relatively time-consuming in operation. The various designs 
may be grouped as follows: 

(a) The use of eccentric rotating plugs or multiple-hole plugs 
in the shielding above the reactor combined with shielded trans- 
fer vessels or coffins which are placed on top of the reactor to pro- 
vide shielding and cooling of the fuel and control assemblies as 
they are removed from the reactor and moved to the storage ca- 
nals, 

(b) The use of eccentric rotating plugs in the shield over the 
reactor combined with the use of extendable arms and transfer 
equipment located below the shield. In other words, the shield is 
located far enough above the reactor to permit handling the fuel 
and control-rod assemblies over the core and blanket of the reac- 
tor but below the shield by equipment which is operated from 
above the shield. 

(c) The use of a large shielded cave room above the reactor 
with its normal shielding for operation permits the use of light 
cranes and the handling of the fuel and control assemblies as if it 
were in the open. In other words, the unloading room is shielded 
and the coffin dispensed with. The top of the reactor can be ap- 
proached for maintenance work when the reactor is shut down and 
not being reloaded. 

(d) For H,O-cooled and moderated reactors, the canal may 
be placed above the reactor and the fuel handled completely un- 
der water. In a variation of this reloading procedure, the fuel is 
removed from the core and dropped down a side unloading tube 
into the canal which is placed below or to one side of the reactor. 

Water-cooled power reactors, whether H,O or D,O-cooled and 
moderated, are operated at pressures of 200 to 2000 psi or higher 
and require heavy-walled and sealed pressure vessels. One of 
the most difficult parts of the reloading procedure is the removal 
of the pressure head and its replacement after the reloading opera- 
tion has been completed. D,O-cooled and moderated reactors 
may be designed so that removable shielding plugs are provided 
in the top shielding above each fuel and control-rod assembly and 
individual openings are provided in the pressure vessel for use in 

‘“Reports to the Atomic Energy Commission on Nuclear Power 
Reactor Technology,’’ U. S. Government Printing Office, May, 1953. 
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reloading. This design procedure is difficult to apply to H,O re- 
actors, but the H,O-reactor cores are of smaller size and relatively 
smaller top plugs are required. However, the H,O-reactor pres- 
sure-vessel openings may be larger than used in pressure vessels 
built to date. The pressure-vessel head usually will be radio- 
active and require remote release and handling. 

Another complicating factor is the control rods and their drives. 
If the control rods are driven through the top of the reactor, the 
drives must be disconnected and withdrawn or removed before 
the top plug can be removed for reloading operations. Since the 
number of control-rod drives may vary from just a few to several 
hundred, the control-rod connections and drives become a seri- 
ous design problem. If the rod drives are placed below the re- 
actor, means for connecting the drives to the control-rod assem- 
blies must be provided in order to permit periodic renewal of the 
assemblies. 

In the case of the Na-cooled reactors, space between the top of 
the Na and the bottom of the top shield is provided to reduce the 
heat transferred to the top shield. This space is filled with He 
or A. Owing to the vapor pressure of the Na, a few millimeters 
of Hg, Na condeases or freezes on all pieces of equipment. The 
minimum number of rotating parts are used and the rotation is 
carried out through special seals of frozen Na or Pb or other 
metal, the metal being melted during the rotation operation only. 
These seals consist of a trough of steel welded to the stationary 
section of the shield surrounded by an electric heater. A steel 
ring on the rotating part dips into the molten metal. The trough 
is '/; in. wide by 3 in. deep. Limited vertical movements are 
feasible through use of long bellows. When coffins are used for 
unloading Na-cooled reactors, the rotating and removable plugs 
may be sealed with metal as noted or with O-rings. 


DeraiLep ProcepuREs FOR SINGLE-END RELOADING 


The detailed steps in the various reloading procedures are de- 
scribed in the following: The first example is reloading through 
an eccentric or individual plug into a coffin placed over the top 
shield. This is illustrated schematically in Fig. 3. Examples of 
this type of reloading are CP-5 reactor at Argonne, NRX reactor 
at Chalk River, Experimental Breeder Reactor-I at the Re- 
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actor Testing Station in Idaho, and the SRE or Sodium Cooled 
Graphite Moderated Reactor being built at Santa Susanna, Calif. 
The sequence of operations is as follows: 

(a) The control-rod drives are disconnected where necessary. 

(b) The eccentric top plugs are rotated so that the access hole 
is directly over the fuel assembly to be replaced. The detailed 
design of the coffin and the procedures used depend on the amount 
of radiation which escapes from the access hole. In low-power 
research reactors, the plug may be removed before the coffin is 
placed in position over the reactor. In this case, the coffin carries 
a simple attaching device which pulls the irradiated-fuel assembly 
into the coffin. A door is provided in the bottom of the coffin 
which, after its closure, stops radiation from the bottom of the 
coffin. 

For a higher-flux power reactor, the design of the coffin is more 
complex. The coffin has sufficient internal volume for an index- 
ing mechanism which will hold the hole plug, a new fuel or con- 
trol assembly, and an irradiated-fuel or control assembly. The 
coffin usually contains the new or replacement fuel assembly when 
it is transferred to the top of the reactor. Since the coffins must 
have 12 to 15-in-thick Pb walls for shielding, they weigh 25 to 50 
tons. The coffin is provided with a heavy shielding door at the 


bottom, means for circulating cooling gases over the irradiated- 
fuel assembly, emergency cooling sprays, a drip pan that is ro- 
tated under the fuel assembly as soon as it is raised into the 
coffin, indexing studs for proper centering of the coffin over the 
hole in the shielding, and means to seal the coffin to the top of the 
reactor so no coolant can drop on the reactor, Fig. 4. Usually 
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the coffin is moved by overhead crane. This crane must be de- 
signed for very slow motion in any direction. 

(c) After the coffin has been placed on the top of the reactor, 
the door in the bottom of the coffin is opened. 

(d) The shielding plug is drawn into the coffin. 

(e) The operating mechanism within the coffin is rotated 
bringing the unloading rod over the open hole. The rod is low- 
ered into the reactor, connected to the fuel assembly, and the fuel 
assembly pulled into the coffin. The drip pan is rotated under 
the fuel assembly and air or He coolant pumped over the assem- 
bly. Normally, air would be used for assemblies removed from 
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water-cooled reactors while He, A, or Nz would be used to cool 
assemblies removed from Na cooled reactors. 

(f) The mechanism within the coffin is rotated again, bring- 
ing the new assembly over the open hole and this assembly is 
lowered into the reactor, the handling rod detached, and the 
rod retracted into the coffin. 

(g) The mechanism in the coffin is rotated a third time bring- 
ing the hole plug over the hole and this plug is lowered into place 
and the handling rod detached and retracted. 

(h) The bottom gate on the coffin is closed. 

(t) The coffin is transferred to the storage area by the over- 
head crane where the sequence of operations is partially repeated. 
Assemblies removed from gas or water-cooled reactors will be 
lowered into a water-filled canal. As noted previously, assem- 
blies removed from Na-cooled reactors will be lowered into a tank 
of alcohol or other solvent for solution of the Na or into a cham- 
ber where the Na can be removed by steam jets. After cleaning, 
the fuel assembly is transferred to the canal. 

The advantages of this procedure are (1) the regular crane used 
for handling heavy equipment around the reactor can be used for 
handling the coffins; and (2) the cost of the coffin is relatively 
low. The disadvantages are (1) the unloading procedure is slow; 
(2) there is danger of aa irradiated assembly breaking or sticking 
in the coffin while partially removed, thus creating a very hazard- 
ous condition; and (3) there is danger of contaminating the top 
of the reactor. In spite of these disadvantages, very few opera- 
tional difficulties have been encountered in actual use over a 
ten-year period. 

The second procedure is that in which space is provided be- 
tween the reactor and the top shield for reloading. Temporary 
fuel and control-rod storage is provided near the reactor core and 
within the shielding. This type of reloading procedure is being 
applied to the Experimental Breeder Reactor, EBR-II, and the 
fast-breeder reactor being designed by the Power Reactor De- 
velopment Company. Both of these reactors will operate at 
high flux levels and the cooling of the fuel assemblies after re- 
moval from the core is a severe problem. This problem is being 
solved by use of a large excess of Na over the reactor and by 
carrying out the unloading operations with the fuel completely 
covered by Na at all times. After two weeks or so, the radio- 
active heat production is low enough that the irradiated assem- 
blies can be transferred without danger of melting. The heat pro- 
duction in the core elements from EBR-II will be about 100,000 
Btu per sq ft per hr at shutdown. This will decrease as ¢~°? with 
tin seconds to 6000 Btu per sq ft per hr at the end of two weeks. 

The EBR-II reloading procedure is illustrated in Fig. 5. The 
reloading operation will be carried out soon after shutdown with 
the decay heat removed by thermal convection in the Na coolant. 
New fuel assemblies will contain Pu in most fast reactors and the 
fuel will be only partially decontaminated and, therefore, radio- 
active when reloaded as fuel assemblies. The steps in the re- 
loading operation will be as follows: 

(a) The control rods are lowered, the drive rods disconnected, 
and the drive rods raised to a position high enough above the re- 
actor to provide the necessary clearance for subsequent opera- 
tions. In Fig. 5. the rods are shown in retracted position. 

(b) The reactor top cover, not shown in Fig. 5, will be raised to 
provide space for withdrawal of the fuel assemblies. The cover 
is attached to the shield rotating plug. 

(c) The shielding rotating plugs are positioned over the appro- 
priate fuel or blanket assembly to be replaced. 

(d) The subassembly hold-down mechanism is lowered into 
place. This unit is a funnel-shaped device which surrounds the 
fuel assembly to be removed and holds the neighboring units in 
their proper positions during reloading. 

(e) The gripper assembly is lowered and attached to the top 
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of the fuel assembly. The fuel assembly is raised until it clears 
the top of the reactor structure. The hold-down mechanism is 
raised so that the lower end of the fuel assembly is held in position. 

(f) The rotating plugs are rotated to place the gripper as- 
sembly in the position which indexes with the transfer arm and 
the gripper head is rotated to the proper angular position to trans- 
fer the fuel assembly to the transfer arm. 

(g) The transfer arm is rotated to make contact with the fuel 
assembly which is lowered until it is supported by the transfer 
arm. The gripper is released and raised and the hold-down sleeve 
is lowered, leaving the fuel assembly attached to the transfer 
arm. The fuel assembly is moved to the proper position over 
the fuel-storage rack by rotation of the transfer arm. 

(h) The storage rack is indexed to the proper position to re- 
ceive the fuel assembly and the rack is raised until the fuel as- 
sembly is supported in the rack. The transfer arm is rotated out 
of position to clear the fuel assembly and the storage rack. The 
storage rack is rotated to bring a fresh fuel assembly into position 
for pickup by the transfer arm. 

(i) The reloading of the fresh fuel assembly is carried out by 
reversing the foregoing sequence of operations. 

(j) After reloading operations are complete, the reactor top 
is replaced and the control-rod drives lowered and connected. 


Fig. 5 or EBR-II SHowina EqQuipMENT 


After about two weeks, the irradiated-fuel assembly is removed 
from the storage rack by raising the storage rack and indexing for 
removal by a second transfer arm which delivers the assembly to 
a rod-and-gripper mechanism which in turn carries the assembly 
to the processing cell. New fuel assemblies are delivered to the 
storage rack from the processing cell in the reverse manner. 

The advantages of this reloading procedure are that each step 
is simple and the fuel assemblies are maintained under the coolant 
at all times. The disadvantages are due to the relative inaccessi- 
bility of the equipment for maintenance and repair. While it is 
expected that maintenance will be required only at long intervals, 
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it becomes a slow and involved oped tion. The designs are 
such that each section of the reloading m »chanism can be removed 
through the top shield. When the top shield is opened, oxygen 
may enter the reactor and oxidize the Ng. Provided the Na level 
is lowered below the reloading mechani#m and frozen, the rate of 
oxidation is slow. After completion ofthe maintenance the oxi- 
dized Na may be removed by solution fi hot Na and cold trap- 
ping. In an actual mockup test, this }§ocedure required several 
days for satisfactory cleaning of the Naf 

Warped, damaged, or broken fuel ¢lements present a severe 
operational problem. However, Na dissolution of metallic U is 
negligible so the Na coolant will not become seriously contami- 
nated by fission products or Pu. Since individual fuel elements 
are held in large assemblies, a broken fuel element should not 
give trouble. Removal of a broken fuel assembly might be slow. 

The control-drive units are straightforward, electromechanical 
devices imparting vertical linear movement to the control rods. 
The motion requirements are simply a slow up or down motion, 
and a fast down motion. The control assemblies in EBR-II 
have the same physical dimensions as the fuel assemblies. 

The third procedure is the use of a shielded room above the re- 
actor. This room is large enough for light cranes tu operate and 
to move the fuel and control-rod assemblies from storage to the 
reactor and from the reactor to the canal or storage area. The 
cranes are designed for remote operation based on accurate index- 
ing and complete operation by remote electrical means. All 
movements involving fuel assemblies are vertical or horizontal. 

The cave room is built of thick concrete-shielding walls with 
thick windows for observation and to protect the operators from 
the gamma rays emitted by the fuel. The reactor may be 
equipped with rotating top plugs, individual plugs, or the use 
of a single top plug covering the whole reactor core. If the 
control rods enter the reactor through the top, the rods must 
disconnect below the shield or individual hole plugs must be 
used. The sequence of operations for reloading is as follows: 

(a) The control rods are disconnected, if necessary, and re- 
tracted to positions above the unloading cranes. The top of the 
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Fic. 6 CRANE anp TRANSFER MECHANISM FOR Use IN UNLOADING 
Reactors tn Cave Burtt Apove Reactor 


pressure vessel (the pressure-vessel top may carry the control-rod 
drive mechanisms) or the individual pressure seals are removed as 
required, Fig. 6. 

(b) The crane is moved to the proper position for the removal 
of the shielding plug. Crane operation is carried out by elec- 
tronic controls which index the crane in an z-y-position by poten- 
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tiometers or other electrical position-measuring devices with an 
error of less than '/, in. in each direction. A probe then adjusts 
the crane automatically to less than '/,. in. from vertical in each 
direction. 

(c) A plug-removal grapple is lowered and connected to the 
plug and the plug removed. The slight difference from precise 
location is adjusted by use of tapered connections. 

(d) The crane is indexed to bring the unloading rod over the 
open hole. The rod is lowered, connected to the fuel or control- 
rod assembly, and raised. Normally, the fuel assembly is raised 
into a shroud which permits circulation of air over the assembly 
to cool it while it is being moved to the storage area. 

(e) The crane is indexed again and a fresh fuel assembly 
lowered into the reactor. In many cases fuel assemblies will be 
moved from one location to another within the reactor, but this 
requires simply a change in sequence of operations. Since the 
shielding plugs are interchangeable, they present no difficulty in 
moving fuel assemblies between positions. 

(f) The crane is finally indexed again and the shielding plug 
lowered into place. 

(g) The crane then moves over the canal or cleanup tank and 
the fuel assembly is lowered and detached. 

(h) The crane moves to the storage area and picks up a fresh 
fuel or control-rod assembly. It is then ready to repeat the cycle 
of operations. 

(i) After completion of the reloading operations, the control 
rods are reconnected or the pressure head replaced. 

The use of two cranes working together—one removing fuel 
assemblies and one reloading—is feasible. The advantages of 
this reloading process are that no coffin is required, the operations 
can be observed, the operators are always protected by adequate 
shielding, ‘and the sequence of reloading operations is rapid be- 
cause of the light loads carried by the cranes. Moderately high 
rates of acceleration for moving the operating rods and cranes 
are feasible. The disadvantages of this reloading procedure are 
the high cost of construction of the shielded room, the difficulty of 
cleanup in case a fuel element is dropped or broken, and the re- 
moval of a crane in case of a breakdown. Actually, two cranes 
are required so that one crane may push the other aside and pro- 
ceed with the reloading operation in case of a crane breakdown. 
Additional remote-handling equipment is required to remove a 
fuel assembly from a disabled crane and to clean up the crane in 
case it has become contaminated. 
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The fourth procedure is that used with H,O-cooled-and-moder- 
ated reactors. In this case the canal may be placed sbove the 
reactor, Fig. 7. In this case the sequence of operations is as 
follows: 

(a) Flush out the top of the reactor with fresh deionized H,O. 

(6) Disconnect the control rods and retract them, if necessary. 

(c) Remove the top plug of the pressure vessel. 

(d) The irradiated assemblies are then picked up by hand 
tools or light cranes and placed in vertical storage racks in the 
canal 


(e) New fuel assemblies are fed into the open top of the reactor 
and located in place by the hand tools. 

(f) The top grids and top plug are replaced and the reactor is 
ready for operation. 

This procedure, while applicable to only H,0-cooled reactors, 
is the simplest procedure developed to date. The disadvantages 
are that all operations must be carried out under 25 to 30 ft of 
water and there is danger of contamination of the canal in case of 
a fuel-element failure. 

A modification of the foregoing procedure is used with the 
Materials Testing Reactor. The fuel and control-rod assemblies 
which weigh only a few pounds are raised vertically from the core 
and lowered through a discharge chute (actually a pipe) to the 
eanal which is placed below the reactor. The discharge chute is 
equipped with a hydraulic valve and a receiving cylinder is 
provided in the canal, Fig. 8. The sequence of operations in 
this case is as follows: 
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(a) Flush out the top of the reactor with fresh deionized water. 
(b) Disconnect the control rods and their electrical connections. 
(c) Remove the top plug with the control-rod drives. 

(d) Remove the top grid supports and the Be reflector piece 
over the discharge tube. 

(e) Reload by removing fuel assemblies by hand tools and 
lowering the assemblies down the discharge tube into the dis- 
charge mechanism located in the canal at the lower end of the 
discharge tube. This mechanism receives the fuel assemblies, 
rotates to the horizontal position, and discharges the fuel assem- 
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blies. An automatic seal is provided between the bottom of the 
discharge tube and discharge mechanism. The assemblies are 
then picked up by hand tools and placed in vertical storage 
racks in the canal. 

(f) New fuel-assemblies are fed into the open top of the reactor 
and located in place by the hand tools. 

(g) The top grids and top plug are replaced and the reactor 
is ready for operation. 

The advantages of this procedure are that the equipment is 
inexpensive, the reloading is a rapid operation, and the operators 
can see what is taking place. The disadvantage is that the 
reactor tank must extend 18 to 20 ft above the core for water 
shielding. 

In the case of both H:O and D,O pressurized reactors, U and 
Th metals are rapidly corroded in the event of cladding failure. 
The resulting oxides contaminate the entire primary coolant 
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system and must be removed by filtration or other means. Re- 
cent work on corrosion resistant U alloys such as UMo and USi 
have given promise of reducing but not eliminating this problem. 
Oxide fuel elements may be used in some reactors. Means are 
provided in all reactors for detecting and locating fuel elements 
which are defective and permit fission products to escape to the 
coolant. In all cases special cleanup equipment for the coolant 
and primary-coolant loop is provided. Since U does not react 
with or dissolve in Na to an appreciable extent, a broken fuel 
element may be removed readily from an Na-cooled reactor. 
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Design of Corrugated Diaphragms 


By J. A. HARINGX,' EINDHOVEN, THE NETHERLANDS 


Three previous papers by the author set forth methods 
of calculating the rigidity of corrugated diaphragms, the 
stresses in the sheet material, and the nonlinearity of the 
relation between load and deflection. As a further step, 
the introduction of a few simplifying restrictions having 
no fundamental effect on the problem leads to the concept 
of a chart giving at once the dimensions a diaphragm must 
have so as to conform to specific requirements. An ex- 
ample is included by way of illustration. 


1 INTRODUCTION 


N THREE earlier papers (1, 2, 3)? various aspects of the be- 

havior of corrugated diaphragms were discussed. Proceed- 

ing from the replacement of a corrugated diaphragm by a 

fictitious flat plate of similar properties, the author calculated 

successively the rigidity, the stresses, and, for large deformations, 

the degree of nonlinearity of the relation between deflection and 
load. 

The results of the calculations enable us to determine in a 
comparatively simple way how a diaphragm will deflect when 
loaded and what stresses in the material will result. In practice, 
however, the problem will often be put quite differently: What 
form must be given to a diaphragm to enable it to conform to 
specific requirements? One way of answering this question is to 
make a large number of designs, to carry out the afore-mentioned 
calculations in the case of each of them and, then, by comparing 
the results with the specified requirements, to determine which 
design is preferable. Naturally this procedure is very time- 
consuming. In this paper it will be shown that a more straight- 
forward method of designing corrugated diaphragms is available. 
However, a few simplifying restrictions will have to be imposed 
(Section 3). Should adherence to these restrictions be undesirable 
or impossible for certain reasons, the possibility always remains 
of modifying the diaphragm designed according to the method 
given in this paper. In such cases the formulas derived can be 
used for a subsequent check as to how far the modified diaphragm, 
nevertheless, satisfies the specific requirements. 

For the sake of completeness Section 2 contains a survey of 
the formulas derived in the previous papers, in so far as they are 
needed for the construction of a chart for the direct design of 
corrugated diaphragms. The procedure followed will be described 
in Section 4. 

To facilitate distinction between the earlier papers, to which 
reference will be made repeatedly, a roman numeral will be pre- 
fixed to the numbers of the sections, equations, and figures cited, 
viz., 

Prefix I for the paper on rigidity (1). 

Prefix II for the paper on stresses in the sheet material (2). 

Prefix III for the paper on nonlinearity (3). 

1 Chief Engineer, Philips Research Laboratories, Philips Gloeilam- 
penfabrieken, N. V. Mem. ASME. 

2 Numbers in parentheses refer to the Bibliography at the end of the 


paper. 

Contributed by the Research Committee on Mechanical Pressure 
Elements and presented at the Diamond Jubilee Annual Meeting, 
Chicago, Ill., November 13-18, 1955, of Tae American Society or 
MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, August 
16, 1955. Paper No. 55—A-112. 


For those not familiar with the original papers an Appendix is 
added, giving in more detail the underlying principles of the 
theoretical calculations. 


2 Summary or Previous Resutts 


A corrugated diaphragm of rotational symmetry has the 
transverse section as shown diagrammatically in Fig. 1. This 
diaphragm, clamped at the outer rim and having a diameter of 
2R, has a number of similar corrugations situated on either side 
of the middle plane (indicated by the dashed line), each having 
a wave length of 2/ and an amplitude of d. Along the inner rim the 
diaphragm is fixed to a rigid plate with a diameter of 2oR. The 
sheet thickness is h. 


Fic. 1 Meripian Section or DiapHracm or RotationaL Sym- 

METRY, CLAMPED aT Rim AND Possessinc a NUMBER OF SIMILAR 

CorruGaTions Sirvatep oN Sipe or Mippie 
a Ai ted by a d hed line.) 


(a) Rigidity of Diaphragm The deflection f of the diaphragm 
is to be computed from the deflection fo = 3pR*/16E’h® of the 
corresponding flat plate (identical outer radius R and thickness 
h) at the same pressure p and plate modulus EZ’, with the aid of 
the coefficient of reduction € = f/fo. Thus (Equations [I, 8] and 
(I, 


f = 3epR4/16E'h? 


where E’ = E/(1 — v?), E being Young’s modulus and pv Pois- 
son’s ratio. For trapezoidally shaped corrugations characterized 
by the dimensions }, c, d, l, and s (Fig. 2) the coefficient of reduc- 
tion € is equal to (Equation [I, 62]) 

AR b 


8 


where (Equations {I, 21], [I, 35], and [I, 59}) 
= (1 — v*){3s/l — 2 + 4(3b + . [3] 
8(1 — p‘) 
(q + 1Xq +3) 
1Xq — 3X1 — p*l — p™) 
16(1 — 
105(1 + 


‘F(q p) = 


Gei+ 


3b + 2c c 


The quantity q occurring in F(q, p) is the most fundamental 
characteristic of the corrugation, its square being the ratio be- 
tween the rigidity of the corrugation (per unit length measured 
along the radius and per unit of circumference) with respect to 
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bending perpendicular to the meridian plane and that with re- 
spect to bending in this plane. It almost completely governs the 
deflection of the diaphragm as long as the function G differs 
little from unity. According to Equation [6] the latter condi- 
tion is satisfied when the sheet is adequately thick. 

(b) Stresses in Sheet Material. When calculating the stresses in 
the sheet material we adopted a more restricted standpoint than 
when calculating the deflection itself. First, we assumed ourselves 
to be concerned with adequately thick sheets (G ~ 1) and, sub- 
sequently, no allowance was made for the rigid plate (p = 0). 
This course was taken to avoid losing the over-all picture as a 
result of too much intricacy. It appeared to be very satisfactory 
because in practice most cases can be dealt with in this wa;-. 

When the stresses were calculated, it was found that three 
stresses are to be regarded as a possible maximum. These are the 
maximum tangential stress (¢,)max, the maximum radial stress 
(,)max, and the extreme radial stress (¢,)extr at the outer rim. 
They are, respectively (Equations [I1,19], [II, 21], and [II, 25]) 


or (a+4)m 


(¢q— 1Xq + 3)h 


(0,)max = . [7] 


qq + 


(q—1Xq + 3)? 
(1—d)*—(1— dpe 
(q + 3)h? (q-— 3)A 


(0, )max = 


( exter = 


where (Equations [II, 18], {II, 20], and [II, 22]) 
1 1 


2 6 l 


= (6b < 0.3651) 


6l(l + 2b) 3l(l — b) 


The radii &,R and £,R roughly give the distances from the 
center to the points where the maximum tangential and radial 
stresses, respectively, occur. 

(c) Nonlinearity of Diaphragm. With the same restrictions as 
those mentioned under (6) the nonlinear behavior of the deflection 
with regard to the load is indicated by the relation (Equations 
(III, 13} and {III, 15]) 


_ + + ( 
3R 


in which 
7qXq + + 11) 2q + 1)(3q + 5) 

1728(q + 1)? 
On comparing Equation [11] with Equation [1] for p = 0,G =~ 1, 
and E’l = Es, we see that the two are identical provided the de- 
flection is so small that the quantity f?/Q2h? can be disregarded 
with respect to 1. If the latter condition is not fulfilled and we 
put 


Q? 


the two equations are identical only if p in Equation [1] is replaced 
by p/(1 + A). The load p is thus greater in the ratio (1 + A) 
than would follow from the initial linear Relation [1], and the 
quantity A therefore denotes its relative deviation. 
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3 Smpuiryine REstrRicTIONs 


To simplify the problem, the following restrictions are intro- 
duced, the essence of which will subsequently be discussed in de- 
tail: 

(a) Since only formulas for a uniformly distributed load are 
readily available, we shall confine ourselves to this type of load. 

(8) We suppose that the sheet is sufficiently thick to justify 
use of the formulas given. 

(y) We assume the maximum tangential stress to be decisive, 
so that (o;)max prevails over (¢,)max and (¢,)extr. 

(5) There is no rigid central plate (p = 0). 

(€) We shall introduce a standard profile for the corrugations 
in the shape of a trapezoid characterized by the relation b = d = 
0.21 (see Fig. 2). This is a currently used profile and has been so 
chosen that a simple relation exists for the quantity qg?. It is ap- 
proximately equal to (Equation [3], for b = 0.21, c = 0.451, and 
s = 1.102) 


= 1 + 6d?/h? 


sbt2c #112 
Fic.2 Transverse Section or a CoRRUGATION WITH TRAPEZOIDAL 


PROFILE 
(In the case of the standard corrugation profile drawn here b = d = 0.21.) 


With regard to these restrictions the following remarks may be 
added: 

Item a. A force concentrated in the center of the diaphragm 
would present no fundamental difficulties. This type of load, 
however, has not been studied in detail. 

Item 6. Should any doubt exist as to the admissibility of the 
supposition that the sheet thickness is large enough, the calcula- 
tion of the deflection originally worked out for the whole range of 
sheet thicknesses gives us an idea of the discrepancies to be ex- 
pected. For this purpose the function G (see Equation [6]) pro- 
vides us with a means of checking. This function shows the 
extent to which the deflection of a (trapezoidally) corrugated dia- 
phragm, computed according to the procedure for “‘thick’’ sheets, 
must be corrected in order to obtain the deflection occurring with 
‘thin’ sheets. As long as G is only slightly greater than 1, we 
may assume that the sheet is sufficiently thick. In the case of the 
standard profile the following approximate equation applies 
(Equation [6], for b = 0.21 and ¢ = 0.451) 


If we were to assume a deviation of 10 per cent to be admissible, 
i.e., were we to put G equal to 1.10, Equation [15] yields that //R 
would have to be smaller than the ratio h/d. This result is repre- 
sented in Fig. 3, where the full-drawn curve gives the maximum 
acceptable values of 1/R as a function of d/h (or q). 

Item y. According to Equation [10], Pmax is equal to 9.12 for 
the standard profile, so that, on the basis of Equations [7], [8], 


{9] and the substitution d/h = Vv (q? — 1)/6 from Equation 
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[14], it may be ascertained for which combinations of //R and 
d/h (or q) the condition that (¢,)max must be largest is satisfied. 
In Fig. 3, the dashed curve represents the minimum acceptable 
values of 1/R in this respect. In combination with the condition 
mentioned under Item 8, it is thus preferable always to choose 
thewave length 2/ so that the related ratios //R and d/h correspond 
with a point lying within the region bounded by the two curves in 
Fig. 3. 
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(Though compiled for corrugations with standard profile of Fig. 2, this 
graph may very well be used for other profiles.) 
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(Though compiled for corrugations with standard profile of Fig. 2, this graph 
may very well be used for other profiles.) 


Item 6. With regard to the rigid central plate, we have at our 
disposal Relation [5] (see Fig. I, 5), which shows that the function 
F(q, p) determining the deflection usually depends upon p to a 
minor extent only. This is explained by the fact that on the 
whole the deformation of a corrugated diaphragm takes place 
mainly at the outer rim, so the central zone hardly contributes to 
the deflection and might just as well be rigid. If here, too, we 
assume a deviation of 10 per cent to be admissible, care must be 
taken to insure that p is smaller than the value given as a function 
of d/h (or g) by the curve in Fig 4. 

Item ¢. The effect of rounding off the (theoretically) sharp 
corners of the standard profile can be disregarded. Even if an 
entirely different (e.g., arc-shaped) profile of corrugation is 
chosen, the influence generally will be small and be reflected only 
in a slight modification of the coefficient 6 in Equation [14]. In 
this case one should use the g values given in Figs. 3 and 4 and 
the final chart in Fig. 5 instead of the d/h values. The correct 
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value of d/h for the deviating profile can then be calculated im- 
mediately from q by means of the modified Equation [14]. It 
must, of course, be remembered that at the same time the values 
for the maximum stress undergo a (slight) change, owing to the 
alteration in the substitution d/h = ~/(g? — 1)/6 in Equation 
{7}. 

It will be plain that by means of the restrictions introduced we 
have considerably cut down the number of variables, though 
fortunately without tying our hands too much. In the following 
section we shall see how this simplification of the problem enables 
us, with the aid of a single chart, to design a corrugated dia- 
phragm according to a straightforward process. 


4 Cunart ror Design Purposes 


In consequence of the restrictions introduced in the previous 
section the problem is governed by three relations, viz., 

(a) For the deflection f of the diaphragm (Equations [1], [2], 
and [5] with p = 0, E’l = Es, andG = 1) 


3 
™ 2q + + 3) 


(b) For the decisive stress ¢ (Equations [7], [10], and [14}) 


T 


(_2 
(q—1Xq¢+3) \q-—1 


q-3 
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(c) For the maximum deflection fmax corresponding to a devia- 
tion A from the linear Relation [16] (Equation [13]) 


with Q according to Equation [12]. 

Owing to the nonlinearity, the load pmax required for the maxi- 
mum deflection fmax is—as we have seen in Equation [11 }— 
greater in the ratio (1 + A) than would follow from the linear 
Relation [16]. For this reason, when Equation [16] is used in the 
case of maximum deflection, p must be replaced by the term 
Pmax/(1 + A). Toa first approximation the same applies to p in 
Equation [18] for the stress omax occurring at the maximum de- 
flection. 

With the reduced quantities p’, o’, and f’, according to 


[20] 
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Equations [16], [18], and [20], written in nondimensional form, 
run 
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(Though compiled for corrugations with standard profile of Fig. 2, this graph may very well be used for other profiles. For application of 
chart see example given in Section 5.) 


In view of Equations [12], [17], and (19] 7’, S, and Q are func- 
tions of the quantity g, or, according to Equation [14], of d/h 
only. Thus the problem before us is governed by the five varia- 
bles p’/E, o'/E, f’/R, h/R, and d/h, bound by the three Relations 
[22]. If we choose o’/E and q or d/h as the independent variables, 
we write instead of Equations [22| 


This means that for every given value of o’/E and of g or d/h, we 
can calculate the mutually matching values of p’/E, h/R, and 
f'/R. Work along these lines results in the chart shown in Fig. 
5. The rziation between p’/E and h/R for a number of o'/F 
values is set out in the right-hand half; the opposite half indicates 
the relation between p’/E and f’/R for the same values of o'/E. 
Here lines of constant d/h also have been drawn in. 

The border of the chart has been obtained by taking values of 
o'/E from 0.002 to 0.02 and by limiting the ratio A/d in the 
following way: The full-drawn parts of the lines correspond to 
d/h values between 1 and 10, dotted parts having been continued 


tod/h = 0.2 and d/h = 20, respectively. According to Equation 
[15] the condition 1 = 5d for the standard profile makes the func- 
tion G a function of d/h and of h/R. Thus a border line corre- 
sponding to G = 1.10 can be drawn in the left-hand half of the 
figure.* 


5 EXAMPLE 


Let us take as an example the design of a corrugated dia- 
phragm which, when subjected to a pressure of Pmax = 1 kg/cm?, 
should have a deflection of fmax = 4 mm and, at the same time, 


3 After completion of this paper the author considered that in the 
left-hand side of Fig. 5 a second border line can be drawn correspond- 
ing to the condition that the maximum tangential stress is decisive. 
Since for the standard profile 1 = 5d the relation between 1/R and 
d/h as given by the dashed line in Fig. 3 can be considered as a rela- 
tion between d/R and d/h, or which comes to the same thing as a re- 
lation between h/R and gq = V 1 + 6d*/h*. According to the second 
Equation [23] each combination of h/R and q corresponds to a certain 
value of a’/E. Related values of d/h and o'/E then give the border 
line in the left-hand side of Fig. 5. It runs through the points 


o’/E = 0.020 d/h = 14 
o’/E = 0.010 d/h = 2.2 
o’/E = 0.006 d/h = 3.2 
o’/E = 0.002 d/h = 7.6 


and can easily be drawn in by the reader. 
*The corresponding values in English units will presently be 
tabulated. 
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may not reveal a deviation of more than 10 per cent (A = 0.10) 
in respect to the linear relation between pressure and deflection. 
As material we select red brass having a Young’s modulus E of 
12,300 kg/mm? (plate modulus Z’ = 13,500 kg/mm?) and a 
maximum permissible stress Omax of 40 kg/mm*. Then according 
to Equations [21] the reduced quantities p’, a’, and f’ are 


p’ = 0.0287 kg/mm’, o’ = 126kg/mm*, /f’ = 12.6mm 
Hence we find for the dimensionless quantities p’/E and o'/E 


= 0.0102 
E 


= 2.33 10-6, 
From Fig. 5, corresponding to the standard corrugation profile 
given in Fig. 2 with b = d = 0.2l, we read for this case (see the 
dashed reference lines) 
h 
R =0 .0062, R 
As f’ is equal to 12.6 mm, the outer radius must be equal to 
R = f'/0.132 = 95.5 mm. Further the sheet thickness h = 
0.0062R = 0.59 mm, the corrugation amplitude d = 3.54 = 
2.06 mm and the half wave length 1 = 5d = 10.3 mm. The ratio 
1/R = 0.11 at d/h = 3.5 lies within the region bounded by the 
two curves in Fig. 3, so the supposition that the diaphragm is suf- 
ficiently thick as well as the supposition that the maximum tan- 
gential stress is decisive conform to reality. 

Should the diaphragm be stiffened in the center by a circular 
plate 50 mm diam, this does not affect the behavior of that dia- 
phragm materially, p = 0.26 being smaller than is regarded as 
permissible at d/h = 3.5 according to Fig. 4. 

Recapitulating, for the case in which 


Young’s modulus, EF = 12,300 kg/mm? (1.75 X 10® psi) 
Maximum deflection, fmax = 4 mm (0.158 in.) 

Maximum pressure, Pmax = 1 kg/cm? (14.2 psi) 

Maximum stress, Omax = 40 kg/mm? (57,000 psi) 
Deviation from linearity, A = 0.10 


d 
7 35(q = 86) 


= 0.132, 


we thus obtain, after rounding off the various dimensions, the 
following diaphragm (Fig. 1): 


Outer diameter 

Inner diameter 

Wave length 
Corrugation amplitude 
Sheet thickness 


194 mm (7.64 in.) 
50 mm (1.96 in.) 
20 mm (0.79 in.) 
2 mm (0.079 in.) 
0.6 mm (0.0235 in.) 


If the alterations made on account of the rounding off of the di- 
mensions are too great, it is best to calculate the various charac- 
teristic quantities of the diaphragm proceeding from the original 
formulas. When a modified corrugation profile must be applied 
deliberately, further verification also may be appropriate. 

In most cases, however, the calculations needed for a final 
check are scarcely worth while and, within acceptable tolerances, 
the chart given can be relied upon completely. 
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Appendix 


For those unfamiliar with the original papers a survey of the 
basic principles of the former calculations is given in this Appen- 
dix. 


Fig. 6 Meripian Section or One oF THE CorruGaATIONS CuT 
Our or DiapHRAGM 


(The corrugation is imagined as being a profiled straight beam embedded in 
an elastic medium reacting to a radi —— u by an opposing force 


Considering the diaphragm in Fig. 1, we imagine one of the 
corrugations cut out as a separate ring and show its meridian sec- 
tion in Fig. 6. In the loaded state an arbitrary element dF of the 
cross section originally lying at radius z, in general, will be subject 
to a radial displacement u. As a result, a tangential stress o, 
will be initiated in the material, which for Young’s modulus £ 
amounts to (Equation [I, 1]) 


Owing to the curvature of tne profiled ring the tangential force 
oF acting on the element dF produces a radially directed com- 
ponent dK which, per unit of circumference, is equal to (Equation 
I, 


dK = EudF/x* 


From this it follows that we may leave the curvature of the ring 
out of consideration if we imagine the corrugation to be a profiled 
straight beam embedded in an elastic medium of rigidity such that 
a radial displacement u of the element dF is opposed by a force 
aK as given in Equation [25]. _ 

It can be shown that under these circumstances the points N 
and P originally lying in the middle plane of the diaphragm are 
displaced only in a vertical direction. The line joining these 
points rotates at the same time through the angle Y. Transverse 
forces D’ per unit length are needed at the two edges of the 
“beam’’ to counteract the system of forces dK initiated in the 
elastic medium. To a first approximation they will be propor- 
tional to y and, denoting the corresponding coefficient of rigidity 
by c:, we thus have (Equation [I, 3]) 


In order to bridge the gap Ay in the angle of rotation of two ad- 
jacent corrugations also bending moments M, are exerted at the 
edges. If the corresponding coefficient of rigidity is cz, these 
moments per unit length are given by (Equation [I, 4]) 


M, = eAy/l 


2/2 , 
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It will be obvious that in general the coefficients c; and c, are dif- 
ferent from corrugation to corrugation. 

To establish equilibrium D’ and M, must, for each corrugation, 
separately, be related to the actual transverse forces D introduced 
by the (external) load. The Relation (27] for /, at the same time 
guaranteeing the mutual adaptation of two adjacent corrugations, 
the problem thus leads to a complex system of difference equa- 
tions. However, the inconvenience of the latter can be avoided 
by replacing the corrugated diaphragm by a fictitious flat plate 
of similar properties. By similarity it is meant that from point 
to point the coefficients of rigidity (c, as well as c2) of the two 
interchangeable elastic members are on an average equal to one 
another. This simplification implies that c; and c, henceforth can 
be considered as continuous functions of z. 

At radius x an element dz with a width equal to the unit of cir- 
cumference is cut from the fictitious flat plate. Owing to the 
load, this element has undergone a rotation through the angle y. 
Of the transverse force D per unit of circumference, which is 
given by the load, a part D’ = c,p will be needed to compensate 
for the radial components dK of the tangential stresses. The 
rest, D — cy, must be in equilibrium with the bending moment 
M,, so that 


a(M,zx)/dz + = 0 


On account of the relation z = ER and of Equation [27] in which 
Ay/i can be replaced by dy/dz, Condition [28] leads to the dif- 
ferential equation (Equation [I, 5]) 


Ce dé 

The transverse force D is given by the load on the diaphragm as a 
function of £. Thus, after adapting the general solution of Equa- 
tion [29] to the boundary conditions for — = p and & = 1, respec- 
tively, Y may, at least in principle, be considered as known. From 
the slope W the deflection y of the (imaginary) middle plane of the 
diaphragm can be obtained by a simple method of integration. 

If the sheet is adequately thick, the shape of the corrugations 
remains practically unchanged upon loading, so that for each 
corrugation a simple rotation of its (undistorted) meridian section 
through the angle ¥ about the point N (or P) describes the 
radial displacements u. It can be shown that under these cireum- 
stances both cir? and c2 are constant. The general differential 
Equation [29] can thus be written as (Equations [I, 12] and [I, 
14]}) 


where Z’ is the plate modulus, 2s is the arc length of the corruga- 
tion, and g? stands for the ratio between the rigidity of the corru- 
gation (per unit of length measured along the radius and per unit 
of circumference) with respect to bending perpendicular to the 
meridian plane and with respect to bending in this plane. 

The characteristic behavior of the corrugated diaphragm with 
a sufficiently large sheet thickness is thus found to be determined 
only by the value of g, without any essential effect of the shape 
and size of the corrugations. As is to be expected, the differential 
equation transforms into the familiar differential equation for the 
flat plate when g = 1 and s/l = 1. 

The result found along these lines for diaphragms uniformly 
loaded by pressure p corresponds to Equations [1] and [2] for 
G = 1. Let us take, as an example, the diaphragm without a 
rigid central plate (9 = 0); then with E’l ~ Es we have, for the 
deflection f in the center 
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3pR* 
+ + 3)Eh 


The deflection of the middle plane of the diaphragm is then given 


by 


and the slope by 


4g + py, 


For thin sheets, on the other hand, it can no longer be assumed 
that each corrugation rotates as a whole and the distortion of the 
corrugations in themselves must be taken into account. The co- 
efficients c; and c: are then too complex to enable the solution of 
the general differential equation. For very thin sheets, however, 
cz can be neglected with respect to c,?*, so that in this case Equa- 
tion [29] reads Y = D/c. Just as the expression for c, the 
solution for W is here dependent upon the shape of the corrugation 
and one should distinguish between trapezoidal, triangular, and 
arc-shaped corrugations. For all these cases separate solutions 
have been given (1). 
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For intermediate thicknesses the effect on the deflection com- 
puted according to the lines followed for thick sheets, in the 
case of trapezoidally shaped corrugations, is demonstrated by the 
presence of function G in Equation [2]. The agreement between 
these approximate calculations and some experimental results on 
a series of diaphragms investigated by Wildhack and Goerke 
(4) appears to be very satisfactory. This is shown in Fig. 7 
(Fig. I, 11), where the reduction coefficient € of the deflection, 
following from Equation [1], is represented. 

Starting from the relations given for D’, M,, and the system of 
reaction forces dK initiated in the elastic medium as described, we 
are also able to compute the stresses in the sheet material (2). 
Here, too, a satisfactory agreement has been found, since these 
calculations could be compared with the more exact calculation 
given by Grover and Bell (5) for a specific diaphragm, which was 
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actually considered as a sequence of conical and toroidal shells 
This is, for instance, shown in Figs. 8 and 9 (Figs. II, 5 and II, 7) 
representing the circumferential direct and bending stresses, re- 
spectively. The highest values to be reached by the stresses are 
given in Equations [7], [8}, and [9]. 

As to the nonlinearity between the load and deflection (3) it 
may be mentioned that this effect has been calculated on the con- 
sideration that the points N and P of the corrugation of Fig. 6 
lying originally in the middle plane of the diaphragm change their 
mutual distance by approximately Al = '/2ly*, when vertically 
displaced by the load. The corrugation considered is thus 
stretched in the plane of the diaphragm and the stretching force 
needed affects the deformation to an extent which increases with 
increasing deflections, as finally demonstrated in the nonlinear 
Relation {11}. 


Discussion 


R. F. Dresster.' This paper is the fourth in a related series, 
so that any discussion should logically refer to all four together. 
A brief outline of the method and assumptions employed through- 
out seems desirable first. Paper I contains most of the basic 
assumptions; these lead ultimately to the author's results (both 
linear and nonlinear) for deflections and stresses. The essential 
idea is the replacement of the complicated shell problem by the 
simpler problem of an orthotropic flat plate which from point to 
point approximates the average local properties of the corrugated 
shell. The following appear to be the most significant assump- 
tions used in the derivation of the equation describing this flat- 
plate behavior: (a) the wave length of each corrugation must be 
small compared to the distance of each corrugation from the 
diaphragm’s center, (b) the wave length must be large compared 
to the shell thickness, (c) the number of corrugations must be 
large (not mentioned in the text, but due to the replacement of 
a difference equation by a differential equation), (d) the deflection 
of each corrugation mid-point must be purely vertical. These 
assumptions then lead to the basic differential equation 


<*) 

(; C2 4 C2 
for the deflection angle ¥(£). The functions ¢; (£, h) and c2(&, h) 
in the coefficients are thus far completely unknown, and depend 
also upon the particular corrugation shape chosen. At this point 
the analysis separates into two parts when the diaphragm is either 
“thick”’ or “‘thin’’ in order to obtain approximate expressions for 
and 

The thick case is characterized by an additional assumption 
(e) that the deformation must not change the shape of each cor- 
rugation but consists merely in a rotation and a displacement. 
This leads to an approximate expression for the radial displace- 
ment which in turn implies an approximation for c;. Then use of 
an expression for the radial bending moment which retains only 
the second derivative term y” leads to an approximation for cs. 
At this point the basic differential equation becomes completely 
defined and reduces to a type which permits explicit solution. 
The actual shape of a corrugation in this thick case plays no 
role except in defining the integrated moment of inertia 7,. It 
therefore seems quite reasonable for the author to replace one 
corrugation shape by another, as he does in Paper II on stresses. 
The chief advantage of his analysis is that the basic differential 
equation can be integrated explicitly when all corrugations are 
identical in size and shape. Application to a diaphragm consist- 
ing of several different corrugation shapes or sizes would, how- 
ever, lead to an equation requiring numerical solution. 

The corresponding analysis in Paper I for the thin case is 
considerably more complicated, but consists essentially in geo- 
metrical arguments, different for each shape, to obtain approxi- 
mate expressions for the radial displacement, and then for c; and 
c2. The resulting equation becomes so complicated that only 
an asymptotic solution can be obtained for the case of vanish- 
ing thickness. In this limit case, all derivatives of ¥ are ignored 
in the equation, and one obtains immediately y ~ 1/c, under the 
assumption (f) that the diaphragm must be very thin. The de- 
velopment for the thin case appears to be less useful and relia- 
ble than the thick case, and the author bases all his subse- 
quent papers for stresses and for nonlinear effects only upon the 
expressions derived from his thick analysis. 

A comparison for stresses in a thick diaphragm with the 
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more exact computations made by Grover and Bell shows an 
amazing accuracy in the author’s results, as indicated in Paper II, 
and in Figs. 8 and 9 in this fourth paper. The author is to be 
congratulated heartily for thus attacking a very difficult problem 
and carrying through a long, involved analysis to a successful 
completion. This agreement is all the more remarkable in view 
of the fact that the Grover and Bell shape used does not seem to 
fulfill the author’s requirements which the writer has designated 
as (a) and (c). For other shapes conforming more closely to (a) 
and (c), his accuracy should be even better. This good agree- 
ment probably results from the fact that the diaphragm chosen is 
quite thick so that assumption (e) is well satisfied. If one 
takes the range of relative thicknesses investigated by Wildhack 
and Goerke as typical of the practical range, it is seen that the 
Grover and Bell model falls well into the thick region. It appears 
from all this that the most crucial condition for the author’s 
analysis is the thickness assumption (e), and that one can have 
confidence in his results as long as thickness is sufficiently great 
so that corrugation shapes will not distort. 

In the long run, the parts of his work which incorporate non- 
linear effects will probably prove to be the most valuable and 
useful, since it is now possible and practicable to integrate the 
exact shell equations for the linear regime by electronic computer 
to any desired accuracy for any diaphragm shape, loading, and 
boundary conditions. The writer’s experience in doing this in 
the linear case indicates that attempts te extend electronic 
computations to nonlinear shell theories will probably be much 
less successful and less feasible; and in this important nonlinear 
area the results obtained by the author are certainly the best now 
available. 

Bearing in mind the success of the author’s approach, it is in- 
tended only for the sake of clarity to point out limitations where 
it would be unreasonable to expect his results to retain validity. 


In this respect one notices that his solution for the vertical de- 
flection y is defined by a second-order differential equation and a 
first-order equation relating y to y’, so that the deflection is 
governed by differential relations of total order equal to 3. On 
the other hand, the same displacement defined by the exact shell 
equations requires a total order equal to 6. This means that his 


results necessarily omit an edge or boundary-layer effect. This 
omission will not have any serious effect in predicting the over-all 
deflection, but will affect the validity of his results on stresses in 
the regions bordering the outer and inner rims of the diaphragm. 

Now it may happen, as the writer’s calculations on the shell 
equations show, that peak values of some stresses may occur 
almost at the outer rim. Such rapidly varying behavior near a 
boundary cannot be described accurately by any system of equa- 
tions where the total order is too low. We see, in fact, from Figs. 
8 and 9 of the present paper that the author’s agreement breaks 
down near both boundaries of the corrugation zone. Further- 
more, if one desires to use his asymptotic results based upon the 
“very thin’’ assumption (f), then this edge limitation will be 
intensified, since the order of the corresponding equations has 
been reduced further to 1. This reduction in order also manifests 
itself in the limitation that various different types of actual bound- 
ary conditions cannot be distinguished from each other in the 
solution to his equation, such as the difference between a clamped 
outer edge and a semifree outer edge occurring in a capsule de- 
sign. Again, the resulting differences actually existing will be 
slight for the deflections, but may be radically large for the stresses 
in the neighborhood of the rim and could lead to fallacious design 
predictions for stresses. 

Regarding the limitation (e) on the thickness, the author clearly 
indicates how to test for this by the evaluation of his function G. 
This function also can be interpreted as a measure of the amount 
of distortion in a corrugation profile under load and is a funda- 
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mental criterion regarding possible application of his results. 
The Grover and Bell model also satisfies the thickness criterion as 
defined by the G-function. 

It will be very interesting and useful to learn just how far into 
the thin region the author’s present results might be pushed to 
predict reasonably accurate values for stresses. At some stage, 
the corrugations will distort sufficiently to violate conditions (e) 
and then results will be inapplicable everywhere throughout the 
corrugation region, not merely near the boundaries. An accurate 
determination of this limit must await future shell calculations, 
but fortunately it may prove to be possible to relax assumption 
(e) considerably and still retain reasonable accuracy. 

The author’s presentation of his results in terms of two inde- 
pendent dimensionless parameters and his calculations of design 
charts will be greatly appreciated by all who seek to use the re- 
sults as an aid in design problems. 


W. Trinxs.* Almost 40 years ago the writer had the ambition 
to build a steam flowmeter. Among the indicating elements, he 
experimented with a flat diaphragm, because he reasoned that a 
corrugated diaphragm could be too stiff. The diaphragm often 
showed the steam to flow in the wrong direction. A slight tem- 
perature diff » ace would cause the plate to snap or buckle. 

The question is this: What is the minimum depth of the cor- 
rugations to ‘eliminate the disturbing effect of temperature dif- 
ferences? 


AvutTHor’s CLOSURE 


The author wishes to express his thanks to Mr. Dressler for his 
thorough study of the basic principles laid down by the author in 
a series of papers on corrugated diaphragms, of which the present 
paper is the final one. In particular, his comments on the various 
restrictions relative to the applicability of the approximate calcu- 
lations will certainly contribute to a better understanding of the 
theoretical background of this very complex problem. The 
author fears, however, that the stress laid upon these objections, 
though undoubtedly justified from a strictly mathematical point 
of view, might discourage the design engineer from applying the 
results arrived at in this paper. Experience has shown that the 
theory given embraces a wider field than that corresponding to 
the formal mathematical restrictions and that the engineer can 
take advantage of this fact with confidence. 

The results based upon the approximations introduced by the 
author agree surprisingly well with experiments, even in cases 
where the restrictions would not justify their application. As 
put forward in the author’s discussion to the paper by Mr. Dres- 
sler, et al.,? this is not so surprising when one bears in mind that 
methods of concentrating or smearing out the deformability of 
elastic structures have been successfully used in many other prob- 
lems of applied mechanics. 

The distinction between thick and thin sheets which was 
particularly emphasized in Mr. Dressler’s discussion as being a 
severe restriction, was necessary to tackle the problem mathe- 
matically. However, one should bear in mind that this distinc- 
tion is only a relative one and has no absolute meaning. 
Whether or not the sheet is to be treated as thick is decided by 
function G given in Equation [6] or [15] of the paper. Taking the 
limit at G = 1.10, the minimum tolerable thickness is found to be 
dl/R. Thus, if d and are small enough a diaphragm made of 
even the thinnest sheet may very well be considered as being 
thick. 

To clarify this point further the author would like to refer to one 
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of the diaphragms investigated by Wildhack and Goerke (see 
Fig. 7) for which h/R is equal to 0.0008 and the reduction factor 
€ was found to be 0.008. The diameter is 2.5 in. and the sheet 
thickness of 0.001 in. is so small that the diaphragm had to be ob- 
tained from a similar diaphragm of 0.002 in. thickness by a special 
etching method. The dimensions / and d are 0.156 and 0.021 in., 
respectively, and the minimum thickness for which mathematical 
treatment as a thick sheet is tolerable thus amounts to 0.0026 
in. A diaphragm like this particular one will therefore never be 
designed if the method outlined in this paper is followed. In the 
first instance this would seem a very serious limitation, but as 
will be shown there exists no actual need for such a diaphragm. 

According to the theory for thick sheets it is possible to arrive 
at a different diaphragm of the same thickness and diameter and 
having similar mechani roperties. For this purpose one has 
to provide the diaphragm with smaller corrugations than those 
used by Wildhack and Goerke. If for the corrugation the stand- 
ard profile of Fig. 2 is chosen, the wave length 2/ should be taken 
equal to 0.1 R (instead of 0.25 R as in the original diaphragm). 
The amplitude d of the corrugation is then 0.21 = 0.01 R = 
12.5 h. Equation [15] yields G = 1.063, so that in spite of the 
same sheet thickness the diaphragm is now indeed to be con- 
sidered as being adequately thick. From Equations [12] and 
[14] the quantity g is found to be equal to 30.5 and Q to 180. In 
agreement with Equation [13] the deflection f is thus linear within 
10 per cent up to 0.046 R. According to the remarks by Wild- 
hack and Goerke on nonlinearity it is to be expected that this 
limiting deflection will not be exceeded by that of the original 
diaphragm. 

The modified diaphragm corresponds in Fig. 5 to the related 
values of p’/E = 5.4 X 1078, o'/E = 0.0055, h/R = 0.0008, and 
f'/R = 0.145. It can be found directly starting from the pres- 
sure Pmax Which, according to Equation [1] and ¢ = 0.008, is 
needed to deflect the diaphragm of Wildhack and Goerke a dis- 
tance fmax = 0.046 R. In the same way Fig. 5 shows that a more 
favorable diaphragm is obtained if the thickness is reduced to, say, 
0.0005 R (h/R = 0.0005). For the same maximum pressure 
(p'/E = 5.4 X 10-8), this modification in thickness results in an 
increase in the stresses (o’/E = 0.0087 instead of 0.0055), but the 
maximum tolerable deflection reaches a value 50 per cent higher 
than that for the original sheet thickness (f’/R = 0.22 instead of 
0.145). 

In the author’s opinion the most severe restriction does not lie 
in the formal mathematics, but is related to the fact that, as 
shown in Fig. 1, only those diaphragms were treated which pos- 
sess a sequence of similar corrugations lying on either side of a 
flat median plane. In particular, in the case that the outer rim 
is bent outside the median plane of the remainder of the dia- 
phragm, as in capsules, the results obtained by the author cer- 
tainly need some correction. The discrepancy can be found by 
comparing these results with the more exact solution obtained 
with the electronic computer. The few cases for which these 
solutions are available to the author, however, suggest that, gener- 
ally speaking, the corrections will be small. 

The author does not fully agree with Mr. Dressler’s views con- 
cerning the effectiveness of electronic-computer techniques. It is 
certainly true, at least for the linear range of deformations, that 
these methods are valuable in supplying numerically very precise 
solutions. Therefore from an arithmetical point of view the 
mere introduction of electronic computers might be said to have 
solved the problem. For the engineer, however, the problem has 
its special aspects. For example, he requires a clear insight into 
what changes in the various dimensions of a diaphragm have de- 
cisive effects on its performance and what changes have not. To 
provide him with this information a series of computations 
would have to be done by the computer and the results compiled 
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into a collection of charts or tables. It should be emphasized, 
however, that most of these results also can be derived, within an 
acceptable degree of uncertainty, from the chart represented in 
Fig. 5. In the author’s opinion this chart gives the engineer a 
much more attractive over-all picture than the said collection 
ever can do. 

Furthermore, the exactly calculated values lose much of their 
advantage over approximations in view of the uncertainties in 
Young's modulus, sheet thickness, diaphragm profile, nonlinearity 
in deformation, maximum admissible stresses, and residual stresses. 
Thus even the exact mathematical treatment does not guarantee 
an accurate prediction of the behavior of the diaphragm. Its 
actual properties inevitably must be checked by experiment. 

The question put forward by Mr. Trinks is very interesting. 
It cannot be answered directly from the results of the calculations 
given in this paper, but it is very welcome from the point of view 
of demonstrating the versatility of the author’s theory, as will be 
shown briefly. 

A temperature difference AT between the diaphragm and the 
fixture at the outer rim causes a radial load in the plane of the 
diaphragm. The coefficient of linear thermal expansion being \, 
the radial displacement at the outer rim in the absence of any 
constraint would be ARAT. The radial load must compensate 
for this displacement. 

Replacing the diaphragm once more by the fictitious flat 
plate of similar properties one can calculate the radial displace- 
ment u as a function of radius z when a radial load is exerted upon 
the diaphragm. The lateral contraction of the sheet material 
being ignored, the tangential strain €, is given by (Equation [24]) 


and the radial strain €, by (Equations [III, 3] and [III, 4], with 
Z = ho, and Al/l = du/dz) 


where @, and a, are the local tangential and radial stress, respec- 
tively. The conditions for equilibrium being, as usual 


Thus, with the boundary conditions u = 0 for § = 0 and u = 
ARAT for — = 1, the radial displacement is 


Referring to the calculation by Timoshenko on the instability 
of radially loaded flat plates,’ one can show that the differential 
equation governing the buckling phenomenon of circular dia- 
phragms is (Equations [30] and [39] with D = Who, and E’l = Es) 


8 “Theory of Elastic Stability,” by S. Timoshenko, McGraw-Hill 
Book Company, Inc., New York, N. Y., 1936, pp. 367-368. 


du 
= — 
q 
d 
the differential equation for u (with z = R&) is 
du 
Further, the radial stress is (Equations [35] and [38]) 
Edu EAT 
dr 


+ — =0 


dg 


a? = 12\R°AT/gh? 
With the substitution 


= /a+1) 
J 


differential Equation [40] can be written in the form 


Its solution can be given in the form of Bessel functions: The 
boundary conditions that the angle of deflection y is zero in the 
center (£ = O or ¢ = 0) as well as at the outer rim [E = lor¢ = 
2a/(q + 1)] lead to the condition that buckling occurs when the 
Bessel function of the first kind of order p 


2a 


If the lowest value for 8 = 2a/(q + 1) satisfying Condition [44] 
is denoted by @;, the critical thermal expansion AAT at which 
buckling occurs is, on account of Equation [41], given by 


AAT = + 


Quantity 6, depends upon p, which according to the second of 
Equations [42] lies in between 1 and 2 for all possible values of 
q(q 21). From this it follows that 3.832 < 8; < 5.136. Accord- 
ing to Equation [14] g and thus @; is a function of the ratio d/h 
between corrugation amplitude and sheet thickness. 
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The result given in Equation [45] can therefore be represented 
diagrammatically in the graph of Fig. 10, herewith. From this it 
is clearly seen that the introduction of the corrugations actually 
makes the critical temperature difference AT greater than that for 
the flat plate of equal thickness (c.f. curve for d/h = 0). 


Investigations of the Properties 
of Corrugated Diaphragms 


By W. A. WILDHACK,? R. F. DRESSLER,? anv E. C. LLOYD,* WASHINGTON, D. C. 


The pressure-deflection characteristics of corrugated 
diaphragms are correlated by methods of dimensional 
analysis. Experimental results for various sizes, ma- 
terials, thicknesses, and shapes of diaphragms indicate 
that the performance for diaphragms of any given shape 
may be computed from a dimensionless formula derived 
from experimental data on other diaphragms of that 
shape. Linear shell equations are derived for combined 
bending and stretching effects with lateral loading terms 
for rotationally symmetrical shells in appropriate inde- 
pendent and dependent variations suitable for complicated 
meridial shapes, and with boundary conditions associated 
with practical diaphragm applications. The method used 
for solving this system of equations on an electronic 
digital computer is described and numerical solutions are 
presented for a specific diaphragm subjected to uniform 
pressure loading. Suggestions are presented for future 
research, both theoretical and experimental, on diaphragm 
properties and performance. 


INTRODUCTION 


ETALLIC diaphragms, singly or in pairs as capsules, find 

a wide use in pressure-measuring instruments of many 

types. Their advantages include compactness, sim- 

plicity, cheapness, as well as a wide range of load, sensitivity, and 
deflection characteristics. The use of corrugated disks makes 
possible larger deflections and affords a control of the shape of the 
load-deflection curve. There are, however, certain limitations in 
practice that confront the designer who wishes to make use of 
diaphragms in any given application. For one thing, there are 
no generalized design formulas to predict the behavior of corru- 
gated diaphragms. Even for the limiting case of flat disks, where 
theory has led to the development of load-deflection equations 
(1 to 8)§ conyenient charts, tables, or other aids to design have 
only recently become available. It is possible to set theoretical 
limits to the gain in deflection that can be achieved by corrugat- 
ing disks (1), but there is no easy way of predicting, except in a 
general qualitative fashion, the performance to be expected for a 
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given type of corrugation. This practical difficulty is serious be- 
cause it is always desirable to use the diaphragm best suited to the 
specified application; the selection of the best form of diaphragm 
by the trial and modification method may involve considerable 
development expense. 

Diaphragm instruments are subject to various errors arising 
from the imperfect elastic properties of the diaphragm materials, 
evident in the phenomena of hysteresis, drift, aftereffect, re- 
covery, and zero shift (or set). For many modern applications, 
in industry as well as in research, the errors arising from these 
sources must be less than 0.1 per cent of the maximum deflection. 
This relatively high standard of performance is achieved by limit- 
ing the load to values that will not stress the material to near its 
yield point, by using those materials with the best elastic proper- 
ties, by following closely a satisfactory technique of manufacture 
coupled with selection on the basis of inspection, and, in some 
measure, by calibrating under conditions corresponding to the 
manner of use. 

There are two ways to determine the properties of corrugated 
diaphragms: The empirical approach is to make diaphragms of 
various sizes, shapes, and materials and to load them in various 
ways and measure their deflection, drift, hysteresis, recovery, and 
set. From judicious selection of sizes and shapes for experiment 
it may be possible to deduce design criteria and gencrally applica- 
ble formulas which may be used in design of other diaphragms of 
similar shape and materials or, by interpolation or extrapolation, 
of other shapes and other materials. 

The second approach is the analytical, mathematical one which 
requires that equations be derived relating the load-deflection 
characteristics to the geometry of the diaphragm and the elastic 
constants of the material. It appears that predicting the approxi- 
mate linear characteristics of a “‘perfect’’ diaphragm represents 
the limit of what may be practically obtained from this approach 
at present, although future progress might make it possible to pre- 
dict something about the elastic defects or good nonlinear be- 
havior. 

With the present imperfect knowledge of the laws governing 
drift, hysteresis, and aftereffect, experience alone can tell which 
material, which shape, or which technique of preparation, will re- 
sult in producing the diaphragms with the most desirable proper- 
ties. 


1—EXPERIMENTAL INVESTIGATIONS 


It is only in recent years that partially successful mathematical 
attacks have been made on the diaphragm problem, so that the 
history of diaphragm design is primarily a record of cut-and-try 
methods. Because of the great importance of elastic elements in 
pressure-measuring systems, the NBS has maintained an in- 
terest in diaphragm design for many years and has co-operated 
with other government agencies and industry in several investiga- 
tions. 

Hersey in 1923 (9) reviewed the experimental work and sug- 
gested the dimensional-analysis approach to correlation of test 
results. In the late 1930’s a project for research on diaphragm 
performance was undertaken on behalf of the National Advisory 
Committee for Aeronautics, and it was decided that the empirical 
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approach would be the most fruitful in view of the mathematical 
difficulties and the fact that many of the most important charac- 
teristics for practical use relate to the elastic defects, which even 
now are unlikely to be predicted analytically. An arbitrary dia- 
phragm design was selected, and dies were made in various sizes 


so that a family of test specimens could be made. It was antici- © 


pated that the data could be correlated by dimensional analysis 
to give general design formulas, each applicable to certain shapes. 
The results of these investigations were published as Technical 
Notes, by the National Advisory Committee for Aeronautics (10 
and 11) and received limited distribution. The essential conclu- 
sions of these investigations will be summarized herein, and the 
pertinent figures reproduced. 

In the early NBS work, a large number of corrugated dia- 
phragms of beryllium copper, phosphor bronze, and Z-nickel, 
having geometrically similar outlines (NBS Shape 1) but of vari- 
ous diameters and thicknesses, were formed by hydraulic pressing. 
The diaphragms were made with geometrically similar outlines, 
in order that the data on various sizes could be easily used in de- 
veloping design formulas by dimensional analysis. The load-de- 
flection data experimentally obtained were correlated by dimen- 
sional analysis to obtain a general formula that applies to the par- 
ticular corrugation outline used. 

Less complete data available on diaphragms with other corruga- 
tion shapes were also correlated in this manner to obtain some 
indication of the effect of changes in shape. Some work was done 
on the deflection characteristics of diaphragms subjected to con- 
centrated central loads. 

The shape of the family of diaphragms covered in this early 
investigation was as shown in the cross-sectional view of the 
clamping and forming dies, Fig. 1. It will be noted that the out- 
line consists of circular arcs except at the center and that the 
Four dies 


outer corrugation joins the rim at a 90-deg angle. 
were used differing in the values of the effective diameter D 


which were 1'/2, 2, 2'/2, and 3 in. The forming dies and clamp- 
ing base are shown in Fig. 2. Diaphragms were formed from 
commercially available sheet materials from 0.013 down to 0.002 
in. in thickness. Some measurements were made on still thinner 
diaphragms formed by etching, so that data were obtained over a 
ratio of thickness to diameter over the range 3.6 X 10~* to 80 x 
10-*. The central flat area of most of the diaphragms was rein- 
forced by means of a stiffening disk soldered in place. 

Test data were obtained on these diaphragms by pneumatic 
loading, with measurements of the central deflection obtained by 
use of a screw micrometer at each pressure step. Data were ob- 
tained with both increasing and decreasing pressures over a num- 
ber of cycles in order to determine hysteresis, drift, aftereffect, 
recovery, and zero shift. 

We define these elastic defects as follows: 

Hysteresis—the difference between the deflections of the 
diaphragm at a given load, for decreasing and for increasing loads. 

Drift—the increase of deflection with time under a constant 
load. 

Aftereffect—the deflection remaining immediately after removal 
of the load, that is, hysteresis at no load. 

Recovery—the decrease of aftereffect with time under no load. 
(The term also may be applied to the time decrease of hysteresis 
at a constant load but was not studied in this sense.) 

Zero shift—the permanent deformation, that is, the difference 
in no-load deflection before loading and sufficiently long after 
unloading for recovery to occur; or the difference between after- 
effect and recovery. 

Zero shift appears to be a fairly absolute measure of the useful 
range of deflection; thus, if each loading causes permanent 
deformation, it is apparent that the loadings cannot be repeated 
indefinitely. Even this criterion is, however, to be scrutinized 
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(The four dies used had geometrically similar outlines, differing only in the 
values of D, which were 1'/2, 2, 2'/2, and 3 in.) 
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closely. Diaphragms will often show some zero shift initially, 
after each of a number of loadings. Afterward their performance 
(up to that load) becomes stabilized and they are said to be 
seasoned. It is characteristic that imposition of a higher load 
will again cause a zero shift, which may decrease with succeeding 
loadings and stability may again be obtained. Heat-treatment 
for stress relief will often reduce the number of workings neces- 
sary to attain stability. There finally comes a point, however, at 
which the total deformation incident to the working is so great 
that the characteristics of the diaphragm over the low-pressure 
range are entirely different from the original. Alternatively, the 
diaphragm may break during seasoning before stability is 
attained. 


| 
| 
| 
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Presumably diaphragms like other mechanical elements will 
exhibit fatigue failures after repeated working, even well within 
their elastic limits. However, no definitive experimental results 
are available on this phase, at least for measuring instrument 
diaphragms. 


Low-DEFLECTION CHARACTERISTICS 


The shape of the diaphragms of NBS Shape 1 was such that 
the central deflections were nearly proportional to the differential 
pressures up to deflections of 2 to 3 per cent of the diameter. 
Fig. 3 shows the pressure-deflection curves for several reinforced- 
center beryllium-copper diaphragms. Dotted lines are extensions 


Deflection 


Fic. Curves ror SEVERAL REINFORCED 
DIAPHRAGMS 


(Dotted lines are extensions of the a ae lines through the X = 0.02D 
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of straight lines through the 2 per cent deflection points. None 
of the diaphragms had a perfectly linear characteristic over their 
total useful range. Finer scale information on the exact nature 
of the load-deflection curves is shown better in graphs of devia- 
tion from linearity such as Fig. 4. At larger deflections all such 
deviation-from-linearity curves will of course turn downward, 
i.e., become more stiff than over the approximately linear range. 

There appears to be a correlation between the thickness-to- 
diameter ratio t/D and the phenomenon of increasing flexibility 
over part of the range. For diaphragms with t/D values below 
2 X 10~* the flexibility was found in general to increase above the 
initial value throughout part of the range. 

The limiting useful deflections, investigated for several dif- 
ferent materials (11), were found to differ markedly with different 
materials. For beryllium-copper hardened by appropriate heat- 
treatment after forming, deflections as great as 7 per cent of the 
diameter could be obtained without apparent overstressing of the 
material. For some of the other materials excessive elastic de- 
fects became apparent when deflections exceeded 2 or 3 per cent 
of the diameter. There appeared to be a fairly good positive 
correlation between hardness of the material and the limiting 
deflection. However, if the softer materials could have been 
deflected without further yielding, they would presumably have 
shown somewhat similar load-deflection curves, as these are 
determined primarily by the shape of the diaphragm rather than 
its material. 


ANALYSIS OF EXPERIMENTAL RESULTS 


In order to compare diaphragms of different materials and of 
different sizes to determine to what extent the character of the 
pressure-deflection curve is determined by shape factors, it is 
necessary to simplify the problem by combining some of the 
variables. 

The method of dimensional analysis, developed by Bucking- 
ham (12), is useful in this connection. It is of interest that Buck- 
ingham published his epochal paper on engineering applications of 
dimensional analysis just 40 years ago in the ASME Transactions. 
The method is based on Buckingham’s famous 7-theorem which 
states that a functional relationship will exist between the various 
nondimensional products which can be formed by combinations 
of the physical quantities which may vary in the given situation. 
The number of such nondimensional products is less than the 


Fic. 4 Deviations From Linearity oF Pressure-DEFLECTION 
CuRvVES FOR Retnrorcep DIAPHRAGMS 


(Deviations from straight lines passing through origin — load-deflection 
curve at X = 0.04D are plotted as percentages of 0.04D.) 
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number of physical variables by the number of independent 
fundamental units needed to specify the physical quantities (i.e., 
by three, in purely mechanical problems, since mass, length, and 
time suffice to define dimensionally any mechanical quantity). 

The deflection of a diaphragm is influenced by the pressure 
applied, the diameter, the thickness, the shape of corrugation out- 
line, and the elastic constants of the material. 

Let 


X = deflection 

D = diameter 

t = thickness 

P = applied pressure 

E = Young’s modulus 

F = plate modulus (Z/(1 — v*) 
v = Poisson’s ratio 


For all diaphragms of the same corrugation shape (dimensionally 
similar diaphragms) 
X = f(D, t, P, E, v) 


The dimensionless ratios formed by combinations of the pa- 
rameters are also related, so that 


hed: (4.2 


The contour shape of the experimental diaphragms was such 
that the pressure-deflection curves (Fig. 3) were very nearly 
straight lines over a considerable range. The existence of this 
linear relationship permits a simplification. Since X¥/D = kP/E 
for a given diaphragm then, in general, for diaphragms of similar 
shape 


In the theory of elastic deflection of flat plates, v enters mainly 
in a factor (1 — v*), which may be combined with EZ. Its effect, 
other than this, is less than 2 per cent for a variation of v from 
0.25 to 0.3 (reference 5). This fact does not prove, but does sug- 
gest, that the influence of v on performance of a corrugated dia- 
phragm may be approximately the same. 

In view of these considerations, the equation might be expected 
to apply fairly accurately to diaphragms of these different 
materials when written as 


The modulus E/(1 — v?) is called the “plate modulus,’’ and is 
designated by the symbol F. 
Experimental observations on many diaphragms of the given 
shape show that the pressure-deflection relation is fairly linear 
over the range of deflections up to X/D = 0.02. For this range 


of deflections and over the range of = from 0.6 to 6.0 ap- 


proximately, the following equation was found to hold for all the 
diaphragms tested 

= 2.25 10° (t/D 10%) 
The absolute magnitude of the exponent increases beyond each 
end of this range of 1000 ¢/D. 

The general curve developed as fig. 9 in reference (10) from 
experimental results on diaphragms of this shape over the range 
of X/D up to 0.02 is reproduced as Fig. 5. The points plotted 
were determined from data for reinforced beryllium-copper dia- 
phragms, loaded on the convex side. The effective values of F 


TRANSACTIONS OF THE ASME 


1 
0.8 


0.6 


0.3 0.4 06 08 1.0 2.0 40 


9) 


6.0 8.0 10.0 


Fic. 5 Smoorn Curve Suows Revation Between DIMENSIONLESS 
Ratios (FX)/(PD) anv t/D ror a Ser or Beryiirum-Coprer 
DriapHracMs or NBS Snape 1 


for other materials were so chosen that the points for other dia- 
phragms fall on the same curve. This curve defines the stiffness 
of the diaphragms P/X (or flexibility, X/P) over the given range 
of deflections as a function of D, effective thickness t, and the 
“effective’’ plate modulus of the material /. For beryllium 
copper, the value of the plate modulus was taken as 18.9 X 10° 
psi. The corresponding effective values for unreinforced dia- 
phragms of beryllium copper were 17.0, phosphor bronze, 15.1, 
A-nickel, 31.7, B-Monel, 22.2, K-Monel, 24.5, Inconel, 26.4 
(all X 10°), effective values being defined as those values for 
which the deflection characteristics of the diaphragm would 
coincide with the curve shown, obtained for reinforced beryllium- 
copper diaphragms. 

The experimental points for beryllium copper fall on the curve 
with an average deviation of not more than 5 per cent. Average 
experimental results for other materials also fitted the curve over 
the range of (t/D X 10?) from 0.8 to 4 but with somewhat greater 
scatter. 

It should be noted, that although this nondimensional chart 
relating the initial flexibility (or the average flexibility over the 
working range) furnishes a very valuable design aid, a similar 
chart for comparing families of diaphragms having quadratic or 
logarithmic load-deflection characteristics might also be quite 
useful. For this one might choose as a “nondimensional flexi- 


bility” 
pp 


Other functions representative of other types of load-deflection 
characteristics of particular interest might also be used. How- 
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ever, experimentation would be required to determine which 
function, if any, would fit the facts for any particular diaphragm 
shape. 

During the war many people who had need to make dia- 
phragms for various purposes utilized the NBS Shape 1, probably 
because it was about the only shape on which design data were 
available. Fortunately, this shape had turned out to have a 
fairly linear characteristic over a fairly good range and results 
were generally satisfactory. In several cases, diaphragms were 
made somewhat larger than those on which experimental data 
had been obtained at NBS, but it was found that the nondimen- 
sional chart applied fairly well even for the larger diaphragms. 
Several years ago the H. A. Wilson Company exhibited a large 
diaphragm capsule at several trade shows in connection with its 
advertising of strip metals and alloys. Through the courtesy of 
this company we have recently been able to borrow and test this 
large diaphragm capsule, which is made of Z-nickel, about 0.050 
in. thick, and is approximately 30 in. in effective diameter. This 
giant diaphragm capsule had been made by spinning, with a shape 
not greatly different from the NBS Shape 1. The only difference 
of possible significance appeared to be that the central flat area 
was about 29 per cent of the diameter rather than 25 per cent of 
the diameter as in NBS Shape 1, with correspondingly slightly 
smaller corrugations, 

A '/,-in-thick nickel reinforcing disk was soldered in the center 
of one diaphragm of the capsule, and the pressure-deflection curve 
of each side measured by reducing the internal pressure. Each of 
the diaphragms was found to be quite linear, with sensitivities of 
0.093 in./psi and 0.120 in./psi for the reinforced and unreinforced 
sides, respectively, for deflections up to at least 1 per cent of the 
diameter. These data are represented by a single point for 
the reinforced diaphragm on the nondimensional graph, Fig. 6. 
The plate modulus was taken as 33.2 X 10° psi for Z-nickel 
corresponding to the published value. 

While the very close coincidence of the point for the reinforced 
center diaphragm with the graph for NBS Shape 1 may be con- 
sidered slightly fortuitous in view of uncertainties in effective 
thickness, plate modulus, and effect of edge fastening, the proxim- 
ity of the points certainly indicates that the dimensionless rela- 
tion is valid for diaphragms of these large dimensions. 

The calibration curves showed hysteresis as large as 1'/, per 
cent for the unreinforced diaphragm and twice this value for the 
reinforced diaphragm, but no other unusual elastic defects were 
found in the limited tests made. 

The flexibilities of thin diaphragms (small t/D value) may be 
such that they will not support atmospheric pressure, and may 
not be used in the usual fashion for evacuated capsules. The 
advantage of sensitivity over reduced-pressure range may be 
retained by a capsule formed of two nesting diaphragms, as 
described by Brombacher, Goerke, and Cordero (13). 


Errect or VARIATION IN SHAPE 


At the same time these early investigations were being made on 
the single-diaphragm shape, plans were made to extend the 
investigation to other shapes. Diaphragm dies were made with 
various shapes as shown in Fig. 7 and listed in Table 1 (NBS 
Shape 1 is shown as No. B-3). Because the pressure of war work 
made it impossible to continue this investigation at NBS, no test 
diaphragms were made from these dies for some years. In 1946, 
the Battelle Memorial Institute undertook an investigation on 
diaphragm-capsule performance for the Signal Corps and the 
NBS made available the sets of dies for use at Battelle in making 
families of various shapes. Battelle apparently did not use the 
NBS dies directly but made other sets using male and female dies 
to form diaphragms with the NBS corrugation shape. Because 
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TABLE 1 SHAPE OF DIES 


2 3 
No. of Corrug are 
corrug angle,deg radius, 


a 
SSccoog 


~ 
a 


eo diameter of corrugation (corrug) nearest the rim. Add '/s in. 
for total diameter ('/rin. rim). 
Number of ridges with outermost corrugation above rim (facing down). 

3 Are of each semicorrugation. 

the test data were obtained at Battelle only after diaphragms had 
been joined together to form capsules, their load-deflection data 
are not exactly comparable to those obtained at NBS on single 
diaphragms with clamped edges. However, when approximate 
corrections are made for the boundary conditions, the Battelle 
data are in fair agreement with NBS data on the NBS Shape 1. 
(Based on SEAC computations on the Battelle Shape, the 
clamped edge increases the stiffness by about 5 per cent above 
that of the capsule with no flange.) By applying the same cor- 
rection to the other shapes it is possible to make some comparisons 
of performance of capsules of other shapes with similar single 
diaphragms. Results of some of these comparisons are shown as 
newly added points on the nondimensional chart, Fig. 6. 

Pressure-deflection data from four capsules made by Battelle 
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NBS DIAPHRAGM No. C-2 


NBS DIAPHRAGM No. D-2 


Fic. 7 NBS Die Saapes. NBS 1 Is SHown Here as DiapHracM B-3 


are plotted toward the lower right in Fig. 6. Three of these 
capsules were fabricated on BMI dies with outlines corresponding 
to NBS Shape 1, and a fourth capsule with a special BMI shape 
(shown in Fig. 12). This is the special BMI shape for which 
Grover and Bell computed the stress distribution (14). Correc- 
tions made to the BMI data involved a 10 per cent reduction of 
the nominal thickness to approximate an effective thickness, and 
an added percentage of the value of the ratio FX/PD equal to 
twice the per cent “departure from linearity’ as determined by 
Battelle. These departures from linearity ranged from 4 to 9 
per cent. Also, the initial value of FX /PD was reduced by 5 per “ 
cent to correct for the difference in stiffness between a capsule 
and a siagle diaphragm. 

The results of computations at NBS (described in Part 2 of this 
paper) for the same special BMI shape with a clamped edge is 
also shown as an added point on Figs. 6 and 10. The fact that 
the NBS computations and Battelle experimental results lie 
approximately on the same line parallel to the general curve for 
NBS Shape 1 is encouraging. In Fig. 6, curve 1 is the experi- 
mental curve previously shown in Fig. 5. 

Curve 2 is for diaphragms made on the same dies as NBS Shape 
1, but with one thin sheet of rubber between. Curves 3, 4, 5 
represent approximate performance data obtained through the 
courtesy of Maxwell, Manning, and Moore on diaphragms of 
their manufacture. These diaphragms were of beryllium copper 
2'/2 in. in effective diameter with a reinforced flat in the center of 
5/1gin. diam. The corrugations were circular ares approximately 
60 deg with suitable radii for forming two or five complete cor- 
rugations. The corrugations themselves were symmetrical 
about the plane of the rim; that is, the outline was not offset or 
concave as was the NBS outline. Curves 3 and 4 are for 


TABLE 2 


all values of deflections up to 0.02D while curve 5 is only for the 
value 0.03D, representing an average stiffness to that deflection. 
The load-deflection characteristics of these diaphragms were not 
as nearly linear as the NBS Shape 1. As an indication of the 
limits of flexibility, curves 6 and 7 are shown. Curve 6 repyesents 
the initial flexibility for flat diaphragms. It is valid only for 
relatively small deflections up to about 0.4 of the thickness. 
Curve 7 represents a computed approximation to the deflection- 
pressure ratio for flat diaphragms deflected to X = 0.02D and 
represents the average flexibility up to that deflection. The 
initial flexibility of a flat sheet is presumably the limiting flexi- 
bility for any stable diaphragms of the same ¢/D ratio. It may 
be noted that none of the diaphragms tested approaches the 
initial flexibility of the flat sheet, the most flexible (12 corruga- 
tions, 90-deg ares) being still about 8 times as stiff. 

More recently, with support from Wright Air Development 
Center, the Bureau made some single diaphragms using the NBS 
dies (Fig. 7) which, in the meantime, had been returned by Battelle, 
and using still other shapes as shown in Fig. 8, and listed in 
Table 2. These experimental results, on load-diaphragm charac- 
teristics, were transmitted to the Air Force in NBS reports pre- 
pared by Wexler, Garland, Garfinkel, and Fairbanks but have 
not been published. Some results will be summarized here. 

Fig. 9 shows that the effect of increasing the number of corruga- 
tions is to increase the initial flexibility as well as the average 
flexibility over the usable range, although the diaphragms with 
more corrugations have nonlinear characteristics and become 
progressively stiffer for larger deflections. The differential flexi- 
bility, given by the slope of the curve at any point, will decrease 
and may even become less than that for the diaphragms of fewer 
corrugations at larger deflections. 


FORMING DATA AND GEOMETRIC PARAMETERS 


Clamping Forming —_ —G tric parameters (see Fig. 1) ——-—-—-— — ———— 
Die force, pressure, A B Cc D E # G 6 o No. Corrug 
no. tons psi in. in. in. in. in. in. in. deg deg corrug shape 
01 10 1500 0.3125 0.380 1.250 1.500 0.018 0.036 0.134 60 60 4 Circular 
02 24 3600 0.3125 333 1.250 1.500 0.009 0.018 0.041 45 90 12 Circular 
03 10 1500 0.3125 0.380 1.250 1.500 0.027 0.054 0.134 45 90 4 Circular 
04 24 3600 0.3125 0.344 1.250 1.500 0.009 0.018 0.063 60 60 8 Circular 
05 24 3600 0.3125 0.344 1.250 1.500 0.014 0.028 0.063 45 90 8 Circular 
06 10 1500 0.3125 0.380 1.250 1.500 0.009 0.018 0.134 75 30 4 Circular 
07 28 4200 0.3125 0.333 1.250 1.500 0.006 0.012 0.041 60 60 12 Circular 
Li 32 4800 0.3125 0.380 1.250 1.500 0.018 0.036' 0.134 75 as 4 iangle 
Kl 28 4200 0.3125 0.380 1.250 1.500 0.018 0.036 0.134 60 4 Trapezoid 


A—tradius of central disk 
B—radius to crest of first corrugation 
C—radius to inside of clamping edge 


E—semicorrugation depth 
F—corrugation depth 


D—radius to outside of clamping edge 


G—width of semicorrugation 
é—tangent angle 
@—are angle 
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Confirming earlier results, it was found that diaphragms with 
shallower corrugations, obtained by forming the blank against the 
dies with varying numbers of thin rubber sheets between the 
blank and the die, gave better initial flexibilities within limits but 
at the expense of decreasing the linear range. Some of the dia- 
phragms thus formed gave deflections closely proportional to the 
square root of the pressure over quite a large range. In particu- 
lar, the 2'/:-in-diam diaphragm with 0.003-in. material with 4 
corrugations (die Shape C-2) formed with two thicknesses of 
0.008-in-thick dental rubber dam gave a slope of 0.46 on a log-log 
plot, thus roughly approximating the square-root characteristic. 
Likewise of interest is another nonlinear characteristic in which 
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TERISTICS OF 0.003-IN-Tuick DIAPHRAGMS 


the deflection is proportional to the log- 
arithm of the pressure. The 2'/;-in-diam 
diaphragm of 0.003-in-thick material 
made on die Shape 02 (Table 2) with 12 
corrugations closely approximated this 
characteristic over the upper two thirds of 
its useful deflection range. 

The diaphragms made with the tri- 
angular and trapezoidal shapes were quite 
linear up to at least 2 per cent of the 
diameter with the trapezoidal outline 
being slightly stiffer and the triangular 
slightly more flexible than the correspond- 
ing diaphragm with the same number of 
circular corrugations (die Shape 01). 

The initial flexibilities of the dia- 
phragms of these different shapes are 
plotted in nondimensional form in Fig. 10 
in which a portion of the curve for NBS 
Shape | is reproduced. For only a few of 
the shapes were tests made with material 
of more than one thickness so that for most 
of the data only one point is available. 

However, this point represents the average of test results on at 
least three diaphragms. In view of the general finding that the 
characteristic curves for other shapes run somewhat parallel to 
the curve for NBS Shape 1 over some range of values of ¢/D, it is 
reasonable to assume that these points may serve to locate 
roughly the curves for their corresponding series. 

At the time the empirical program was planned in the late 
1930’s it was contemplated that eventually studies might be 
made of various other shapes involving radial corrugations, 
conical segments, spiral corrugations, twisted cones, etc., but no 
specific designs were evolved. In 1951 the Engineering Research 
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Associates (now a subsidiary of Remington-Rand) undertook on 
contract to the Air Force a general study of diaphragm perform- 
ance and design and made interesting experiments and analyses 
of pleated cones and tubes, which responded to pressure varia- 
tions by twisting, and on noncircular capsules, some with radial 
pleats or corrugations, etc. The results of this project are signifi- 
cant for guiding further work but cannot be compared or applied 
directly to the other work reported here. 


2—THEORETICAL* 


MaruematicaL ANALysis Usine SHELL Equations 


A corrugated diaphragm is precisely an elastic shell with rota- 
tional symmetry, and therefore a mathematical analysis of 
stresses and displacements in diaphragms logically should be 
based upon shell theory. This has hitherto not been attempted 
for capsules of arbitrary meridian shape because of the complexity 
of the differential equations and the inability to find satisfactory 
solutions either in closed form or by approximations. The three- 
fold purpose of this part is (a) to derive the linear shell equa- 
tions for combined bending and stretching effects with lateral 
loading terms for rotationally symmetric shells in appropriate 
independent and dependent variables suitable for complicated 
meridional shapes, and with the boundary conditions associated 
with practical diaphragm applications; (6) to describe the 
method used for solving this system on an electronic digital com- 
puter; and (c) to present numerical solutions for a specific dia- 
phragm subject to air-pressure loading. 

Several analyses have been published previously using simpli- 
fied physical assumptions to obtain somewhat rougher informa- 
tion about diaphragm behavior, instead of using full elastic shell 
theory. In this connection, the analyses by Griffith (1), Pfeiffer 
(17), Charron (18), and Haringx (15) should be mentioned. In 
particular, the ingenious approach by Haringx essentially refers 
the diaphragm behavior back to flat-plate behavior, by smearing 
out the effects of the corrugations over a wave length. This 
leads to consideration of a fictitious “equivalent” flat plate with 
variable elastic qualities which, on the average, approximate the 
elastic characteristics of the diaphragm. Haringx was able to 
derive a curve which would predict the performance of the NBS 
series (Shape No. 1) when adjusted on the basis of one empirical 
coefficient derived from the NBS experimental work. We 
attempted to deduce from the Battelle and NBS data, on cap- 
sules of the various other NBS shapes, some data which can be 
used to test the applicability of the Haringx formulation to other 
shapes, but this has not been carried to a definite conclusion. 
Although such approaches will furnish approximate stiffness 
information, they cannot be expected to yield the rapidly varying 
stress concentrations in every local region. For data requiring 
this order of accuracy, one must have recourse to full shell theory. 

One publication has already appeared in which a diaphragm 
problem has actually been based upon results from shell theory. 
This is the excellent work by Grover and Bell (14), in which 
known approximate solutions to the shell equations for elemen- 
tary meridional shapes having constant curvature were pieced to- 
gether. Since approximate solutions are available for circular arc 
and conical shells, a diaphragm consisting piecewise of such por- 
tions can be handled in this way. These authors chose a specific 
meridional shape consisting of six circular arcs and six straight lines 
as the basis for their computations. By adjusting the arbitrary 
parameters occurring in the general solutions for each piece to 
produce a continuous fit for the stresses, this procedure required 


* Part 2 was prepared by R. F. Dressler. This research was sup- 
ported by the United States Air Force, through the Office of Scien- 
tific Research of the Air Research and Development Command. 
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the solution of a system of 44 algebraic equations. Their results 
gave information for stresses and moments but not for displace- 
ments. To serve as a mutual check on results, our present pre- 
liminary investigation has chosen the specific shape used by 
Grover and Bell, although our method applies equally well for 
any shape and does not simplify by restricting the analysis to 
shapes consisting merely of circles and straight lines. 
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The equations in Timoshenko (8) for rotationally symmetric 
shells subject to combined bending and stretching cannot be used 
directly in the present computations. The independent variable 
¢ used in (8) (also ¢ in our Fig. 11) would lead to multiple-valued 
functions for complicated shapes, and also the present investiga- 
tion requires a formulation containing lateral loading terms. 
Furthermore the choice made in (8) of the angle of meridional 
rotation and the modified shear as dependent variables is not 
suitable for shells having horizontal sections, and the use of these 
unknowns also would require an extra machine integration in 
order to obtain the displacements. For these reasons, one 
chooses here as independent variable the meridional arc length s, 
and as dependent variables the tangential and normal displace- 
ment components v and w and the shear Q, Fig. 11. The result- 
ants Ng and Ng are stretching forces per unit length; the re- 
sultant Q is a shear force per unit length contributing to bending; 
and the resultant bending moments per unit length are Mg and 
Mo. The quantities Y and Z are the components of the external 
applied lateral load in the tangential and normal directions, 
respectively, and have dimensions of force per unit area. All 
quantities are taken in the positive sense as indicated in Fig. 11. 
Other quantities are absent because of the symmetry. Young’s 
modulus is Z, Poisson’s ratio is vy, and the thickness of the shell is 
t. The meridional line OS is a plane curve which when rotated 
about the axis OA generates the middle surface of the diaphragm. 
Let k(s) be a quantity having the same absolute value as the 
curvature of the meridional curve. The variable signs of k and } 
are chosen as indicated in the figure. The arc length s and the 
radial distance r are always taken with positive sign. With s as 
independent variable, considerations of strain and curvature 
change for the middle surface and the stress-strain equations lead 
to the relations 
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where the primes indicate differentiation with respect to s. 
” When these expressions are substituted into the three equations 
for force equilibrium in the tangential and normal directions and 
moment equilibrium for the shell element, using the relations 
¢’ = kandr’ = cos ¢, one obtains the system of three equations 
for v, w, and Q 
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where C = Ei/(1 — v*) and D = Et*/12(1 — v?). - 

By including the three auxiliary equations v’ — P = 0, w’ — 
R = 0, and R’ — T = 0, and substituting the new quantitites P, 
R, and T, thus defined, into Equations [7], one obtains a system 
of six equations, each of first order, equivalent to System [7]. 
The equations are linear but have highly variable coefficients and 
two nonhomogeneous terms. It is in this first-order form that 
the system of equations is actually integrated to obtain solutions 
for the six unknowns », w, Q, v’, w’, and w”. 

For air-pressure loading of a diaphragm we take Y = 0 and 
Z = air pressure. The equations are then nonhomogeneous due 


only to the term (r/C)Z in the equation expressing normal force 
equilibrium. 

The shape actually considered here is defined in Fig. 12 where 
distances are given in inches and angles in radians. This inves- 
tigation studies the same diaphragm as chosen by Grover and 
Bell for their calculations (which is assumed to approximate 
closely the shape of the BMI capsules on which they obtained 
experimental data). Also following Grover and Bell, we take 
E = 15 X 10° psi, vy = 1/3, ¢ = 0,007 in., and Z = 15 psi, acting 
in a normal direction on the top face of the diaphragm. It is 
assumed that there is no central stiffening disk present and that 
the diaphragm has constant thickness and is not prestressed. 
Also the gravity effect due to diaphragm weight is neglected. 
The choice of Z = 15 is obviously not significant, since all 
quantities in the linear theory are directly proportional to Z and 
can be obtained in this manner for any positive or negative value 
of Z from our results. 

For the flat central portion AOA of the capsule, Grover and 
Bell used the solution to the nonlinear equations for a flat cir- 
cular plate obtained by Way (5), but used results from linear shell 
theory for the rest of the capsule. Instead of mixing nonlinear 
and linear effects, this analysis employs equations which are 
linear over the entire diaphragm. Furthermore, the solution em- 
ployed by Grover and Bell for the ring-shell sections is the ap- 
proximate one obtained by Stange (19), which is valid only for a 
ring shell having a radius of its central circle which differs just 
slightly from the radii of its bounding circles. Thus their use of 
Stange’s solution for the corrugations close to the center O neces- 
sarily introduces some error. For these reasons, one should not 
expect exact agreement between the Grover and Bell results and 
the present results obtained by direct integration of the linear 
system [7] over the entire diaphragm radius. 

In the portions where the shell is flat and horizontal, the 
stretching and bending effects separate, and Equations [7] sim- 
plify considerably to become, respectively, the plane-stress equa- 
tion 


For Y = 0, the general solutions which remain finite and satisfy 
the three boundary conditions vy = w’ = Q = 0 at the centerr = 0 
are 
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where ¢), C2, and c; are arbitrary constants and the terms involving 
Z are the nonhomogeneous particular solution. Three more con- 
ditions are at our disposal to define a specific diaphragm prob- 
lem; however, these must be imposed at the outer boundary 
(point ZL). The Solution [11] to [16] hold from O to A; beyond A 
these solutions must be extended to Z by numerical integration 
of the six curved-shell equations equivalent to System [7]. 

Numerical integration by electronic digital computer of a 
system of differential equations can be accomplished by several 
alternative methods. A finite-difference scheme which imposes 
the desired boundary conditions at both ends of the interval could 
be used; this then would require the inversion of a large matrix 
for each problem. Computationally, for practical reasons of time 
and accuracy, it is far preferable, however, to perform the numeri- 
cal integration of the system step by step, proceeding as an 
initial value problem where all six unknowns must be specified at 
the starting point. To adapt this method to a boundary-value 
problem, it is necessary first to obtain the general solution by 
solving numerically for three independent solutions to the 
homogeneous equation, each of which is an extension beyond 
point A of the Solutions [11] to [16], by assigning three arbitrary 
sets of values to the three unspecified constants in Equations [11 ] 
to [16], and likewise by solving for one particular nonhomogene- 
ous solution, One obtains three independent homogeneous vector 
solutions G,, Gs, and G3, and a nonhomogeneous solution G,, de- 
fined by the choices 


which thereby produce initial values at the point A for numerical 
integration. 

The two specific problems for which results are included in the 
present preliminary report were solved on the electronic digital 
computer SEAC at the National Bureau of Standards. This 
machine has a high-speed internal memory of 1024 addresses. 
Because of the many variable and complicated coefficients occur- 
ring in shell equations, it was necessary to use also an external 
magnetic-tape unit to augment the storage capacity. Although 


this necessarily increased the computing time, it was still reasona-’ 


bly short, so that the use of SEAC for solving diaphragm prob- 
lems can be considered to be altogether feasible economically. 

The procedure actually used to solve each of the four initial 
value problems G;,23,p was the Runge-Kutta fourth-order inte- 
gration method. This can be described briefly as follows: Let 
the s interval be divided by a mesh having a basic interval size 
As. Let also each interval (8,,8n41) of length As be bisected by a 
point 8,41. For an unknown vector ys) defined by a system of 
ordinary differential equations y = A(s) y + f(s), where A(s) is 
the matrix of coefficients, this method obtains the value at the 
(n + 1) mesh point by the relation 


Sonn = + = (Ri + + + Re) 


with an accuracy of the fourth order in As, where 
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R, = As[A(sn)¥n + J(sn)] 


R, = As [ + ; + Hows) | 


R; = As + + | 


Ry = As[A(sau Vn + Rs) + 


The total machine program consisted essentially of four parts: 
(a) A code to calculate all the variable coefficients in A(s) at each 
mesh point over the range; (b) a code for the Runge-Kutta method 
applied four times for G.2,3.p; (¢) a code to form the appropriate 
linear combination of these solutions for the quantities v, w, Q, P, 
R, T to solve the specific boundary-value problem defined by the 
outer edge conditions; and (d) a code to compute the membrane 
forces Ng, Ng and the bending moments My, Mg from the solu- 
tions obtained for the six unknowns. A variety of different 
boundary-value problems can be solved quickly for a diaphragm 
of fixed geometry using only codes (c) and (d) after the four basic 
solutions have been obtained from codes (a) and (6). 

The integration of the problem for the shape chosen (Fig. 12) 
used about 1000 words of the internal memory, about 3000 words 
on auxiliary magnetic tape, and required about 1000 words of 
data from an auxiliary magnetic-wire input. Except in 11 small 
intervals about the transition points A, .. ., K, the interval 
(8p, Sn+4) was taken as 0.00175 in., making a basic As size of 
0.0035 in. At the center of each straight-line section, a smaller 
compensating interval also was used in order that a mesh point 
could fall exactly on each transition point. 

A special complication arises at each transition point A, ..., K. 
Not only the curvature k(s) enters the shell Equations [7], but 
also its first and second derivatives k’ and k”. Since this dia- 
phragm shape consists of sections having different constant curva- 
tures joined at the transition points A, . . ., K, k(s) therefore has a 
finite jump discontinuity at each such point. These jumps could 
be handled easily in the numerical integration without special 
considerations, but the quantity k’ puts a delta function into the 
coefficients, and k” inserts a derivative of the delta function (a 
“double’’ delta function). 

The presence of these infinite singularities in the coefficients of 
the differential equations will produce singularities in some of the 
six unknowns at each transition point. The quantities v, w, and Q 
must remain continuous, but v’ and w’ will have finite jump dis- 
continuities and w” will behave as a delta function plus a finite 
jump. Our computed results for these quantities clearly tend 
toward this limiting behavior. In order to overcome this com- 
putational difficulty inherent in the nonsmooth diaphragm shape 
chosen, it was found necessary to insert suitable smoothing func- 
tions over small intervals of length 4As centered about each of the 
points A,..., K. 

A typical set is shown qualitatively in Fig. 13; this set was used 
at the points D and H. A linear sawtooth curve for k” was chosen 
to approximate the derivative of the appropriate delta function. 
Each curve is obtained from the one below it by integration. The 
approximate curves for k”, k’, and k were chosen so that their 
integrals would have the same required behavior as the integrals 
of the singular functions which they replaced. When solving the 
shell equations on SEAC through these 11 transition regions of 
rapid change, the mesh had to be considerably reduced in size 
throughout each suci: interval in order to retain accuracy in the 
numerical solutions. Therefore a much finer mesh which had 
length A*s = 0.0005 in. was used at such places. The sizes actu- 
ally chosen for the large mesh and the special fine mesh were de- 
termined in the following manner: 
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When the shell has no lateral loading, the shear Q must be 
exactly zero at each point where the meridian has a horizontal 
tangent (e.g., midway between points C and D), by considerations 
of statie equilibrium of the vertical force components acting on 
that portion of the shell. Likewise when loading Z is present, at 
such horizontal points one has the exact relation 2mrQ = — mr?Z 
to determine Q. Various test problems were computed with de- 
creasing mesh sizes until the numerical results differed from these 
exact values of Q at the horizontal points by 3 per cent or less. 
The first mesh sizes which attained this accuracy were the ones 
actually chosen for the full diaphragm problem. 

SEAC is basically a fixed-point binary digital computer; in 
this application, however, it was used with a “floating decimal- 
point’’ routine, giving 8 significant decimal figures. Over the 
range of integration from s = 0.343 to s = 1.155 in., about 190 
large size As intervals were used, plus over 300 of the smaller A*s 
intervals in the transition zones, thus making a total number (in- 
cluding the s,,3 mid-points) of almost 1000 mesh points over the 
full integration range. The computing time required to solve for 
one solution such as G, was about 11/; hr, hence 6 hr were needed 
to obtain the required four basic solutions. Then !/; hr was 
needed to compute the appropriate linear combination of these, 
plus another '/,hr to compute the bending moments and membrane 
forces from the displacements. 

Two boundary-value problems have so far been solved for this 
fixed shape. When two diaphragms are placed together to form a 
capsule, the condition at the outer edge for each half is character- 
ized by having no normal deflection, no meridional rotation, and no 
radial force (Fig. 14). Although such a boundary is free only with 
respect to the radial force, this case will be termed here the ‘“‘free’’ 
problem. Using the expression w’ + kv for the angle of rotation 
of a meridional element and the expression for Ng in Equations 
[6], the boundary conditions at L for the free case become 
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When the diaphragm is clamped at its outer boundary, the con- 
ditions at L are 
v=0 ) 
w’' = 0 


[18] 


Using the appropriate components of the general solution 
G = aG, + + aG; + G, 


to express the three relations in Equations [17] or [18] at L, one 
then solves the resulting algebraic system for the constants a, a2, 
and a; and inserts these values in Equation [19] to obtain the solu- 
tion for v, w, Q, v’, w’, w” for the free or clamped problem. 

Fig. 15 presents our results for v, w, and Q. The clamped case 
is only slightly stiffer than the free, with a different pattern occur- 
ring only near the outer boundary. The difference between the 
two curves for Q throughout the corrugation range is too small to 
appear on the scale used except where indicated; the Q-values 
are identical in the central flat-plate range. The exact values for 
Q at the horizontal positions are indicated by circles, and lie on 
the extension of the straight line which defines Q in the range OA. 
The greatest error for Q in the computed results at these various 
horizontal positions occurs at the point between J and J (r = 
0.95) and is about 3 per cent for both problems. Further reduc- 
tion in the error by employing finer meshes was not considered 
necessary in view of the variations normally existing among com- 
mercial diaphragms of the same type. The resultant Q is produced 
by the shear stress Tg. This stress vanishes at the top and bot- 
tom faces, and has, according to shell theory, a parabolic distribu- 
tion through the thickness of the shell. Its maximum value T¢,(c) 
occurs on the central surface of the shell (2 = 0) and can be ob- 
tained by the relation Tge(c) = 3Q/2t. This shear stress has 
therefore its maximum positive value at r = 0.38 and its maxi- 
mum negative value at the outer boundary r = 1.07, but is 
negligible compared with some of the other stresses. 

The vertical deflection W and the horizontal deflection V can be 
obtained easily by computing the appropriate combination of w 
and v with sin ¢ and cos ¢ at each point. The behavior of V and 
W is illustrated in Fig. 16. W is taken positive in a downward 
direction and V is positive when the displacement is outward from 
the center O. 

The (FX)/(PD) ratio derived from the computed deflection is 


TRANSACTIONS OF THE ASME 


V HORIZONTAL DEFLECTION 


shown in Figs. 6 and 10 as an added point. The good agreement 
with experiment has already been mentioned. 


Benavior or Aut STressEs 


The normal stress g, is altogether negligible compared with 
some other stresses, since it decreases through the thickness (as 
a known third-degree polynomial function, according to shell 
theory) from its value +15 psi on the top face of the diaphragm to 
its zero value at the bottom face. 
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The shear stress 742, as mentioned previously, has its greatest 
positive value at r = 0.38 in. and its greatest negative value 
at the outer boundary r = 1.07 in. The maximum stresses (for 
both the clamped and the free problems) corresponding to these 
positions are about +1300 psi and —1720 psi, respectively, and 
occur midway between the two faces. This shearing stress is 
likewise negligible compared with some of the other stresses de- 
veloped in the diaphragm. 

The radial stress oy, which acts along the variable tangen- 
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tial direction s, and the circumferential stress og each vary 
linearly, according to shell theory, through the shell thickness 
between their values at the top face (z = —t/2) and the bottom 
face (z = +¢/2). The resultants are related by 


t/2 t/2 
No = f ogdz and My -f dz 
—t/2 —t/2 


with analogous relations for Ng and Mg. Decomposing each such 
linear function into its even and odd components with respect to 
the thickness variable z, we write 


e 
and 
e 


The even components os and oe are thus constant through the 
thickness, and the other components 0% and Ge are odd linear 


functions with respect to z. The constant quantities %% and oe 
produce the resultant stretching (membrane) forces Ng and Ng, 
respectively, but produce no resultant bending moments. The 
odd contributions oe and &% produce the resultant bending 
moments M, and Mg, respectively, but produce no membrane- 
force resultants. 

For the part of the stress which causes the membrane effects, 
one has the relations 


= Ng/t and 59 = No/t 


These membrane stresses are presented in the first and third 
graphs of Fig. 17. 

The top graph in Fig. 17 shows the behavior of os for both the 
clamped and free cases. This radial bending stress is so much 
smaller than the other stresses shown in Fig. 17 that a magnified 
vertical scale has been used for it. This stress is constant in the 
flat central section. Results for the clamped and free problems 
differ everywhere, but the difference becomes significant enough 
to graph as two distinct curves only in a narrow region near the 
outer edge. At the outer edge Se = —1560 psi for the clamped 
case, 

The third graph in Fig. 17 presents the behavior of the other 
membrane stress oo. This is constant in the central section and 
identical with os there. Results for oe for the clamped and free 
problems differ everywhere, but again the only significant dif- 
ferences occur near the outer edge. The computed value of oe 
for the clamped case is —520 psi at the outer edge, which is ex- 
actly one third of our result mentioned previously for oe there, as 
is required by the value of vy = '/;. The maxima for oe occur at 
r = 0.8 in., and are about +50,600 psi and +48,800 psi for the 
free and clamped cases, respectively. 

The second graph in Fig. 17 presents the quantity Fg(t/2), 
which is the" part of the radial stress causing bending, evaluated 
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at the bottom face (2 = +¢/2). The value of the linear function 
G» at the top face is then obtainable by og(— t/2) = — o¢(t/2). 


The resultant radial bending moment is related by 
oo(t/2) = 6My/t? 


Again, the free and clamped results differ everywhere, but the 
only significant differences occur beyond r = 0.85 in. The peak 
values on the bottom face are — 54,200 psi at r = 0.995 in. for 
the clamped case, and — 48,000 psi at r = 0.998 in. for the free 
case. One thus observes that the peak values for the radial bend- 
ing stress and for the circumferential membrane stress are almost 
equal, but the bending peak occurs closer to the outer edge. 

The bottom graph in Fig. 17 shows the behavior of ¢(t/2), 
which is the circumferential bending stress, evaluated at the 
bottom face. Again, the only significant differences between the 
clamped and free cases occur near the outer edge. The relation 
for the corresponding resultant bending moment is 


= 6M,/t2 


Of the foregoing four stresses, the two membrane stresses ex- 
hibit the same frequency of oscillation as the frequency of the 
corrugation shape, although with different phase relationships. 
The two bending stresses, however, possess a double-frequency 
behavior. 

The actual (total) stress components at the top and bottom 
faces can be obtained by adding or subtracting the membrane 
and bending parts as follows 


og(t/2) = Ng/t + 6M,/t? 
—t/2) = Ng/t — 6M4/t? 

oo(t/2) = No/t + 
— t/2) = No/t — 6Mo/t? 


The total radial stresses on each face are shown in Fig. 18. 
The curves on the upper axes give results for the free problem 
and the clamped problem is given below. At any fixed distance 
r = To from the center, the actual radial stress at any point inside 
the diaphragm is immediately obtainable by linear interpolation 
between the values shown on the curves at ro for the two faces. 

The total circumferential stresses on each face are likewise 


presented in Fig. 19, with the free problem given previously and 
the clamped problem given later. The largest stress component 
occurring in each problem is shown in Fig. 19 on the curves for the 
circumferential stress at the bottom face. This peak tension 
occurs at r = 0.79 in. and is about +62,100 psi for the free prob- 
lem and + 60,300 psi for the clamped case. The peak value in the 
free case represents a stress amplification of about 4140 times the 
applied lateral pressure. 

Finally, a comparison can be made with the results obtained by 
Grover and Bell (14), but only for the stresses and for the free 
problem, which are the only results given by them. Two typical 
stresses are compared in Fig. 20. The vertical scale has here been 
doubled compared with previous figures in order to show the dif- 
ferences more clearly. The upper pair of curves shows the total 
circumferential stress at the top face, and the lower pair shows the 
total radial stress at the bottom face. The large differences 
occurring in the flat central section are clearly attributable to the 
use of nonlinear equations in (14). It is interesting to observe 
that these large differences in the center have only a small effect 
on the quantities in the corrugation zone, where our results show 
merely a slight increase in the peak values over the Grover and 
Bell results. The greater differences occurring near the outer 
boundary, however, are possibly due primarily to the apprexi- 
mate nature of the functions employed by them in the corruga- 
tion zone, rather than due to the nonlinear effects at the center. 

It is expected that the procedure and the machine codes now 
available will be applied to solving other diaphragm problems for 
different shapes and thicknesses and for cases in which a central 
stiffening disk is present. 


3—NEEDS FOR FUTURE WORK 


For the future it is hoped that it will be possible to have experi- 
mental studies made, at NBS or elsewhere, on a wider scope of the 
variables on which some investigations have been made, and also 
on many other facets of the general problem, in conjunction with 
an exhaustive computational program. 

In connection with the problem of shape, it is clearly desirable 
to extend investigations to extremes of corrugation depth, corruga- 
tion number, corrugation shape, i.e., extension of work on square 
wave, triangle wave, etc., so that approximate results may be ob- 
tained by interpolation for other shapes. The effect of superpos- 
ing a built-in deflection or dishing, positive or negative, or a com- 
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bination of small corrugations on larger corrugations also should 
be studied. Radial corrugations, spiral corrugations, and non- 
circular edges also should be studied further. 

In the field of materials, further studies should certainly be 
made of high-performance alloys, titanium, beryllium, and ma- 
terials such as plastic, glass, quartz, glass-reinforced plastic, and 
soon. Possible advantages of special techniques of manufactur- 
ing diaphragms, including evaporation, casting, hot-forming, 
machining, spinning, electroforming, etc., may warrant further 
investigation. Probably the most important objective to be 
sought by improved techniques and materials is the reduction of 
elastic defects although increased useful deflection range may also 


be attained. Presumably, hysteresis is the important criterion. 
Since the magnitude of the other elastic defects appear to be re- 
lated to the hysteresis, aftereffect is often the practical measure- 
ment to make, 

One result found in the early work at NBS was that the per- 
centage hysteresis (hysteresis /deflection) increased markedly for 
extremely small deflections. This effect should be studied very 
carefully since it may have a very important bearing on the u!ti- 
mate attainable performance. This effect may have been peculiar 
to the method of clamping, since it has not been noted by others 
working on free-edge capsules, but this appears to be an open 
question for the present. The ultimate sensitivity of diaphragm 
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instruments depends, of course, on the transducer used to measure 
the deflection. Since it is now possible to measure deflections 
with a sensitivity of 10-7 in., a more thorough investigation of the 
fine-scale hysteresis would be possible. Inseparably connected 
with the problem of materials is the problem of treatment of ma- 
terials—heat-treatment, seasoning by cold-working, over-stress- 
ing, and so on—and the effect of temperature, or temperature 
gradients, on the performance of the element. These factors, 
while important, can probably be evaluated by straightforward 
and painstaking experimentation. 

The question of maximum useful deflection is important in most 
design problems and this is affected not only by the choice of ma- 
terial but also by the geometry of the diaphragm shape as it 
affects the concentration of stresses. Direct measurement of 
stress in thin diaphragms is experimentally quite difficult, al- 
though bonded strain gage, brittle lacquer, and other techniques 
have been used to indicate the regions of maximum stress in 
loaded diaphragms. Photoelasticity is another method which 
probably should be tried. Presumably these techniques could 
help to determine which shapes were most favorable in minimiz- 
ing stress concentrations. However, the same general conclusions 
can be arrived at, from the maximum deflections experimentally 
attainable without excessive drift or hysteresis or, in some cases, 
from stress-pattern computations of the type we have described. 

In our experimental work we found that a central force of about 
0.4 of the distributed pressure load would result in the same 
central deflection for NBS Shape 1. For a flat diaphragm this 
ratio is 0.25 over the linear range. For each diaphragm shape, 
this factor should be determined for all deflections since it is of 
importance in determining the over-all elastic constant of the 
diaphragm when coupled to mechanically loaded members. Also, 
the natural frequency of the diaphragm is not easily determinable 
from static measurement, and should be measured. This may re- 
quire testing in evacuated chambers, particularly for thinner dia- 
phragms, to eliminate air damping. Resonant flexing also might 
be used to permit rapid fatigue testing, which may be of impor- 
tance for knowledge of reliability. Simple approximate formulas 
for computing natural frequency might be derived which would 
be quite useful. Exact values can be obtained as solutions to a 
type of eigenvalue problem which is easily handled by digital 
computers. 

The effective thickness was determined rather crudely in the 
NBS work and some attention might well be given to better defini- 
tion and determination of this quantity. It appears that each 
element of the diaphragm should be weighted according to its 
actual thickness and the stresses to which it is subjected. This 
suggests that computed values of stress might be combined with 
experimental measurements of thickness and experimental or 
computed values of deflection to arrive at more precise values of 
the effective thickness. 

As mentioned previously, it may be useful to relate the per- 
formance of diaphragms with nonlinear load-deflection curves on 
nondimensional design charts by appropriately chosen nondi- 
mensional flexibility functions. Assuming that the linear range 
may soon be well in hand through high-speed computation, atten- 
tion will focus on further theoretical work on the nonlinear prob- 
lem, such as Haringx (15 and 16) is attempting. Perhaps an ex- 
act formulation of the nonlinear problem which is also suitable 
for machine computation will be difficult to obtain. Even so, 
approximations will be most useful, with the linear solutions now 
becoming available for checking limiting conditions. 

The computation of stress distribution may now be used to 
guide the modification of shapes to achieve better stress dis- 
tribution and presumably larger deflection ranges. It may well 
be that an optimum shape will be found to have corrugations of 
varying depth, width, and even of outline along the radius! 
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Computed deflection distributions will also provide a potent 
guide to design interpolation and fine-scale adjustment of the 
shape of load-deflection curves. Looking even further, and 
perhaps more optimistically, it may be hoped that the growing 
knowledge of inelastic behavior of materials coupled with the 
knowledge of stress distribution may some day make possible 
the computed prediction of hysteresis. 

While it is possible, and desirable, to obtain computational re- 
sults on idealized diaphragms to accuracies of better than 1 per 
cent, it should be realized that variations or uncertainties in ma- 
terial properties such as modulus, Poisson’s ratio, effective thick- 
ness or residual stresses, make it unlikely that diaphragm manu- 
facture will become ‘“exact’’ to anywhere near this precision. 
Variations of several per cent between deflection curves of sup- 
posedly identical diaphragms are still to be expected. 

In the experimental testing and evaluation, there is a real need 
for applying better instrumentation to the measurement of dia- 
phragm performance. Not only is high precision required in 
measuring load-deflection characteristics, in order to obtain data 
on elastic deflections by subtraction, but means should also be 
devised to permit rapid testing through many cycles, with auto- 
matic recording, reduction, and analysis of the data. Adequate 
techniques are now available but so far have not been combined 
and used in this problem. 

Electronic counting (and subdividing) of optical interference 
fringes appears to offer an attractive method of adequately ac- 
curate and rapid measurement of deflection. This method can be 
easily tied into automatic data-handling equipment, curve plot- 
ters, and computers. For precise drift measurements other 
methods, such as the use of the capacitance gage, may be better. 
Automatic plotting of reduced data—such as the deviation of the 
load-deflection curve from the desired shape, or drift, or hys- 
teresis—simultaneous with the experimental testing would greatly 
facilitate routine evaluation of larger numbers of test specimens, 
and also make possible on-the-spot changes in test work to in- 
vestigate newly discovered effects. 

There is undoubtedly a wealth of empirical data in the files and 
in the minds of experienced diaphragm designers. One of the most 
productive research projects would be the collection, co-ordina- 
tion, and dissemination of such “knowledge of the art.’’? We sug- 
gest this to the ASME Research Committee on Mechanical Pres- 
sure Elements as a worthy task and at the same time we com- 
mend the Committee for its leadership in arranging this sym- 
posium on diaphragm research, and express our thanks for this 
opportunity to review the past and look to the future. 
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Discussion 


J. A. Hartnex.’?| The writer was greatly interested in reading 
this attractive paper, since it contains extensive information on 
experimental results with various types of corrugated diaphragms, 
a new mathematical approach taking advantage of the possibili- 
ties offered by modern electronic computers, and a number of 
valuable considerations on work to be done in the future. 

Referving to the writer’s own work on this subject, it is 
agreed that from a strictly mathematical point of view the 
principle of smearing out the effects of the corrugations, which 
has led to the introduction of a fictitious equivalent flat plate,* 
is only justifiable for a diaphragm with a large number of small 
corrugations. However, there exist various methods of concentrat- 
ing the elasticity of structural parts into a number of elastic 
hinges. It has been shown that by this method very satisfactory 
results are obtained, even for cases where the number of these 
hinges is limited to 2 or 3. The writer’s experience has convinced 
him of the same reliability of the smearing-out method. He refers 
to the elastic stability of helical compression springs® and of flat 
spiral springs. Apart from the approximation based on the 
smearing-out principle, a more exact method of calculation was 
derived for these cases, so that the results of the approximation 
could be checked. Even when the number of spring coils is small, 
the approximation is surprisingly satisfactory. 

Nevertheless, the writer’s belief in the smearing-out method 
when applied to diaphragms having a small number of corruga- 
tions has been more or less speculative. He was therefore very 
glad that in Figs. 15 and 16 the authors published the full defor- 
mation of the diaphragm that was earlier investigated by Grover 


7? Chief Engineer, Philips Research Laboratories, Eindhoven, The 
Netherlands. Mem. ASME. 

* ‘Design of Corrugated Diaphragms,”’ by J. A. Haringx, pub- 
lished in this issue of the Transactions, pp. 55-64. 

*“On Highly Compressible Helical Springs and Rubber Rods, and 
Their Application for Vibration-Free Mountings,” by J. A. Haringx, 
thesis, Technological University at Delft, The Netherlands, 1947; 
Philips Research Reports, vol. 3, 1948, pp. 401-449. 


1 “Elastic Stability of Flat Spiral Springs,” by J. A. Haringx, Ap- 


plied Scientific Research, vol. 2, series A, 1949, pp. 9-30. 
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and Bell. Although the profile of this diaphragm is rather un- 
suitable to be treated in the way dealt with in the writer’s paper,’ 
he thought it worth while to check the vertical deflection W 
derived on a sound mathematical basis with the deflection y given 
in Equations [31] and [32] of the said paper.® 

For the region with uniform corrugations, the quantity q is 
8.78 (see reference 2 in the writer’s paper*) and as shown in Fig. 
21 the curves for the vertical defiection are nearly the same, even 
for this “‘unsuitable’’ diaphragm. 

The difference in nature of the curves results from the different 
ways of dealing with the central part of the diaphragm. In the 
approximation the corrugations are tacitly extended to the 
center where they are so stiff that this region can more or less 
be regarded asa rigid flat plate. The authors, on the other hand, 
treat the central region as an elastic flat plate. However, the 
deflection of this region is about 0.015 in. so that, for a sheet 
thickness of 0.007 in., the assumption that the deflection is pro- 
portional to the load is certainly not valid. Here we see that this 
more exact solution also has its limitations. It is thus still a 
matter of uncértainty whether or not in practice the value of the 
maximum deflection calculated by the authors is really better 
than the writer’s approximation, which requires no more than a 
few minutes of calculation. 

The writer must object against the statement by the authors, 
that the curve showing the agreement between his approximation 
and the experiments by Wildhack and Goerke (cf. Fig. 7 in the 
writer’s paper*), was found “when adjusted on the basis of one 
empirical coefficient derived from the NBS experimental work.’’ 
This is certainly not true and must be caused by some regret- 
table misinterpretation of his work. As shown in the writer’s 
paper® the formulas given lead directly to a definite deflection, 
whether right or wrong but without any adjustment. 


Ix E. Woop."" The paper has been read with great interest, 
and the following comments, while perhaps departing to some 
from the general trend of the paper, are thought to be applicable 
in a broad sense. 

The Friez Instrument Division of the writer’s company has 
manufactured a large number of diaphragms, many of which are, 
in general, somewhat similar to the National Bureau of Standards 
Shape 1. Over a period of approximately 20 years, our dia- 
phragms have been made of three principal materials, namely, 
phosphor bronze, which was replaced during World War II by 
berylium copper, owing to its superior elastic properties, and 


11 Chief Engineer, Bendix Aviation Corporation, Baltimore, Md. 
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which, in turn, in recent years, has been largely replaced by Ni- 
Span “C,’’ primarily because of its superior thermoelastic proper- 
ties. During this period, somewhere between one and two-mil- 
lion diaphragms have been produced and those made today are 
greatly superior from the standpoint of performance and uni- 
formity over those made 10 to 20 years ago. However, the 
improvements lie mostly in the realm of better materials and closer 
process control, rather than in improvements in fundamental 
knowledge as to the design of diaphragms. 

Based on ideas gathered from reading the National Bureau of 
Standards paper and our own experience, it is thought that per- 
haps diaphragm-development work could be simplified a little if 
the following generalizations are acceptable: 

1 A diaphragm is a combined spring and fluid barrier. 

2 The properties required as a satisfactory fluid barrier may 
be taken for granted in so far as the material of the diaphragm 
itself is concerned. 

3 The physical properties of the material affecting its use as a 
diaphragm are the same as those affecting its use in any spring 
application. 

4 The properties which determine the excellence of the ma- 
terial as a spring, such as chemical composition, modulus of elas- 
ticity, thermoelastic modulus, hardness, microstructure, etc., are 
subject to reasonably exact determination and analysis. 

5 There appears to be no reason, assuming a material can be 
formed into the necessary shape for a diaphragm, that its per- 
formance as a diaphragm would not bear the same relationship to 
its physical properties as its performance as a conventional 
spring. 

6 In other words, diaphragms having identical geometric con- 
figurations should behave in relation to one another in quite 
direct relationship to the readily measured physical properties of 
the materials. 

7 Consequently, significant research on diaphragm shapes 
should be possible, using one material having known and care- 
fully controlled characteristics. 

We do not have detailed and extensive laboratory data, verify- 
ing the foregoing, since as a result of practical necessity it has 
been necessary usually to vary several factors simultaneously dur- 
ing the transition from one material to another, but would like to 
suggest it for what it may be worth. 

In general, our experience has agreed with that found at the 
Bureau of Standards in relation to the amount of motion that 
can be obtained from diaphragms and the general characteristics 
of behavior. The references in the paper, with regard to center 
loading and free versus clamped diaphragms, apply to areas where 
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we feel further work is needed as well as on the more broad as- 
pects of the diaphragm problem. 


AvutuHors’ CLOSURE 


Dr. Haringx has again contributed valuable new data in Fig. 21 
showing the closeness with which his approach can predict de- 
flections of diaphragms having shapes admittedly somewhat un- 
suitable to his approach. In the present paper of Haringx the re- 
sults which he obtained in this case for stresses as well as for de- 
flection are surprisingly good. These results again confirm the 
usefulness of his formulations in diaphragm design. 

We explained in the third and fourth paragraphs following 
Equation [7] that we computed the deflection for a loading of 15 
psi in order to compare results with those of Grover and Bell, but 
we pointed out that the entire mathematical solution was limited 
to the linear range. Some confusion appears to be inescapable 
since our (linear) calculations cannot apply to the central part of 
the diaphragm for loading of 15 psi. However, if both our results 
and those of Grover and Bell were scaled down linearly, by a 
factor of, say, 5 or 10, then the comparison would be equally valid 
in the outer parts of the diaphragm, but Grover and Bell’s curve 
would be in error in the central portion because of applying a 
linear scaling down to a nonlinear solution. Since Haringx’ ap- 
proximation tacitly implies a ‘‘more or less’’ flat plate in the cen- 
tral region, a better comparison would be obtained if horizontal 
lines were drawn to all curves of Fig. 21, intersecting them at a 
radius of 0.35 in. We may agree that it is yet to be proved by 
further comparison of experiment and calculations as to whether 
the computation is more accurate than Haringx’ approximation, 
but to be meaningful the comparisons must be made on truly 
comparable conditions. (Incidentally, if the “exact’’ calculation 
were made on the basis of a rigidly reinforced central disk, slight 
changes would result in the deflection of the outer part as a result 


of the changed boundary condition. This might be true also, to 
some extent, for Haringx’ approximation. ) 

The authors regret the statement objected to by Haringx. The 
sentence should have read: ‘‘Haringx was able to derive a curve 
which would predict the performance of the NBS Series (Shape 


No. 1).” The “adjustment” referred to the following sentence 
on the tentative and inconclusive attempts, at NBS, to test 
Haringx’ formulation for other shapes. 

Mr. Wood’s generalizations appear quite reasonable and we cer- 
tainly concur with the suggestion that further work is needed 
with respect to central loading and “free” versus “clamped” 
diaphragms, since these factors are of great importance in prac- 
tical design work. 


Recent Research on Flat Diaphragms and 
Circular Plates With Particular 
Reference to Instrument Applications 


By A. M. WAHL,! PITTSBURGH, PA. 


A discussion and literature survey of recent theoretical 
and experimental developments relating to flat plates and 
diaphragms is given, with particular reference to applica- 
tions in pressure-measuring instruments. Developments 
discussed include: Effects of large deflections; initially 
buckled diaphragms; plates subject to plastic flow; 
analysis of temperature and acceleration effects in dia- 
phragms for pressure measurement. Some discussion of 
instruments utilizing flat or nearly flat diaphragms is 
given and an attempt is made to indicate possible fruitful 
avenues of future research in the diaphragm field. 


InTRODUCTION 


HE purpose of this review, made for the Diaphragm Re- 

search Subcommittee of Tue American Socrety or Me- 

CHANICAL ENGINEERS, is to discuss recent developments in 
the theoretical analysis of flat plates and diaphragms; to review 
recent experimental work on such plates and diaphragms includ- 
ing effects of plastic flow, large deflections, and changes in ge- 
ometry; and to discuss applications of such diaphragms, par- 
ticularly in the field of pressure-recording instruments. An at- 
tempt will also be made to indicate avenues of future research 
which may yield results of practical value. The present paper 
will be limited for the most part to a literature survey of develop- 
ments which have occurred in the past 15 years and to a discus- 
sion of flat or nearly flat diaphragms. Thus the important sub- 
ject of corrugated diaphragms is considered beyond the scope of 
this paper. No attempt will be made to list or discuss all the 
relevant articles in this field, but only to give the reader a general 
idea of the more important developments. 

For comprehensive treatments of flat-plate theory on which, 
in general, diaphragm calculations must be based, the reader is 
referred to the texts by Nadai (1),? Timoshenko (2), and Girk- 
mann (3). The chapter on plates in the latter’s book (1954 
edition) contains a relatively up-to-date biblography on the sub- 
ject of small-deflection plate theory (136 references). Mention 
should also be made of the paper by Fliigge (4) in which a short 
review of recent trends in plate and shell theories is given with 
particular reference to the use of relaxation methods. Brom- 
bacher and Lashof (5) in a recently issued publication by the 
National Bureau of Standards give a comprehensive bibliography 
on the subject of plates and diaphragms. 
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Westinghouse Research Laboratories. 


A very complete literature survey of the subject of flat plates 
under hydrostatic loading was made by Lamble and Shing (6). 
Although limited to circular and rectangular plates with small de- 
flections, this survey includes considerable discussion of experi- 
mental results. The results of these comparisons often show con- 
siderable discrepancies between test and theory, particularly for 
plates with so-called clamped edges. In such cases it is usually 
difficult to realize experimentally the condition of a perfectly 
clamped edge postulated in the theoretical analysis. Incidentally, 
the effects of clamped edges in some cases may introduce uncer- 
tainties where diaphragms are used in instruments. 

For convenience, the present paper is divided into five main 
parts as follows: 


1 Elastic Plate and Diaphragm Theory With Special Ref- 
erence to Instrument Applications. 

2 Theoretical Developments—Plates and Diaphragms Subject 
to Loading in the Plastic Range. 

3 Experimental Results on Plates and Diaphragms and Com- 
parison With Theory. 

4 Pressure-Measuring Instruments Utilizing Flat or Nearly 
Flat Diaphragms. 

5 Possible Future Research on Flat-Diaphragm Problems. 


1 Exvastic PLate DiapHracm Tueory Speciau 
REFERENCE TO INSTRUMENT APPLICATIONS 


Some of the more important developments in recent years in 
the application and use of flat-plate theory particularly in connec- 
tion with the use of flat diaphragms in pressure-measuring in- 
struments will be discussed in this section. Such diaphragms 
are widely used because of their simplicity (see Section 4). 

(a) Elastic Large-Deflection Plate Theory. The differential 
equations governing the deflections of initially flat plates under 
various loading conditions are considerably simplified if the de- 
flections can be assumed small compared to the plate thickness 
(2). However, when such deflections are relatively large, the 
differential equations involved (derived by von Karman) become 
very complicated (1, 2). A further contribution to this problem 
was made in 1949 by E. Reissner (7) who developed differential 
equations for the case of circular elastic plates subject to both 
large deflections and large slopes. Previous large-deflection 
analyses were derived on the basis of certain restrictions as to the 
magnitudes of the slopes. 

A method of analyzing circular plates with large deflections by 
using the nonlinear integral equation for the slope was described 
by Stippes and Beckett (8). The subject of a circular plate having 
a central boss was analyzed by Federhofer (9) using large-deflec- 
tion plate theory. 

Reissner (10) also presented a theoretical analysis of shallow 
spherical shells which may be applied to small deflections of 
slightly dished diaphragms. Chien (11) has also developed equa- 
tions in tensor form for plates and shells. A nonlinear theory of 
bending and buckling of shallow spherical shells was presented by 
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Kaplan and Fung (12> This would apply to slightly dished dia- 
phragms also. 

(b) Analysis of Flat Diaphragms for Pressure-Measuring Instru- 
ments. Several papers dealing with the analysis of flat dia- 
phragm characteristics, particularly as related to requirements for 
pressure measuring instruments, have appeared in recent years. 
Among these, the paper by Draper and Li (13) is of particular in- 
terest. These authors gave a very comprehensive discussion 
and analysis of the characteristics and limitations of flat or 
spherical (slightly dished) diaphragms for the pressure-receiving 
elements of internal-combustion-engine indicators. This paper 
includes various charts based on theoretical considerations, by 
means of which effects of temperature change, acceleration, and 
vibration on the instrument performance could be evaluated for 
design purposes. These charts included the following plots: (a) 
Sensitivity to pressure versus thickness of diaphragm; (b) 
natural frequency versus thickness; (c) effects of acceleration of 
support versus ratio of support forcing frequency to diaphragm 
natural frequency; (d) effects of temperature difference between 
upper and lower faces of diaphragm as a function of thickness; 
(e) effects of average diaphragm temperature on sensitivity. 
Based on these charts, these authors show that temperature and 
vibration effects may be very considerable when measuring pres- 
sure fluctuations in internal-combustion-engine cylinders. Con- 
siderable information of use to designers of flat or spherical dia- 
phragms for such instruments is given in this paper. 

Pressey (14) has recently analyzed the effects of temperature 
on the performance of a very sensitive diaphragm-type capaci- 
tance pressure gage, for pressures in the range 0-10 mm water. 
Assuming the diaphragm to be either a plate clamped at the edges 
or a thin flexible membrane under high tension in its plane, for- 
mulas were derived for determining effects on capacitance and 
sensitivity due to heating of the diaphragm. 

A comprehensive theoretical analysis of the changes in capaci- 
tance with pressure for a flat diaphragm-type of pressure gage 
was given by Miller (15) who considered effects of large deflec- 
tions. Some comparison of theoretical and test results was also 
given in this paper. 

Effects of radially variable temperature on the stability against 
buckling for a circular plate or diaphragm nonuniformly heated in 
the radial direction were considered by Grigolyuk (16). Assuming 
temperature as a given algebraic function of the radius, critical 
buckling temperatures were obtained for the following cases: (a) 
Outer edge simply supported; (b) outer edge fixed against rota- 
tion but able to expand; (c) outer edge rigidly fixed; (d) outer 


edge hinged. The tables and graphs given in this paper should. 


be of practical use in design where diaphragms are subject to 
radia] temperature gradients. 

Equations and curves for facilitating the practical calculation of 
natural frequencies when designing stretched flat diaphragms as 
used in pressure gages were given by Patterson (17). 

(c) Plates Initially Buckled (Slack Diaphragms). An analysis of 
the force-pressure-deflection characteristics of initially buckled 
circular plates (referred to as slack diaphragms) was given by 
Iberall (18). Utilizing large-deflection plate theory, two cases 
were considered which are of interest in instrument design: (a) 
A diaphragm loaded by pressure on one side and subjected to an 
opposing force on the other side, this force being applied through 
a large disk partially in contact with the diaphragm, and (b) a 
diaphragm loaded by pressure on one side and subjected to an 
opposing force applied through a smaller disk rigidly cemented 
to the diaphragm. Such diaphragms may be provided with snap- 
action characteristics (oil-canning) which are useful in certain in- 
strument applications. Results are presented in graphical form 
primarily as a guide in the design of such diaphragms; however, 
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the author concludes that further experimental and analytical 
work would be desirable. 


2 TueoreticAL DEvVELOPMENT—PLATES AND DIAPHRAGMS 
Supsect To Loapine IN PLastic RANGE 


In cases where plates and diaphragms are subject at times to 
extreme pressure or load conditions such that plastic flow and 
yielding of the material may occur, formulas based on elastic 
theory in general give an inadequate indication of the load- 
carrying capacity. In such cases analytical methods which take 
into account effects of yielding and plastic flow are necessary and 
in recent years considerable development in such methods for 
analyzing plates has taken place. Some of the more important 
of these developments will be discussed in this section. 

(a) Thin Diaphragms (Membranes) Under Pressure. In 1948 
Gleyzal (19) presented the results of bulge tests on clamped 
circular diaphragms under pressure together with a theoretical 
analysis of the plastic deformation of such diaphragms, using the 
so-called deformation theory of plasticity. Although small dis- 
placements and strains were assumed, the theoretical results ap- 
peared to show good agreement with the test values up to de- 
flections as much as 30 per cent of the diaphragm radius. Using 
the Levy-Mises stress-strain relations of plasticity, Hill (20) later 
presented an analysis of a thin diagram under pressure, effects of 
large deformations and strain hardening being considered. Still 
later Weil and Newmark (21) presented an analysis of the same 
problem taking large deflections into account, which showed good 
agreement with test results. All «uf these authors considered only 
very thin diaphragms (membranes) such that effects of bending 
and shear could be neglected. 

(b) Circular Plates Under Various Loading Conditions. An 
analysis of the limiting load (also called the flow limit or collapse 
load) at which considerable plastic deformation can be expected 
for a simply supported circular plate under uniform pressure was 
given in 1951 by Pell and Prager (22). This analysis assumed a 
perfectly plastic material and the Mises criterion of yielding; the 
limiting load was determined to within certain upper and lower 
bounds. A similar analysis for plates with various conditions of 
loading and edge support was given later by Hopkins and Prager 
(23) using the mathematically simpler Tresca (maximum-shear ) 
criterion of yielding. Further development of the analysis was 
carried out by Drucker and Hopkins (24) who calculated collapse 
loads for circular plates with both simply supported and clamped 
edges and loaded with both a concentrated load and a uniformly 
distributed load. These authors assumed the Tresca yield cri- 
terion and a perfectly plastic material. A similar analysis, but 
considering various yield conditions (Tresca, Mises, parabolic), 
was carried out by Hopkins and Wang (25). It should be noted 
that these papers (22-25) neglect membrane action in the plate, 
and hence favorable effects due to changes in geometry as the 
plate deforms are not considered. This latter effect was taken 
into account by Onat and Haythornthwaite (26) who also re- 
ported test results (discussed later). 

(c) Plates Under Dynamic Loading in Plastic Range. Based on 
certain assumptions Hudson (27) has calculated the stress and 
strain distributions as functions of time in a thin circular plate 
clamped at the outer circumference and subjected to an impulsive 
plastic bending wave originating at the circumference and travel- 
ing inward. 

3 ExpreriMeNnTAL ResuLts ON PLATES AND DIAPHRAGMS AND 
Comparison Witn THEory 


In this section a review is given of available experimental re- 
sults as obtained in recent years on plates and diaphragms, both 
elastic and plastic-flow cases being considered. For earlier test 
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data on plates and comparison with theory the reader is referred 
to the bibliography and paper given by Lamble and Shing (6), to 
Nadai’s book (1), and to an article by G. Lobo, Jr., and the author 
(28). 

(a) Tests Under Elastic Conditions. A comprehensive series of 
tests was carried out on circular plates with clamped edges by 
McPherson, Ramberg, and Levy (29). Both deflection and strain 
measurements were made on plates of 5 in. diam with thicknesses 
varying from 0.015 to 0.072 in. Various materials were also 
tested and comparison was made between the test results and 
theoretical values using large deflection theory (1, 2, 30). At 
low pressures the center deflections and stresses agreed closely 
with the test values, while at high pressures the center deflections 
were 4 to 12 per cent higher than the theoretical. These authors 
also analyzed effects of deviations from ideal conditions including 
effects due to imperfect clamping. 

Holmberg (31) reported the results of tests on two steel plates 1 
meter in diameter and either 0.4 cm or 0.8 cm thick, subject to 
uniformly distributed edge moments or concentrated loads ap- 
plied at various points including the center of the plate. The 
tests, which were limited to deflections less than twice the thick- 
ness, showed good agreement with solutions of von Karman’s dif- 
ferential equation (which considers large deflections) in cases 
where such solutions were available. 

Tests of interest in connection with the use of flat diaphragms in 
instruments were reported by Carter, et al. (32). These investiga- 
tors tested flat diaphragms with integral flanges machined out of a 
solid bar of spring steel, the diameter being 1.25 in. and the thick- 
ness 0.04 to 0.09 in. The relation between pressure and stress 
(measured by SR-4 gages cemented to the diaphragm) was de- 
termined and good agreement was found between the test results 
and theoretical values obtained using small-deflection plate 
theory. The effects of the fillet between diaphragm and flange 
on the plate stiffness was also determined. Incidentally, it was 
found that simply clamping a flat circular disk did not give re- 
producible results. It was concluded that for higher pressures 
where deflections are small, the method of utilizing strain meas- 
urements has definite advantages for pressure determination as 
compared with that of measuring deflections directly. 

Experiments on deflection and buckling of slightly dished dia- 
phragms were also reported by Kaplan and Fung (12) together 
with comparison between test and theory, 

(b) Tests Involving Plastic Deformation. In recent years a con- 
siderable number of test data have been published on plates and 
diaphragms subject to stresses in the plastic range. This has been 
done, for example, in connection with the use of pressure relief 
diaphragms in vessels under internal pressure. 

Results of a number of bulge tests on circular diaphragms of 
copper with clamped edges were presented by Brown and Sachs 
(33). Results of deflection and strain measurements at increasing 
pressures up to failure were reported. Similar bulge tests on 
diaphragms made of three grades of aluminum, type 347 stainless 
steel, and annealed low-carbon steel were reported by Brown and 
Thompson (34). These papers showed that an instability con- 
dition may occur in such bulge tests similar to the phenomenon of 
“necking” in a tensile test. Additional test data on diaphragms 
under pressure are given in the papers by Gleyzal (19) and Weil 
and Newmark (21) mentioned previously. 

Test results for simply supported circular plates made of 248S-T 
aluminum and loaded by concentrated loads into the plastic 
range were given by Naghdi (35) who also presented a theoretical 
solution involving the deformation theory of plasticity and as- 
suming small strains. Further test data in the plastic range were 
given by Cooper and Shifrin (36) on nine simply supported mild- 
steel plates loaded by loads distributed on concentric circles. 
Haythornthwaite (37) tested simply supported hot-rolled steel 
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plates loaded through a central boss. Tests on mild-steel plates 
loaded on a small circle with both clamped and simply supported 
edges were reported by Onat and Haythornthwaite (26) who also 
give results for uniformly loaded plates with clamped edges. 
The latter compared their test results with theoretical values 
based on various assumptions. 

Summing up, it appears that considerable progress has been 
made in recent years in evaluating strength of flat plates and 
membranes loaded into the plastic region. However, much yet 
remains to be done in this field; also very few experimental data 
appear to have been published on the strength and deflection of 
plates subject to long-time loading involving creep at elevated 
temperatures. 


4 PressuRE-MEAsuRING INSTRUMENTS UTILIZING FLAT oR 


Neary Fiat DiapurRacms 


A review of recently published articles covering pressure- 
measuring instruments utilizing flat or nearly flat diaphragms will 
be given in this section. Such instruments are widely used for 
measuring explosion pressure, as internal-combustion-engine in- 
dicators, or in aerodynamics research. No attempt will be made 
to cover all such published data or to give complete descriptions 
of the instruments involved. Readers interested in further de- 
tails may consult the references cited. 

A very complete discussion and analysis of the performance of 
balanced diaphragm-type pressure indicators for measuring pres- 
sures developed during explosions of gaseous mixtures were given 
by Caldwell and Fiock (38). Such effects as temperature change, 
diaphragm inertia, dimensions, and radial tension were considered 
in this paper. 

Fairly complete descriptions of condenser-type pressure indi- 
cators utilizing flat diaphragms were given by Grinstead, et al. 
(39). Such indicators are used in internal-combustion-engine re- 
search. Considerable space in this paper was devoted to a dis- 
cussion of the associated electrical equipment. 

A miniature pressure gage (7/,. in. diam) which has proved use- 
ful in aeronautical research where high frequencies areinvolved was 
described by Patterson (17). Utilizing a stretched flat dia- 
phragm, this instrument is of the variable-air-gap inductance type 
and will respond to frequencies up to several thousand per second. 

Recently Li (40) has given a description of three different types 
of pressure indicators using flat or nearly flat diaphragms useful 
for aerodynamic and engine research work where high frequencies 
are involved. These are: (a) Spherical (slightly dished) dia- 
phragm with capacitive transducer suitable for very high-fre- 
quency measurements, the natural frequency being around 60,000 ~ 
cycles; (b) a catenary type of diaphragm used to load a tube on 
which is mounted a wire-resistance strain gage (this type of gage 
has a low sensitivity to effects of temperature change); and (c) a 
miniature pickup consisting of a barium-titanate sheet attached 
to a flat diaphragm (5/1. to '/:in. diam). The latter gage operates 
as a piezoelectric type. This paper also gives data useful for de- 
sign on the following characteristics of flat and spherical (slightly 
dished) diaphragm-type gages: Minimum detectable pressure; 
natural frequency; zero shift in psi per deg F. Effects of me- 
chanical vibration are also discussed, a chart being given com- 
paring the sensitivity (ratio of deflection to pressure change) at 
various natural frequencies for a flat clamped-edge diaphragm and 
a spherical diaphragm. At the higher frequencies the spherical 
diaphragm is shown to be superior with respect to sensitivity. 

Descriptions of various types of miniature gages utilizing flat 
diaphragms and suitable for aerodynamic research work were 
given by Wrathall (41). Some of these utilize wire-resistance 
gages mounted on the diaphragms, others utilize capacity changes 
caused by diaphragm deflection, and still others inductance 
changes resulting from deflection (see also reference 17). 
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Pressey (14) has described a flat-diaphragm pressure gage of 
the capacitance type for measuring pressures in the low-pressure 
region (0-10 mm of water) and which is also relatively insensitive 
to temperature effects. Capacitance-type pressure gages utilizing 
flat diaphragms were also described by Willey (42) and Médller 
(15). 

A direct-recording type of mechanical gage consisting of a 
circular diaphragm (10 in. diam) and clamped around the 
periphery was discussed by Higgs (43). In this instrument the 
deflection of the diaphragm operates a stylus for direct recording 
of pressure fluctuations up to 500 cycles and in the range 300 to 
1000 psi. 

An optical method utilizing interference fringes to measure the 
deflection of a flat diaphragm under dynamic pressure fluctuations 
has been described by Buck and Barker (44). A quartz crystal 
cemented to a steel plate was used by Edwards (45) to record 
transient pressures up to 100,000 psi. Delmonte (46) utilized a 
flat diaphragm ('/: in. diam) attached to a star-spring arrange- 
ment with resistance strain gages to record pressures in the range 
5 to 150 psi full gage output at frequencies up to several thousand 
per second. 

A flat-diaphragm type of instrument has also been used by 
Draper, et al. (47) for detecting detonation conditions in the 
operation of aircraft engines. 


5 ON FLat-DIAPHRAGM 
PROBLEMS 


In this section some possible future research problems involving 
flat or nearly flat diaphragms are discussed, particularly from the 
standpoint of use in pressure-measuring instruments. The proj- 
ects mentioned are those which, in view of the extensive use of 
flat or nearly flat diaphragms in pressure-measuring instruments, 
may lead to results of practical value for diaphragm designers. 
However, it is not implied that all of these suggested projects are 
equally important, many of them being presented mainly as a 
basis for further discussion. In making up this list of possible re- 
search projects, the author has freely utilized suggestions along 
similar lines made by Hersey (48) many years ago. Suggestions 
made by certain diaphragm manufacturers and research workers 
in this field have also been included. 

(a) Further theoretical studies utilizing large-deflection elastic 
theory for flat and slightly dished (spherical) diaphragms. Such 
theoretical studies might include: Effects of initial tension in the 
plane of the diaphragm; diaphragms or plates having a central 
_ boss and various edge conditions; effects of imperfect clamping at 
edges; effects of initial buckling (oil-canning). Results of these 
studies would be put in a suitable form for design use,and would 
probably require the use of large-scale digital computers. 

(b) Experimental work on the various cases considered in (a) 
to be carried out as a check on the theoretical assumptions. 


(c) On the basis of advances made in recent years in our 
knowledge of creep and anelastic effects in metals, further analyti- 
cal and experimental studies of effects of drift, creep, hysteresis, 
and plastic flow in diaphragms may be made. Effects of tem- 
perature would be considered and the results would be compared 
with actual test data. This study might also throw light on proc- 
esses occurring during seasoning of diaphragms. The effects of 
hysteresis for small diaphragm deflections are particularly im- 
portant and further research appears to be needed in this field. 

(d) Further development of the theoretical analysis of effects 
of vibration, acceleration, impulsive loading, and temperature 
change (transient and steady state) on the performance of flat or 
slightly dished (spherical) diaphragms as mounted in instru- 
ments. Tests as a check on the theory would also be desirable. 

(e) Study of methods of determining initial tension in 
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stretched flat diaphragms from measurement of natural vibration 
frequencies. Such a study might include methods for the deter- 
mination of uniformity of tension by exciting the diaphragm in 
various modes. 

(f) Measurements to determine internal or residual stresses in 
diaphragms produced by various methods of manufacture and 
theoretical determination of effects of such stresses on the dia- 
phragm characteristics. Comparison would also be made with 
test results. Effects of surface work hardening due to rolling or 
machining might also be investigated. 

(g) Determination of anisotropy effects present in actual dia- 
phragm materials and theoretical analysis of diaphragm charac- 
teristics considering such anisotropy effects. 


(hk) Determination of fatigue strength of diaphragms under 
vibratory conditions at normal and elevated temperature. 


(i) Development of diaphragm alloys having improved 
characteristics in regard to such properties as strength, drift, 
creep, hysteresis, and temperature coefficients of elastic constants, 


(j) Further study of methods of diaphragm manufacture in- 
cluding heat-treatment, seasoning, and aging effects. 
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Discussion 


M. D. Hersey.’ The author’s review, taken in conjunction 
with the Bibliography by Brombacher and Lashof [reference (5) of 
the paper], provides access to practically the entire literature of 
research on flat diaphragms. A hydrostatic dynamometer 
utilizing such a diaphragm is shown elsewhere.‘ General methods 
of calculation proposed for elastic systems® are applicable to dia- 
phragms. Earlier scientific literature not included in the author’s 
reference (5) has been reviewed by H. F. Coward and the writer 
in an investigation conducted in co-operation with the Safety in 
Mines Research Board of Great Britain.6 A recent study by 
Roberson? may be added. Could this not be extended to clamped 
plates by approximate intercomparison of available formulas? 

Among the many investigations of lubrication and lubricating 
appliances, the writer does not recall any theoretical or experimen- 
tal study of the common oil can. To discover the optimum 
design, its performance characteristics should be expressed in 
nondimensional variables representing the geometrical factors, 
manual operating conditions, elastic properties of the metal, and 
physical properties of the oil. To get literally to the bottom of 
the oil-can problem a good understanding of flat diaphragm 
will be essential. 
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Regarding the oil-can design problem, it may be mentioned 
that Kaplan and Fung (reference 12 of paper) have presented 
theoretical and experimental data on the buckling and bending 
of thin, shallow, spherical shells with clamped edges. Perhaps 
a similar method of attack could be applied to the related prob- 
lem of oil-can buckling. 
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Effect of Surface Finish on the Fatigue 
Strength of Titanium Alloys 
RC 130B and Ti 140A 


By G. M. SINCLAIR,' H. T. CORTEN,? anv T. J. DOLAN,* URBANA, ILL. 


An investigation was made of the effect of various sur- 
face-finishing operations on the fatigue strength of two 
titanium alloys, RC 130B and Ti 140A. The types of finish 
studied included rough-machined, machined and me- 
chanically polished, cold-rolled electropolished, and 
ground surfaces. Through the use of microhardness 
measuring techniques it was found that the different fin- 
ishing methods introduced varying degrees and varying 
depths of cold work in the surface layers of the metal. 
Cold-rolling produced the highest hardness in the surface 
layer while grinding gave the lowest value; in one case the 
ground surface appeared to be slightly softer than the inner 
core metal. In general, the fatigue strength for lifetimes 
exceeding 2 X 10’ cycles was found to vary according to the 
hardness of the surface layer with the highest hardness 
corresponding to the greatest fatigue strength. Rough- 
ness of the surface was also found to influence fatigue 
strength but to a much lesser degree than hardness. Asa 
first approximation the relationship between surface 
hardness, surface roughness, and fatigue strength could 
be expressed by an equation of the form Z = KX~-*Y* 
where Z is fatigue limit, X is surface roughness, Y is hard- 
ness, and K, a, and 6 are constants of the material. Data 
from the present study were evaluated in terms of this 
equation and the results are presented in the form of a 
nomograph. Results of tests made on notched specimens 
appear to indicate that titanium is less notch-sensitive in 
fatigue than was previously reported. Early reports of ex- 
treme notch sensitivity may have resulted from compari- 
sons made between notched and smooth specimens having 
quite different surface preparations in the test section. 


INTRODUCTION 


T IS well established that the method employed in surface- 
if finishing influences the fatigue strength of metal members; 
however, recent evidence (1, 2)* indicates that this influence 

is exaggerated in the case of titanium alloys to an extent not 
found in other structural metals. The reason for this sensitivity 
to surface preparation has not been clearly established by pre- 
vious work since the materials in question are relatively new and 
detailed information is lacking. Previous reports appear to be in 
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agreement on the fact that grinding seriously reduces the fatigue 
strength of titanium alloys, but there is considerable speculation 
as to the benefits or lack of benefits of cold work. Cold-rolled 
metal was reported to be inferior in strength by one group (1) 
while another (2) reports that shotpeening the surface seems to 
improve fatigue behavior in the “finite-life’’ region but is del- 
eterious in its effect on the fatigue limit. These results are not 
consistent with the fatigue behavior of other metals similarly pre- 
pared. Since surface cold-working is an important method of im- 
proving fatigue strength in engineering practice it was felt that 
further study of the fatigue behavior of titanium alloys would be 
worth, while. 


Oxssect AND Score 
The object of the present investigation was twofold: 


1 To attempt to determine the underlying cause of the wide 
variations in fatigue strength associated with different methods 
of surface-finishing titanium alloys. 

2 To sxggest a possible means of inspecting the surface of 
finished parts for the purpose of detecting parts which would be 
unlikely to have satisfactory fatigue strength. 


It was anticipated that the work would also be of benefit in 
providing test data on the fatigue strength of commercial titanium 
alloys which were finished by processes which are commercially 
practicable. The work was carried out on two different alloys 
which, at the time the study was initiated, appeared to be the 
most promising for actual service. These were the RC 130B and 
Ti 140A alloys. Two different heats of the RC 130B were ex- 
amined to determine heat to heat variations on properties. In all, 
a total of twenty-two different fatigue limits were determined for 
the various combinations of material, surface preparation, and 
notch geometry. 


MATERIALS AND PREPARATION OF SPECIMEN 


The materials were received in the form of '/;-in. nominal- 
diameter round rod which was annealed and finished to size by 
the producers by centerless grinding. The chemical composition 
and static tensile properties of the alloys used are listed in Table 1. 

Metallographic examination of the material disclosed a typical 


TABLE 1 PROPERTIES OF TITANIUM ALLOYS 


CuemicaL Composition 


RC 130B Ht No.1, RC 130B Ht No. 2, Ti 140A, 


Sratic Tenstte Data 
RC 130B Ht 1 RC 130B Ht2 Til40A 
154,700 136 ,000 
150 ,000 125,000 
19.5 22.5 
55.5 


Ultimate tensile ps 


i 139 ,000 

Yield strength, psi (0.2% offset).. 125,000 

Elongation, per cent (2 in. gage 
len 18 

40.3 


per cent per cent per cent 
C— 0.06 C— 0.01 Cc— 0.041 
Nr—0.017 Nr— 0.03 Ne— 0.022 
F Al—3.96 Al— 3.7 Fe— 2.00 
Mn—4.08 Mn—3.3 Cr— 2.08 
Fe—0.02 Ti—Bal. Mo— 1.69 
Ti—Bal. He— 0.012 
Ti— Bal. 
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two-phase structure for both alloys of precipitated alpha phase 
in a beta matrix. In the RC 130B the alpha phase tended to be 
spheroidal in form while in the Ti 140A the alpha was precipitated 
in a Widmanstitten pattern. 


Minimum Diameter of Test 
Section on all Specimens 
is 0250° 

Type A Spec 
V-Notch K,* 27 


Type B Spec 
Semi-circulor Notch K,* 202 


Received Surface 
9-028" 


Fie. 1 or Fatiaue Specimens 
(See Fig. 2 for details of notches.) 


Fie. 2 or Test Section or NorcHep SPECIMENS 


The specimens used in fatigue testing were machined to the 
dimensions given in Fig. 1, using a grade 999 Carboloy-tipped tool. 
Detailed dimensions of the notches are shown in Fig. 2. Owing to 
the large number of different surface-finishing operations used in 
the program, the groups of specimens having different types of 
surface finish were assigned series numbers to simplify reference 
to them. The series number and a brief description of the type of 
finishing operation used in preparing the fatigue specimens (i.e. 
grinding, cold rolling, etc.) are presented in Table 2. 

Two of the finishing methods used require special mention at 
this point since they were extensively employed. Briefly, these 
were surface cold rolling and electropolishing. An isometric 
drawing of the surface-rolling device is shown in Fig. 3. The 
frame of this device was attached to the lathe bed and the speci- 
men was then rotated with the test section supported by the 
back-up rolls. The hardened steel roller shown mounted on the 
lathe cross-feed was forced against the surface of the specimen by 
means of a simple dead-weight and pulley arrangement and the 
test section was traversed uniformly six times. Cold rolling was 
employed in preparing the test sections of specimens of series 2, 4, 
10, 11, and 12. 


Series 1 


Series 2 
Series 3 
Series 4 


Series 5 


Series 6 
Series 7 
Series 8 


Series 9 


Series 10 


Series 11 


Series 12 
Series 13 
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TABLE 2 PREPARATION OF SPECIMENS 


Rough-machined in lathe ooing, grade 999 gan tool bit. 
Mechanically polished using No. 1 and 2/0 grades of emery 
paper successively on rotating spindle, final scratches oriented 
parallel to lon ng axis of specimen. 

Rough-machined and mechanically polished. Cold-rolled at 370 
Tpm 15-lb load and small-radius roller.* 

Rough-machined, mechanically polished, then electropolished 
(0.002 in. removed from surface). 

Rough h cular notch of radius 0.02 in. ma- 

chined, notch \ cold- rolled at 370 rpm using 15-lb load and small- 
radius roller.* 

Rough- machined, 0.010 in. removed from surface by cylindrical 

‘plunge’ grinding with contoured silicon-carbide wheel (grade 
1230), using Cimcool Titan coolant. 

Rough-machined, semicircular notch having root radius of 0.020 
in. plunge-ground with dressed wheel. 

Rough-machined, 60-deg V-notch having root radius 0.010 in. 
plunge-ground with dressed wheel. 

Rough-machined, mechanically polished, surface metal re- 
moved to depth of 0.010 in. by electropolishing. 

Rough-machined, mechanically polished, test section scratched 
circumferentially by holding No. 80 emery against surface 
while rotating in lathe. 

Rough- machined, mechanically polished, cold-rolled at 370 rpm 
using 15-lb load and small-radius roller* test section, then 
scratched with No. emery 

Rough-machined, snauiassiiealiy ‘polished, cold-rolled using great- 
est load which would not produce spalling of surface (1 30 lb 
3 2nd heat RC 130B and 46 lb for Ti 140A); small radius 
roller.* 

Rough-machined, mechanically polished, cold-rolled at 370 rpm 
using 40-lb load on large radius roller. > 

Rough-machined using tool bit ound to 60-deg sharp point, 
surface left as machined. 


@ Small-radius roller; Ri = 0.125in., Re = 0.0156 in. 


6 Large-radius roller; 


Ri = 0.125 in., R: = 0.0625 in. 


Fie. 3 Device 


AAAAAAAAAA, 
VVVWVYVVVVV 


Fic. 4 APPARATUS 


ve" Rodius 
= 
) 
aps 0) 
Type Spec 
2742" 
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TABLE 3 SUMMARY OF RESULTS 


Avg. rough- hardness, 
ness, rms, 
microinches 


Material Series 
RC 130B Ht. 1 1 


Description 
Mechanical polish 7 
Cold-rolled 15 Ib 13 
Electropolished 3 
Notched-cold roll 
Ground surface 
Ground notch 
Ground V-notch 
Special electropolish 
RC 130B Ht. 2 Mechanical polish 
Cold-roll-scrateh 
Cold-roll 30 lb 
Cold-roll 40 Ib '/ie” roli 
As-machined 


Mechanical polish 
Cold-rolled 15 |b 
Electropolished 
Notch-cold roll 
Ground surface 
Ground notch 
Ground V-notch 
Mech. polish—scratch 
Cold-roll 40 lb 


Electrolytic polishing of the test section for series 2 and 8 and 
for microhardness readings was accomplished with the apparatus 
shown in Fig. 4. The specimen was rotated slowly in a special 
electrolyte, recommended by Rem-Cru, under controlled condi- 
tions of current density and temperature. Removal of surface 
metal in this manner resulted in a very smooth finish which had 
the general appearance of polished chrome plate. 


Discussion oF RESULTS 


The results of the experimental program are summarized in 
Table 3. Also included in this table for purposes of comparison 
with experimental values of fatigue limit are the calculated values 
of fatigue limit based on rms surface roughness and surface- 
hardness measurements and Equation [4] which was developed 
during this program and which will be discussed in a later section. 

Surface Roughness. Since surface roughness was known to in- 
fluence fatigue strength of metals (7) roughness measurements of 
typical samples of the fatigue surfaces were made using a Type 
“Q” profilometer manufactured by the Physicists Research Com- 
pany. Root-mean-square (rms) values of surface roughness in 
microinches are given in column 4 of Table 3 for the different sur- 
faces investigated. It was found that the maximum and mini- 
mum readings were consistently about +10 per cent of the aver- 
age reading; therefore it was felt that only the average surface 
roughness need be included in the table. The “roughest” sur- 
face investigated was that of series 13 (as machined) which had 
an rms value of 155 microinches, while the least rough was the 
electropolished surface of series 3 and 8 which had a value of 3 
microinches. It should be noted here that the rms roughness of 
a surface is quite useful but does not tell a complete story in so 
far as the influence of surface geometry on fatigue is concerned. 
For example, if the hills and valleys of two surface contours are 
of about equal depth, the fatigue-strength characteristics might 
be quite different for a roughness consisting of a sharp saw-toothed 
contour as compared with one having a smooth sinusoidal varia- 
tion in surface elevation. 

Hardness Profiles. By utilizing the apparatus shown in Fig. 4, 
very thin layers (approximately 2-3 ten thousandths of an inch) 
of metal could be removed from the test surface of fatigue speci- 
mens by electropolishing. The thickness of the surface layer re- 
moved was a function of the polishing time and could therefore be 
controlled; measurements of diameter made before and after 
polishing gave an accurate check on the thickness of the layer re- 
moved, After each polishing operation a series of Knoop hard- 
ness measurements was made on the smooth surface of the test 


———— —— Fatigue limits, 1000 psi——— 
Experimental No. of speci- 
value minus mens used in 
calculated staircase 
value 
—12 
0 
-8 


Surface 


95% conf. Calculated 
limits + from Eq. [4] 


99 
103 
99 


! 


~ 


section. The load used on the Knoop indentation was 100 grams 
and the resulting indent was of the order of 0.0001 in. in depth 
depending upon the hardness of the surface being measured. The 
readings were all taken in a circumferential pattern perpendicular 
to the long axis of the fatigue specimen and with the long diagonal 
of the Knoop indent parallel to the specimen axis. The use of the 
light load naturally resulted in some scatter in individual hardness 
readings; however, the average of five or more readings appeared 
to be reproducible to within +10 points Knoop. By repeating 
the electropolishing and hardness-reading operations a number 
of times, a profile of hardness versus depth beneath the test sur- 
face could be determined. Typical hardness “profiles’’ obtained 
from the test sections of untested fatigue specimens having differ- 
ent types of surface preparation are shown in Fig. 5. It will be 
seen that the cold-rolling operation (Series 2) produced a high 
surface hardness and that the hardness fell off rapidly toward the 
center of the specimen. 


N 


Depth Beneath Surface (inches) 


Fie. 5 Typica, HarpNness Prorites or Test Section FatTicue 
Specimens or RC 130B Trranium 


The profile of the mechanically polished (Series 1) specimen 
shows a surprising degree and depth of cold work introduced by 
the simple machining and polishing operations involved. The 
metal shows evidence of cold work to a depth of 12-15 thousandths 
of an inch below the surface. The ground surface (Series 5) was, 
in one case, actually slightly softer than the inner core material 
as shown in Fig. 5. Since hardness readings are determined not 
only by the inherent “hardness” of the metal but also to some 


91 
Mean 
455 87 
480 103 
445 91 
64 14 
345 66 71 || 16 
36 16 
26 l4 
365 79 81 11 
385 88 83 13 
430 89 89 13 
450 100 94 13 
480 lll 104 19 
470 86 o4 10 
Til40A 7 395 90 86 17 
10 410 98 88 13 
3 375 79 83 16 
2.02 67 13 
40 370 81 76 9 
2.02 38 14 
2.7 30 14 
26 350 71 73 —2 14 
25 450 97 94 3 14 
Knoop Hardness vs. Depth 
100 gm. Load 
H Ground (Se 5 
00! 020 02! 030 
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Knoop Hardness vs. Depth 
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Ist Heot Series 
|MECHANICALY POUSHED 


| 


Depth Benecth Surface (inches) 


Fic. 6 Harpness Prorite or Test SecrTion tn Faticue Specimen 
or TiTantum ALLoy 


degree by the residual stress present, this “soft’’ surface may indi- 
cate the presence of a residual tensile stress. 

A hardness profile showing individual test points obtained for 
the mechanically polished surface used in this investigation is 
presented in Fig. 6. To permit convenient comparison, values of 
surface hardness as estimated from the various profiles are given 
in column 5 of Table 3. 

In general, it can be stated that the hardness surveys indicate 
that the various methods of surface finishing used in this study 
produced widely different degrees and depths of cold work in 
RC 130B and Ti 140A titanium alloys. Surface cold work in- 
troduced by machining operations appeared to vary with cutting 
speed, depth of cut, and condition of the tool. The grinding 
operations, which were performed using very light cuts and a 
liberal flood of Cimcool-Titan coolant appeared to produce the 
least surface cold work of any of the mechanical methods of 
metal removal. 

Early during the course of the work an attempt was made to 
determine the hardness-depth relationship of the cold-worked 
layer by cutting the test section on a steep gradient and metallo- 
graphically polishing this surface. Hardness readings taken on 
the surface so prepared proved to have so much scatter that the 
method was discarded in favor of the electrolytic method de- 
scribed, 

Fatigue. The fatigue characteristics resulting from the different 
types of surface finish were determined in rotating cantilever- 
beam testing machines at a nominal speed of 3600 rpm, The 
stress was computed from the ordinary flexure formula S = 
Mc/I where S is the maximum bending stress at the surface in 
psi, M is the bending moment at the critical section, and J/c is the 
section modulus. A total of 22 S-N diagrams were obtained for 
various combinations of material, surface preparation, and notch 
geometry. A sample curve showing individual test points is pre- 
sented in Fig. 7. The curve shown in this figure has been drawn 
through the mean fatigue limit. 

Since the greatest interest, in the present case, was in fatigue 
limit, the “staircase’’ method of testing and analysis (3) was em- 
ployed to lend some degree of statistical assurance to the data. 
The mean fatigue limits and 95 per cent confidence limits calcu- 
lated from the test data are summarized in Table 3. 

General features of the effect of surface finish on the fatigue 
strength of the alloys studied are most easily discussed in terms of 
Fig. 8, which presents a composite diagram of S-N curves ob- 
tained from the first heat of RC 130B. In this figure it may be 
seen that Series 2 (cold-rolled surface) had the greatest resistance 
to fatigue stressing. Both the finite life and mean fatigue limit 
as determined by “run out” to at least 2 < 10’ cycles were im- 
proved by the surface-rolling operation. It should be recalled 
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that Series 2 also had the highest surface hardness (480 Knoop) 
and an intermediate value of rms surface roughness of 13 mi- 
croinches. The fatigue limits of Series 3 and Series 1 (electro- 
polished and mechanically polished, respectively) are next 
highest; in both cases the surface was less hard but smoother than 
that of the cold-rolled series. Specimens of Series 8 were given a 
special electropolish which removed all of the cold-worked sur- 
face layer, leaving the surface hardness at approximately 365 
Knoop. It is seen that the fatigue limit for Series 8 is more than 
20,000 psi below that of the cold-rolled specimens of Series 2. 
The lowest fatigue limit for smooth specimens was exhibited by 
Series 5 which had a ground surface. Series 5 also had the 
lowest surface hardness (345 Knoop) and had an rms roughness 
of 40 microinches. 

In general, the data of Table 3 indicate a similar trend toward 
increased fatigue limits in the second heat of RC 130B and also in 
the Ti 140A alloy for the test series having higher surface-hard- 
ness values. 

The precise influence of surface roughness was not apparent 
from such a qualitative inspection of the data; however, the in- 
fluence of surface roughness on fatigue strength of the material 
was later inferred from the mathematical analysis to be given. 

Influence of Hardness Versus Residual Stress. In view of 
the apparent correlation between hardness and fatigue strength 
of the material, the question naturally arises as to what part 
residual stress plays in increasing or decreasing the fatigue limit. 
This question cannot be adequately answered at the present time 
since the existing data on the subject are quite meager. Only 
fragmentary information exists in the literature and the results of 
the few studies which have been made are by no means conclu- 
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sive. The best that can be said at this time is that both hardness 
and residual stress will influence the fatigue strength. A survey 
of the available literature on the influence of residual stress 
on the fatigue strength of metal members, however, discloses 
that in general, macro residual stresses are of greatest importance 
in high-hardness materials (quenched and tempered steels, for 
example) while in medium and low-hardness materials the in- 
fluence of residual stress appears to be relatively small. 

Because of limitations in time and funds, it was not pogsible to 
investigate the separate contributions of hardness of the surface 
layer and residual stress in influencing fatigue strength of ti- 
tanium alloys, particularly in view of the laborious and time- 
consuming techniques which are involved in most residual-stress 
analyses. It happens, however, that the indentation hardness of 
a metal is not determined by the inherent hardness of the ma- 
terial alone but is also influenced to some degree by the residual 
stress present. Compressive residual stresses, for example, tend 
to increase the hardness reading while tensile residual stress lowers 
it. Since compressive residual stresses are beneficial in fatigue and 
since they also give higher indentation hardness readings, the 
hardness reading includes the effect of residual stresses to some 
degree and includes it in such a way as to provide better correla- 
tion with the fatigue strength of the material. It has recently 
been found (4) that surface-hardness readings correlate well with 
the fatigue strength of large steel shafts which have been cold- 
worked in varying degrees at the surface, 

Effect of a Notch on Fatigue Limit. Titanium alloys have ac- 
quired the reputation of being extremely notch-sensitive in 
fatigue. Some idea of this notch sensitivity may be gained from 
examination of the‘data obtained in the present study. 

Two different types of notched specimens were used in this in- 
vestigation as indicated in Fig. 2. The type A specimen was a 
60-deg V-notch having a root radius of 0.010 in. The theoretical 
stress-concentration factor for this notch geometry, as determined 
from Neuber’s (9) relation, was K, = 2.7. Specimen type B had 
a semicircular notch having a root radius of 0.020 in.; K, for this 
specimen was 2.02. 

A simple means of examining the effectiveness of a notch in re- 
ducing fatigue strength can be obtained by comparing the fatigue- 
strength reduction factor K, (ratio of fatigue limit of smooth-bar 
specimen to fatigue limit of notched specimen) with the theoreti- 
cal factor K,. In Table 4 are listed the values of fatigue-strength 


TABLE 4 FATIGUE NOTCH SENSITIVITY OF Ti ALLOYS 


Series Surface preparation 
Material no. of noteh 


Cold-rolled 
Ground 
Ground 
Cold-rolled 
Ground 
Ground 


@ Ki, theoretical stress-concentration factor for notch as obtained from 
Neuber's relation. 
Ky, Fatigue strength-reduction factor taken as ratio 


unnotched fatigue limit 
f notched fatigue limit 
preparation in critical section. 


reduction factor K,, and the theoretical stress-concentration fac- 
tor K, for the notched specimens. In each case care was taken to 
compare the notched and cold-rolled series with the corresponding 
cold-rolled smooth-bar series to obtain K,. Similarly, Ky was 
calculated in the case of the ground notches on the basis of fatigue 
limit of the corresponding ground smooth-bar series. 

It is seen that the fatigue-strength reduction factor is in all 
cases reasonably close to the theoretical stress-concentration fac- 
tor and is usually somewhat less. It appears then that a reasona- 
ble estimate of the reduction in fatigue limit due to the effects of 
a notch may be obtained from the theoretical stress-concentration 
factor K,. 


for specimens having similar surface 


93 


It is also clear that } made between the fatigue limit 
of mechanically polished smooth-bar specimens, for example, and 
that for specimens having a ground notch would indicate that the 
material was extremely notch-sensitive. Such calculations are 
equivalent to comparing two completely different materials and 
do not give an accurate picture of the strength characteristics of 
the alloy. 

Analysis of Data. Owing to the many different combinations 
of surface hardness and roughness which were produced by the 
various finishing operations, it was difficult to isolate the effect of 
hardness on fatigue limit for a constant value of surface rough- 
ness. Similarly, it was not possible to evaluate the separate in- 
fluence of surface roughness on fatigue limit, resulting from the 
considerable variations in hardness between one series of speci- 
meus and the next. In view of this it was felt that additional in- 
formation might be gained from the present data through an 
analysis which took into consideration the combined effects of 
surface hardness and roughness on fatigue limit. 

The approach used was to consider a three-dimensional figure in 
which points were located having as their Z, Y, and X-co-ordi- 
nates, respectively, the fatigue limit, Knoop surface hardness, and 
rms surface-roughness values for the smooth-bar test series. It 
was found that the configuration of test points approximated a 
curved surface; accordingly, a simple general expression for 
a curved surface was chosen as 


which in logarithmic form becomes 
log Z = alog X + blog Y + logC 


Equation [2] may be visualized as the equation of a plane where a 
is the slope of the log Z versus log X-relation for constant values 
of Y, b is the slope of the log Z versus log Y-relation for constant 
values of X, and C is the intercept of the plane on the Z-axis. By 
utilizing the fatigue limits from the 16 different smooth-bar series 
and solving by the method of least squares, the values of the con- 
stants a, b, and C were determined as 


log Z = —(0.0284) log X + (1.0166) log Y + 2.3169. . [3] 
or, reconverting to exponential form 
Z = (4) 
where 


Z = mean fatigue limit, psi 
X = rms surface roughness, microinches 
Y = surface hardness (Knoop—100-gram load) 


Equation [4] describes the “‘best-fit’’ relationship for data ob- 
tained in this investigation. 

It is interesting to consider the sign and values of the exponents 
in this equation. The exponent of X (roughuess) was found to be 
negative and rather small. This would indicate that for any con- 
stant value of surface hardness, the relationship between fatigue 
limit and surface roughness is a curve which is concave upward 
and that the fatigue limit is not greatly influenced by roughness. 
The fatigue limit falls off rather gradually and at a decreasing rate 
with increasing surface roughness. 

The exponent of Y (hardness) is positive and very nearly equal 
to 1. This indicates that the relationship between fatigue limit 
and surface hardness for constant values of roughness is approxi- 
mately linear. This corresponds to the approximate relations 
between fatigue limit and hardness or tensile strength of steel 
which have been known for many years. There is naturally some 
scatter of the test data from the fatigue limit predicted by this 
empirical relationship, particularly since data from essentially 


= 
8 
[2] 
2.02 1.61 
2.02 1.83 
2.02 1.46 
2.02 2.15 
2.7 2.7 
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three materials were combined, but it ake appear to permit a 
reasonable interpretation of the data obtained in this study. 

Fatigue Nomograph. To eliminate the necessity for calculating 
values of fatigue limit for different combinations of surface rough- 
ness and hardness, Equation [4] was reduced to the form of a 
nomograph and is presented in Fig. 9. In this figure both rough- 
ness and hardness are shown plotted to a logarithmic scale and 
heavy lines having constant values of fatigue limit are indicated 
for incremental changes in fatigue limit of 10,000 psi. 


500 


300 350 400 450 
Knoop Hordness Number (log scale) 


Fic. 9 Nomocrapu-Faticue Limit Versus Surrace HarpNess 
AND RovuGHNEss FOR RC 130B Ti 140A Titanium ALLoys 


Test values for the different series are plotted according to the 
corresponding hardness and roughness values. The experimental 
value of the fatigue limit is printed below the plotted point and 95 
per cent confidence limits on the fatigue strength are also indi- 
cated by lines extending from the point. 

Effect of Hardness on Sensitivity to Surface Roughness. One ad- 
ditional factor of interest which is brought out in Fig. 9 is that it 
indicates that the loss in fatigue strength due to surface roughness 
becomes greater at high surface hardnesses. This may be seen by 
comparing the loss in fatigue strength caused by a change in 
roughness from 1 to 100 microinches at two different hardness 
levels. At a hardness of 300 Knoop, for example, this loss in 
fatigue limit is about 10,000 psi while at 500 Knoop the same 
change in roughness lowers the fatigue limit by approximately 
15,000 psi. This is in agreement with qualitative trends reported 
for other materials such as steels. 

The fatigue limit of the titanium alloys appeared to be less 
sensitive to the depth of the cold-worked surface layer than it was 
to the absolute surface hardness. 

It is believed that the greatest source of experimental error in 
the present investigation was in the determination of surface 
hardness. Readings made with a heavier load on the indenter tend 
to be more reproducible and should therefore provide better re- 
sults if used as a method of inspection. It is suggested that hard- 
ness measurements of the Rockwell ‘superficial’ type might be 
suitable as an inspection tool. The increased load on the indenter 
(as compared with the microhardness measurements) should 
minimize “scatter’’ in the measured hardness while the indent 
would still remain relatively shallow. 

Heating Effect. Previous investigators (2, 8) have reported that 
certain of the titanium alloys, such as RC 55 and RC 70, have high 
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internal friction and that considerable heating of the specimen 
occurs under fatigue stressing. No such heating effect was ob- 
served in the case of the RC 130B and Ti 140A alloys used in this 
investigation with the exception of a few specimens which were 
broken at extremely high stress levels in very few cycles. 

Fretting Fatigue. A side effect which was not specifically ex- 
plored but which obviously will cause considerable difficulty in 
any practical use of titanium alloys is that of fretting fatigue. 
Many small fatigue cracks were started by the rubbing action of 
the collet in the testing machine and these cracks propagated at 
quite low stresses. A number of specimens failed in the grips of 
the machine at stresses which were calculated as being 15 to 20 
per cent of the stress in the test section. Cold rolling of the 
gripped surface of the specimen may reduce this difficulty but 
does not eliminate it. 


SUMMARY AND CONCLUSIONS 


The effect of various surface-finishing operations on the fatigue 
strength of RC 130B and Ti 140A titanium alloys has been in- 
vestigated. Such operations as rough machining, surface cold 
rolling, and grinding introduce different degrees and different 
depths of cold work and residual stress in the surface layers of the 
metal which strongly influence its resistance to fatigue. Indenta- 
tion hardness readings of the surface layer reflect the degree of 
cold work and to a lesser extent the residual stress present. A 


- correlation was found to exist between indentation hardness of the 


test surface and its fatigue strength. Roughness of the surface 
also influences fatigue strength but the effect does not appear to 
be as important as that of hardness. 

Within the limits of the experimental program described, the 
following conclusions appear to be justified: 

1 Machining and finishing operations produce a disturbed 
metal layer on the surface of RC 130B and Ti 140A titanium 
alloys which strongly influences fatigue strength. 

2 Indentation hardness surveys indicate that the disturbed 
metal layer may extend 12-15 thousandths of an inch below the 
surface in the case of simple machining while grinding may pro- 
duce a surface “‘softer” than the original material. 

3 As a first approximation, the relationship between fatigue 
limit, roughness, and surface hardness for the present data may 
be expressed as 


Z = yom 
where 


Z = fatigue limit, psi 
X = rms surface roughness, microinches 
Y = Knoop surface hardness (100-gram load) 


This equation may be interpreted as indicating the following: 


(a) Surface roughness does not seriously influence the fatigue 
strength of these alloys. At constant surface hardness the rela- 
tionship between fatigue limit and surface roughness is a curve 
which is concave upward. The fatigue limit falls off gradually 
and at a decreasing rate with increasing roughness. 

(6) For constant values of surface roughness the relationship 
between fatigue limit and surface hardness is approximately 
linear (as in the case of steels, for example). 

(c) A given change in surface roughness lowers the mean value 
of the fatigue limit more at high hardnesses than at low hard- 
nesses, 

4 The fatigue-strength reduction factor K, (i.e., K, is ratio of 
fatigue limit for a smooth specimen to fatigue limit for a notched 
specimen) is approximately equal to the theoretical stress-con- 
centration factor for the notch K, as determined from Neuber’s 
relation. Care must be taken, however, to compare only the 
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fatigue limits of smooth and notched specimens having similar 
surface preparation in the test section. 

5 No “heating effect,’”’ of the sort reported for alloys RC 55 
and RC 70 when subjected to fatigue stressing, was observed in the 
RC 130B or Ti 140A titanium alloys investigated. 

6 Failure by fretting fatigue appears to be a more serious 
problem in the titanium alloys than in other commercially availa- 
ble structural metals. 
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Discussion 


L. P. Tarasov.’ The authors show clearly the importance of 
the physical condition of the surface of titanium alloys with 
respect to their fatigue properties. By expressing this physical 
condition in terms of the hardness and roughness of the surface, 
they represent the fatigue limit as a simple function of these two 
variables. However, the discrepancy between the calculated and 
experimental fatigue limits, given in Table 3 of the paper, is 
large by comparison with the corresponding 95 per cent confi- 
dence ranges in an appreciable number of instances. This means 
that, although surface hardness can have a considerable effect 
upon the fatigue properties, the nature of the processing opera- 


5 Metallurgical Engineer, Research and Development Department, 
Norton Company, Worcester, Mass. Mem. ASME. 
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tion resulting in that hardness cannot be neglected. Differ- 
ences in residual stresses and in the degree of cold-working, not 
shown up by corresponding hardness changes, such as those 
mentioned by the authors, may be responsible for the discrepan- 
cies mentioned. 

The importance of the processing operation as distinct from 
the resultant surface hardness is well illustrated by the data now 
available for ground test bars. In the present work on unnotched 
bars, grinding caused a slight drop in the surface hardness of RC 
130B and the fatigue limit was correspondingly low (Series 5), 
but in the case of Ti 140A, there was apparently no change in 
surface hardness, and the fatigue limit was in line with the hard- 
ness, as shown by comparison with the electropolished specimens 
(Series 3). On the other hand, Demmler, Sinnott, and Thom- 
assen® recently found that under their grinding conditions the 
surface was hardened to a marked extent but the fatigue proper- 
ties were greatly lowered. Here an appreciable increase in sur- 
face hardness was associated with a decrease, and not an increase, 
in the fatigue limit. Ti:us, st the present state of knowledge, 
it is doubtful that surface i«riuess can be safely used to predict 
the fatigue limits of titan um alloys except in a very general 
way. In this discussion, the possible effect of surface roughness 
has been ignored since it is relatively small according to the 
authors’ data and would not affect the argument. 

Series 1 and Series 9 were prepared in much the same manner 
except that circumferential scratches were introduced into the 
latter. Do the authors have any explanation for the considerably 
softer surface of the Series 9 bars? 

A fuller description of the processing conditions would be most 
desirable in view of their obvious importance, both to other 
experimenters and to those who are concerned with the produc- 
tion of titanium parts. The feeds, speeds, and cutting fluids used 
in machining and grinding are among the factors that should be 
mentioned since they may have a profound effect fatiguewise. 
The authors have succeeded in grinding titanium without any 
adverse effects upon its fatigue properties, and the conditions 
should be stated in detail since the ones used by Demmler were 
responsible for a decided drop in fatigue properties. Granted 
that the authors say something about their grinding conditions, 
but it is not nearly enough since feeds and speeds are not men- 
tioned, and only the relatively few people who are fully conversant 
with titanium grinding will recognize that a vitrified bond wheel 
of medium grit size was used with an active grinding oil developed 
for this purpose. The writer raises no objection to the use of 
brand names in engineering literature when it is necessary to 
pin-point the process, but does not believe that this should be done 
to the exclusion of at least a general description of the products 
involved. 

More information about the surface roughness and the direc- 
tion in which it was measured also would be welcome. The 
authors point out that the contour of the surface as well as the 
depth of the roughness may influence the fatigue properties, but 
they neglect to take into account the lay, i.e., the directionality 
of the surface irregularities. The lay is stated for some of the 
processing methods while for others it has to be guessed. There 
is some reason to believe that circumferential scratches will lower 
the fatigue properties of cantilever-beam specimens more than 
will axial scratches of the same depth and contour. Thus the 
fatigue limits for the Series 1 processing, which resulted in axial 
lay, may be somewhat higher than they would have been if 
the lay had been circumferential, as it apparently was in all the 
other series with the possible exception of the electropolished 
specimens. 

*“The Fatigue Properties of Some Titanium Alloys,’”’ by A. W. 


Demmler, M. J. Sinnott, and L. Thomassen, ASTM Preprint 72, 
1955. 


The authors have found that K, was roughly the same as K, for 
the ground notches but that it was somewhat lower than K, for 
the cold-rolled ones. If it can be assumed that cold-rolling 
strengthened the notched and unnotched bars to an equal 
extent, the relatively higher values of K, found for the ground 
notched bars might be due to some difference in the grinding 
action between the notched and unnotched bars. For example, 
it is possible that the grinding scratches were deeper in the notches 
and hence had a more pronounced weakening effect. Longitudi- 
nal sections through the test bars would show if there was any 
significant difference in the scratch depth. 


AvutTHorR’s CLosuRE 


The authors wish to thank Dr. Tarasov for his detailed discus- 
sion of the present paper which emphasizes several important 
points. The authors are in agreement with Dr. Tarasov’s view 
that the fatigue limit, hardness, roughness relation presented 
should be considered as a first approximation to the problem and 
that it could be further refined by including, for example, the sur- 
face residual stress as a variable. Unfortunately, a simple, ac- 
curate, rapid, and nondestructive means of determining residual 
stress in titanium was not and, in fact, is not yet available, so that 
the treatment of this factor in the present work can be qualitative 
only. Revent experience with additional titanium alloys sug- 


gests, however, that residual stress begins to contribute sig- 
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nificantly to fatigue behavior only when the hardness is 420 Knoop 
or more. 

Relative to the grinding operation, the specimens were “‘plunge-” 
ground on a cylindrical grinder using a contoured silicon-carbide 
wheel at a speed of 5000 surface feet per minute. Very light cuts 
were made by hand feeding and an average of no more than 2 to 3 
ten thousandths of an inch per minute were removed from the 
surface. In no instance during the present experiments was the 
surface metal found to be significantly hardened by the grinding 
operation. Any such effect if present must have been confined to 
a surface layer the thickness of which was less than the depth of a 
Knoop hardness indentation (approx. '/10,000 inch. ) 

With regard to the softer surface of the Series 9 bars (Ti 140A) 
it is believed that two factors contributed to this effect; (a) the 
circumferential scratching method used removed the outermost 
layers of severely cold-worked metal left by machining and (6) 
approximately two thousandths of an inch additional metal had 
had to be removed from the “scratched” surface by electropolish- 
ing before hardness readings could be made free from interference 
with the roots of the scratches. 

The surface-roughness readings were, in all cases, taken with 
the tracer head of the profilometer traveling in a direction 
circumferential to the test section. It is believed, however, that 
the roughness readings indicated in the table are those which 
would have the greatest influence on fatigue behavior since they 
represent roughness perpendicular to the principal fatigue stresses. 


Certain Departures From Plastic 
Ideality at Small Strains 


By H. A. LEQUEAR' ann J. D. LUBAHN,? SCHENECTADY, N. Y. 


Room-temperature experiments involving strains up to 
about 1 per cent have been performed on OFHC copper. 
These experiments show thxt the results of creep tests 
and tensile tests can be relateJ, within certain limitations, 
in terms of the rate sensitivity. Rate sensitivity is the in- 
crease in stress required to cause a certain increase in 
strain rate at a given strain. The foregoing relation be- 
tween creep and tensile behaviors is a consequence of the 
concept that plastic-deformation behavior depends only on 
current conditions, and not on the prior history. This re- 
lation is restricted to isothermal conditions and mono- 
tonic loading (increasing or constant, but not decreasing, 
load). Room-temperature creep curves are essentially 
straight lines on log-log paper. Extrapolation of these 
curves indicates that there would not be much more 
creep in long-time service at room temperature than in 
a short-time laboratory test. 


INTRODUCTION 


ECAUSE of its simplicity, the concept that plastic defor- 
B mation in metals depends only on current conditions and 
not on the past history has interested the empiricist since 
it first appeared in 1909 (1).* This concept more recently has 
been called “the mechanical equation of state” (2), but for the 
sake of brevity it will be referred to here as “plastic ideality.” 
Strain rate and temperature are the most interesting of the his- 
tory variables. Regarding rate-history effects in particular, iso- 
thermal creep behavior could be calculated from tensile data if 
there were no effect of rate history; this possibility is of particular 
engineering importance. 

It has been recognized (3) that rate-history effects should be 
present when any metallurgical change, including strain aging or 
recovery, accompanies the deformation. In many creep tests 
(15), and possibly in all creep tests under conditions of engineering 
importance, metallurgical changes accompany the deformation. 
This fact does not minimize the importance of the plastic-ideality 
concept, however, because this concept may be a suitable founda- 
tion for building up a picture of the creep behavior under con- 
ditions where metallurgical changes have modified this basic plastic 
ideality. 

Although the effect of rate history is probably of greater engi- 
neering significance, the majority of investigations on history 
effects deal with temperature history (4 to 7). These investiga- 
tions show that a given strain causes more strain hardening at a 
low temperature than at a higher temperature. This fact does 
not necessarily imply, however, that there is a rate-history effect. 
Since moderate temperature changes ordinarily have much larger 
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effects on mechanical behavior than moderate rate changes, it 
seems probable that a rate-history effect corresponding to the 
observed temperature-history effect might be negligible for prac- 
tical purposes, 

Very few direct investigations (2, 8, 9) have been made on the 
effect of rate history under conditions where metallurgical 
changes are probably absent. Only Dorn’s experiments (8) on 2S 
aluminum at liquid-nitrogen temperatures are highly conclusive. 
At this temperature the disturbing influences of metallurgical 
changes are almost certain to be absent. The results of these ex- 
periments clearly indicate the existence of a rate-history effect. 

This paper is primarily concerned with the influence of rate- 
history effects on the reliability of calculations of creep behavior 
from tensile data. Therefore it is pertinent to question whether 
a rate-history effect which seems important under one set of cir- 
cumstances would also have a significant influence under other 
circumstances. An analysis (11) of Dorn’s results indicates that 
his rate-history effect, observed at constant rate following strain- 
ing at a different rate, does not affect significantly the calculation 
of creep behavior from tensile data. On the other hand, these 
calculations are open to some question because of certain assump- 
tions which, although reasonable, are not substantiated by experi- 
ment. Consequently, it is desirable to establish by direct ex- 
periment that rate-history effects such as those found by Dorn do 
not invalidate the calculation of creep behavior from tensile data. 
Direct experiment is particularly desirable because there may be 
certain rate-history effects which could invalidate such calcula- 
tions and these effects would not be apparent from experiments 
under a particular set of circumstances (such as those investigated 
by Dorn). It is known, for example, that when the load is tem- 
porarily removed in a tensile test the reloading curve is tempo- 
rarily lower than that which would have prevailed if the test had 
not been interrupted. This temporary softness on reloading 
which appears as a rounding of the corner of the stress-strain 
curve is sometimes referred to as the Bauschinger effect (10), al- 
though the term is more commonly applied to abnormally low 
strength in compression following tensile prestrain. The Bausch- 
inger effect is contrary to the concept of plastic ideality. Like- 
wise, other effects, such as metallurgical changes which are not 
sensible by ordinary tests, may interfere with the reliability of 
calculations of creep behavior from tensile data. In this paper 
the possible reasons for any departures from plastic ideality will be 
disregarded, and attention will be confined to whether there are 
any departures. 

Thus it will be the purpose of this paper to show whether or 
not the relations between creep tests and tensile tests are dis- 
turbed by rate-history effects of any kind and to indicate the na- 
ture and extent of such disturbances. OFHC copper tested at 
room temperature seems to be a suitable material, since metal- 
lurgical changes are apparently absent under these conditions. 

In examining the results, the criterion of plastic ideality will 
be the validity of the earlier equation (9) 


(d log S) 
__ (0 log 
d log €/, 
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rather than the more all-inclusive equation‘ 
S = fle, €) 


because Equation [2] is difficult to apply to situations where the 
rate sensitivity is small. A derivation of Equation [1] from a 
physical viewpoint is given in the Appendix of the earlier paper 
(9). 

It was previously found (4, 12) that creep stress and creep 
strain at a stated rate were related by the same curve as tensile 
stress and tensile strain for the same rate, within the scattering 
among specimens, but the validity of Equation [1] seemed ques- 
tionable according to earlier experiments. In this paper, atten- 
tion will therefore be confined to Equation [1], using a wider 
range of strains and rates, measuring strain more accurately, 
eliminating the scattering among specimens by using a single 
specimen for a whole series of tests, and using a more accurate 
method of measuring the rate sensitivity 


A rigorous investigation of Equation [1] would require con- 
stant-stress tests for the determination of (0 log €/d log €),. At 
small strains, constant-load tests fulfill this requirement only ap- 
proximately, and at large strains® it would not even be remotely 
correct to use constant-load tests. Consequently, an alternative 
form of Equation [1], involving extension® (6), extension rate (4), 
and'load (P) will be considered 


(0 log P) 

(2 log 5)s 
log P) 

(2 log 8)s 


This equation employs less common quantities than the quantities 
S, €, and € of Equation [1]; but it can be investigated precisely by 
means of constant-load tests, and is an equally suitable criterion 
of plastic ideality. 


(0 log 5) m 
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MATERIAL—SPECIMENS 


OFHC copper with a nongaseous impurity content of 0.004 per 
cent (exclusive of silver) determined by spectroscopic analysis 
was used. It was hot-worked to 1'/,-in. round and then cold- 
drawn to !/;-in. round without intermediate anneals (84 per cent 
reduction in area). 

The specimens were machined from the cold-drawn rod without 
prior annealing. Rod lengths of 6'/2 in. were centerless-ground to 
0.300 in. diam, hand-straightened, and provided with '/, in. of 
5/\-in. 18 threads on each end. The specimens were packed 
horizontally in alundum powder and annealed for 1 hr at 850 C. 
The resulting grains were about '/,mm diam. After the annealing 


extension 
initial gage length 


(load) (: + 
initial cross section 


extension 
initial gage length 


bbs true stress 
modulus 


5 A subsequent paper (19) will deal with strains up to 30 per cent. 

*The quantity considered throughout is the total extension, in- 
cluding the elastic extension. If the plastic part of the extension were 
used instead, the physical significance of Equation [4] and par- 
ticularly the physical meaning of n = (d log P/d log §)5 would be 
easier to visualize; but the use of the total extension requires less 
manipulation of the large mass of data. 
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treatment the specimens were found to be curved by various 
amounts; those with a radius of curvature greater than 3000 in. 
were selected for the tests and the others discarded. All possible 
precautions were taken to avoid bending the specimens while 
setting them up in the equipment and attaching the gage. 


EQuiIPpMENT 


Fig. 1 shows the equipment used in all tests. Load was applied 
to the specimen through Carboloy ball fixtures by means of a lever 
so adjusted (by methods described in reference 13) that the center 
of gravity was at the fulcrum, and that the lever ratio of 17.6 + 
0.1 did not change with angular position by more than 0.05 per 
cent (13). 

Strain was calculated from the relative motion of semicircular 
collars rigidly clamped at the ends of a 5-in. gage length. The 
motion of the split collars was transferred by rod and tube com- 
binations, Fig. 1, to two magnetic gage heads symmetrically dis- 
posed with respect to the pulling rod. Each gage head was so 
constructed, Fig. 2, that the impedances of both coils varied nearly 
linearly with the displacement of the core. The two gages were 
connected into a 5000-cycle bridge circuit with the two upper 
coils in parallel on one side of the bridge and the two lower coils in 
parallel on the other side. The output of the bridge was amplified 
and used to drive a three-speed photoelectric recorder. Full-scale 
deflection across the 4-in-wide strip of chart paper could be made 
to correspond to nominal gage displacements of 0.00025, 0.0005, 
0.001, 0.0025, 0.005, 0.01, or 0.025 in. (strain ranges of 0.005 per 
cent for full scale to 0.5 per cent for full scale, respectively, for 
the 5-in. gage length used). The chart paper was divided into 50 
divisions and the extension could easily be read to 1/, division 
(*/4 microinch per in. of strain on the most sensitive scale). The 
photoelectric recorder had a minimum full-scale deflection time 
of 0.2 sec in the strain direction and a selection from chart speeds 
of 1440, 120, 6, and 0.5 iph. The strain-measuring and recording 
equipment was supplied by the General Engineering Laboratory of 
the General Electric Company (14). 

Calibrations of the strain gages both against dial gages and 
against the elastic extension of a hardened-steel specimen were 
found to agree. Details of the calibration are given in the Ap- 
pendix, where room-temperature effects upon the gaging system 
are also discussed. 


Test ProcepuRE 


In order to avoid earlier difficulties (9) arising from differences 
among specimens, all derivatives in Equation [4] were measured 
on the same specimen. This was done by alternately making 
creep tests from which p can be determined, and transient tests 
from which n can be determined, and plotting both p and n asa 
function of extension. Both types of tests give points on a load- 
extension curve for a stated rate (the “standard rate’’) from 
which m can be determined as a function of extension. Since p, 
m, and n all are determinable as functions of extension, a set of 
values of the three derivatives can be picked off at any desired 
extension, for purposes of examining the validity of Equation [4]. 

The results were finally expressed as —pn/m versus extension- 
departures from unity indicating deviations from plastic ideality. 
Strictly speaking, p, n, and m should all be measured at the same 
strain rate, as well as at the same strain. It will be shown, how- 
ever, that neither p, n, nor m varies significantly with strain rate 
in the range covered by a single test. 

At the beginning of each test the load was appued in small 
steps, each load being maintained for a time to ascertain whether 
creep was occurring. This process was continued until the 
amount of creep strain at constant load was large enough to de- 
termine how the creep rate varied with strain. At the end of any 
given constant-load period, the load was increased sufficiently 
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to bring the creep rate to a high value again, so that in the subse- 
quent constant-load test there would be as wide a range of rates 
as possible. 

Figs. 3 and 4 illustrate schematically the general nature of the 
experiments. A creep test is merely a constant-load test plotted 
as log-extension rate versus log extension for purposes of measur- 
ingtheslope p. Ina transient test the load is generally constant, 
except for one or more small sudden load changes made for the 
purpose of observing the associated rate change. The value of n 
can be determined from the observed rate change and the 
corresponding load change. 

In making a creep test the weight was added to the weight pan 
manually in 1 to 2sec. This procedure was found to be almost as 
rapid and just as accurate as hydraulic-jack loading, and con- 
siderably simpler (see Appendix), 

Because of the nature of the experiments, considerable care was 
necessary to tailor the testing technique to the limitations of the 
equipment, The Appendix discusses the details of the testing 
technique. 

Although the creep and transient tests described are all that 
were needed to measure the derivatives in Equation [4], inter- 
rupted creep tests were also performed to ascertain the presence 
or absence of effects due to metallurgical changes (15). 
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ReEsvu.ts or TEsts 


In all but one test, the first few load increments did not cause 
any creep (time-dependent strain), and the instantaneous strain 
was proportional to the load and instantaneously recoverable 
upon removal of the load (elastic strain). Above a certain load 
that corresponds to a stress of about 400 psi, a small amount of 
creep occurred, but the creep rate diminished to an unmeasurably 
small value within a very small range of strain, Fig. 5. The strain 
remaining after unloading did not diminish measurably with time 
(plastic strain), At larger and larger loads, the amount of creep 
appearing within a given, readily measurable range of rates con- 
tinuously increased, as observed previously (9). 

The gradual departure from elastic behavior is expressed 
graphically by the typical stress-strain curve of Fig. 6, where the 
plotted strain is that reached in about 5 min after adding the 
load increment. Apparently the elastic limit is approximately 400 
psi, although the strains involved are so small as to make deter- 
mination of elastic limit uncertain. The degree of certainty of the 
measurements can be estimated from the slope of the elastic line 
drawn in Fig. 6. This slope corresponds to a modulus of 17 X 10° 
psi, which compares favorably with a value of 18.0 x 10 + 0.2 
X 10° psi measured on the same grade of copper with a finer grain 
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size, where the higher elastic limit permits more accurate de- 
termination of the modulus, Fig. 7. 

There was one startling exception (test No. 685) to the general 
rule of gradual departure from elastic behavior just described. 
When the first load of 125 psi was applied, there was slow creep 
which diminished in rate only gradually. The creep continued 
for a time sufficient to result in considerable plastic strain, and 
then ceased rather abruptly, Fig. 8. Increasing the stress in very 
small steps up to twice the initial load failed to produce anything 
but elastic strain. Consequently, the specimen was unloaded 
and reloaded in somewhat larger steps until creep was again ob- 
served. It did not recur until a stress of 750 psi had been reached, 
none having been observed at the previous stress of 500 psi. Even 
at 750 psi the amount of creep was exceedingly small and ap- 
peared at a rapidly diminishing rate, just as the first creep to ap- 
pear in any of the several other similar tests. The marked dif- 
ference in creep behavior between that observed at 125 psi and 
that observed in another test (dashed line) at about the same 
plastic strain is shown in Fig. 8. At still higher loads, the be- 
havior in the exceptional test No. 685 was similar to that of all the 
other tests. The pronounced and comparatively linear creep at 
very small stress does not have any obvious explanation. It may 
be akin to what Chalmers has called “microcreep” (16), The 
anomalous test was identical to the others except that the speci- 
men was initially more nearly straight than the others and the 
setup procedure went a little more smoothly, that is, with less 
probability of having jarred or bent the specimen slightly. 

Fig. 9 is a typical chart record showing a creep test followed by 
a transient test. The record was made on the photoelectric re- 
corder, using a rather sensitive strain scale. The slopes were 
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measured at various representative points on these charts and 
converted to extension rates by means of the slopes of the calibra- 
tion curves (Fig. 27). The corresponding extensions were ob- 
tained from the chart readings and the calibration curves. 

Fig. 10 shows the whole experiment indicated schematically in 
Fig. 4. Both creep-test data and transient-test data are shown, 
expressed as log-extension rate versus extension. Fig. 11 shows 
some typical examples of creep-test results. All of the creep 
curves are nearly straight lines when expressed as log-extension 
rate versus extension. They would appear equally straight as 
log-extensiun rate versus log extension, because of the small range 
of extensions involved, and thus also straight as log-extension 
versus log time (9), as illustrated in Fig. 12. Of 37 creep tests, 21 
were straight to a precision commensurate with the scattering 
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about the trend line, as shown in Fig. 11, curves 40, 67, and 3. 
Curve 40 shows scattering that is typical, curve 67 showing the 
minimum, and curve 3 the maximum. Most of the curves 
covered about three log cycles of extension rate; some covered as 
many as 3.5 cycles and one covered as little as 2. Seven of the 37 
tests showed straight curves of log-extension rate versus extension 
except for a slight tail of which the one on curve 18 is typical. 
Eight of the creep curves were slightly concave downward (see 
curve 76 in Fig. 11), though by so little that they could be faired 
almost equally well with a straight line; and one curve was 
slightly concave upward (see curve 4 in Fig. 11). 

The fact that curves of the type in Fig. 11 are straight over 
several log cycles suggests that one might assume that they are 
also straight over several additional log cycles. Such an assump- 
tion provides a basis for extrapolation to quite long times; 
considering a range of test data from 0.001 hr (3.6 sec) to 10 hr, 
and an extrapolation to 100,000 hr, the log-extension (or log- 
strain) increments would be equal for the test duration and for 
the extrapolation. Since these log-strain increments are small, 
the increments of strain for the test duration and for the extra- 
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polation are also nearly equal, as shown in Table 1 for two creep 
stresses at the extremes of the range of stresses investigated. 
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These extrapolated results show that even in 100,000 hr there 
would not be much more strain than in the first 10 hr, 30 per cent 
more at the very small strain of 0.1 mil per in., and only 3 per 
cent more at a larger strain of about 15 mils per in. It will be 
shown later that the additional strain in a long time over the 
initial strain obtained in a short time depends on the value 


p = (2 log 8/2 log 5)p 


For the purpose of computing 
log 
d log 6 

the slope (2 logio 5/25)» of each creep curve in Fig. 11 was meas- 
ured at its mid-point. Fig. 13 shows how p varies from one creep 
test to another at successively larger strains. There is an increase 
of about 4:1 in p as the strain increases by a factor of 30. Earlier 
results on 61ST (9) indicated that p is independent of strain, but 
the large scattering leaves the earlier conclusion open to question. 

When the rate of change of log-extension rate with extension 
(rather than with log extension) is plotted against extension, as 
shown in Fig. 14, the trend noted earlier (9) is observed. When 
the strain is large, a larger strain increment appears during a 
given rate decrement than when the strain is small. In other 
words, the creep curve, when expressed as strain versus time, 
levels off less abruptly when the strain is large than when it is 
small, as shown in Fig. 15. 

Fig. 16 shows some transient test results. Of 37 tests, 20 were 
of the type illustrated by curve 7 in Fig. 16, four were like curve 


-4 


105 


56, six were like curves 64 and 68, and seven had other load 
sequences. Roughly speaking, the different creep-curve segments 
were parallel to each other for any one transient test and the off- 
sets between adjacent segments were equal for equal load changes. 
Sometimes the slopes of the creep-curve segments were identical, 
as in curve 56 in Fig. 16, while in other cases there seemed to be a 
slight, though definite, tendency for the slope to diminish with 
successive load increments (see curve 68) and to be larger on the 
average, following a load decrement, than a load increment (see 
curve 64). These departures from parallelism were so small as to 
be almost within the limits of scattering (+15 per cent on the 


average). The rate sensitivity was determined from the load 
change and the offset in the log 5 versus 6 curve by 
AlogP 2.303 P 
t= 
A log 6 A logi 4 


using a large-scale graph to determine the offset (A log 5). Fig. 17 
illustrates the operation. The results are summarized by the 
circles in Fig. 18. Most of the points in Fig. 18 are averages of 
several rate-sensitivity determinations. Typical scattering of the 
values used in any one average was about +10 per cent. Fig. 18 
shows that n is nearly independent of strain for small strains and 
has about the same value as that (0.003) observed previously (9). 
There is a definite, although small, difference in the rate sensitiv- 
ity depending on whether the observed rate Pie was due to a 
load increment or a load decrement. is 

At the end of each creep or transient test the’ load’ "was increased 
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by an amount considerably larger than in a transient test (see Fig. 
17, for example) in order to bring the creep rate to an initially high 
value for the next test. When this was done, some plastic strain 
usually oceurred during loading, but in many cases the ratio of 
this strain to the subsequent creep strain was sufficiently small 
(0.1 to 1.0) that a reasonable extrapolation to the instant of load 
change could be made. Fig. 19 shows a typical example of such 
an extrapolation, and Fig. 10 indicated which tests might be ex- 
trapolated reasonably in this way. Using information like that 
in Fig. 19, additional values of rate sensitivity can be obtained. 
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These are shown as triangles in Fig. 18 and correspond to rate 
changes of 1000:1 to 1,000,000:1 as compared with 5:1 to 20:1 
for tests like those shown in Fig. 16. The triangles and circles 
define the same trend line at the larger strains; and although 
there is a slight tendency for the triangles to be above the circles 
at small strains, this tendency probably should be disregarded be- 
cause the scattering is also larger at small strains. Apparently 
the rate-sensitivity value does not depend on the magnitude of the 
rate change. 
As discussed under Test Procedure, the values of m used in 
Equation [4] were obtained from a load-extension eurve at 
a standard rate. Fig. 10 shows the standard rate and the 
points available for plotting a load-extension curve at this 
rate. Fig. 20 shows the load-extension data in log-log co- 
ordinates from which the slopes 
m = (0 log P/d log 5)§ 
can be obtained. Accuracy of slope measurement at the 
right-hand end of the curve requires an enlarged scale (in- 
sert of Fig. 20). In Fig. 21 are shown the slopes from Fig. 
20, as well as values calculated from the slopes of the load- 
extension curve using the relation 
( oP 
06 


dlogi Js P 


The points obtained by both methods were given equal 
weight in fairing the curve of Fig. 21. 

Using the values of m and n from the trend curves in 
Figs. 18 and 21, a value of —pn/m was calculated from 
each value of p obtained from Equation [5]. The results, 
Fig. 22, show that —pn/m varies with strain from about 
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0.9 to 1.0 if the n-value associated with a load increment is used, 
but —pn/m is about 1.4 if the n-value associated with a load 
decrement is used. These departures of —pn/m from unity 
are much smaller than those observed previously (9). Fig. 23 
shows a similar result from another (earlier) test. The scatter- 
ing is larger in Fig. 23 than in Fig. 22, because the experimental 
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equipment and technique had not yet been perfected in the 
earlier test, but the results tend to confirm the conclusion drawn 
from Fig. 22. The departure of —pn/m from unity is a measure 
of the validity of the ideal plastic relationship of Equation [4], 
which states that —pn/m should equal unity. Fig. 22 shows 
that when n-values associated with a load increment are used, the 

departure of —pn/m from unity is but little greater than 


the scattering, which, in turn, is not very large, consider- 
1.52} ing that p, n, and m are all slope values. Thus one may 
z conclude that Equation [4] is very nearly valid for the 
e conditions of the open circles in Fig. 22. The implica- 
be FO es tion of this conclusion is that any possible rate-history 
a z 2 effects in certified OFHC copper at room temperature 
; a ¥ 2 aa are too small to affect significantly the relationship be- 
mi Fe tween creep, tension, and transient tests. 
z 2 In order to translate the foregoing departures of 
—pn/m from unity into terms that make the validity 
pe 78 1.02 1.86 190 1.94 or lack of validity of Equation [4] easier to visualize, 
2 EXTENSION IN MILS several of the measured creep curves were compared 
‘ 12 with creep curves calculated from Equation [4], using 
5 the measured load-extension curve and the measured 
% rate sensitivity, as follows: The values of n and m were 
ae read from the trend curves in Figs. 18 and 21 at the aver- 
g age extension for the measured creep curve. These were 
se substituted into Equation [4] to obtain a calculated value 
os of p. The slope (a) of the log-extension log-time curve 
of 1 i 4 4 L 1 was then calculated from the relation 
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a point corresponding to the center (with respect to extension) 
of the measured creep curve. This line was the desired log-ex- 
tension log-time curve, from which the creep curve was obtained 
by taking antilogs. 

Of course, when the experimental value of p yields a value of 
unity for —pn/m, the curve calculated as in the foregoing fits the 
experimental points as well as a faired curve. When the ex- 
perimental value of p yields a value different from unity for 
—pn/m, then the calculated curve fails to fit the experimental 
points by an amount that increases with the departure of —pn/m 
from unity. Fig. 24 shows the amount of disagreement for an ex- 
perimental point where —pn/m = 0.8, which is more or less 
typical of the situation at small strains (see Fig. 22). Fig. 25 
shows the amount of disagreement that would result if one 
made the calculations using the n-value corresponding to a load 
decrement, that is, for —pn/m = 1.4. 

Fig. 26 shows the results of three interrupted creep tests de- 
signed to reveal the presence or absence of strain aging. The 
figure shows that the creep rate was temporarily very high after 
reapplying the load, but gradually approached a value that was 
equal to, or lower than, the rate that would have prevailed at the 
same strain if the specimen had not been temporarily unloaded. 
This effect has been shown (17) to be directly related to the round- 
ing of the corner of the stress-strain curve after unloading and re- 
loading. This rounding effect has sometimes been included as a 
part of the Bauschinger effect. 

After the dying out of the Bauschinger effect in the curves of 
Fig. 26, that is, after the rate-strain curve for reloading has be- 
come approximately parallel to that prior to unloading, two of 
the three rate-strain curves appear to be lower than they would 
have been if the creep tests had not been interrupted. In other 
words, because of the interruption, the creep rate is lower for a 
given strain than it would have been if the load had not been tem- 
porarily removed. This suggests that strengthening or “strain 
aging” took place during the no-load period, although the effect 
is hardly greater than the errors of measuring it. In terms of 
stress the effect is exceedingly small; the average log-rate dif- 
ference in Fig. 26 is 0.37, which corresponds to a stress difference 
of 0.2 per cent if one uses a rate-sensitivity value from Fig. 18 of 
0.0025. The strain-aging effect in Fig. 26 is analogous to that ob- 


servable in tensile tests as an upward displacement of the flow 
curve for reloading (after heating or waiting at no load) relative 
to the flow curve prior to unloading (18). Thus the effect in Fig. 
26 corresponds to an 0.2 per cent displacement of the flow curve in 
a tensile test, which displacement is too small to detect experi- 
mentally. 


Discussion or RESULTS 


Four different kinds of departures from plastic ideality can now 
be enumerated, that is, four departures from the idealized concept 
that plastic-deformation behavior depends only on strain and the 
current conditions: 


(a) The Bauschinger effect (Fig. 26). According to the ideal- 
ized concept, the strain rate immediately after reloading should 
be the same as if the specimen had not been unloaded. 

(b) The change in rate due to a change in load depends on the 
sign of the load change (Fig. 18). 

(c) Strain aging. The idealized concept cannot be valid if any 
metallurgical change accompanies the deformation. 

(d) Dorn (8) finds that the stress at a particular strain and rate 
depends on the rate at which the prior strain was introduced. 


It is necessary to assess the relative importance of these four 
factors in terms of the errors they would introduce into calcula- 
tions of creep curves from tensile data and from the rate sensi- 
tivity. 

Fig. 26 shows that the creep curve immediately following un- 
loading is not even remotely similar to that which would be cal- 
culated from Equation [4], namely, to the extension of the creep 
curve prior to unloading. Following unloading, the actual 
creep rate is much higher and is diminishing much more rapidly 
with strain than if the specimen had not been unloaded. Fig. 16 
shows that the creep rate also diminishes slightly more rapidly 
with strain following a smal! load decrement than following a load 
increment, and this effect may be akin to the Bauschinger effect. 
Thus the Bauschinger effect constitutes a serious departure from 
ideal plastic behavior. Because of the Bauschinger effect, it 
seems necessary to impose the limitation of monotonic loading 
upon the concept of plastic ideality, if the concept is to have any 
practical applicability. 
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Fig. 18 shows that the difference between the values of n ob- 
tained using a load increment and using a load decrement is 
significant; that is, it is larger than the scattering of the measure- 
ments. Fig. 25 shows the effect of the difference on the calcu- 
lated creep curve. This discrepancy loses ite importance, how- 
ever, if the concept of ideal plastic behavior is limited to mono- 
tonic loading, because only load increments would then be 
considered in determining rate sensitivity. 

If rate-sensitivity values from load-decrement tests are ex- 


cluded, Fig. 22 shows that —pn/m varies from about 0.9 to about 
1.0. This extent of departure of —pn/m from unity is hardly 
greater than the scattering of «he measurements. Fig. 24 shows 
the effect on the creep curve of approximately this amount of de- 
parture of —pn/m from unity. 

It does not seem likely that either factor (c) or (d) would account 
for the small departure of —pn/m from unity in the lower curve 
of Fig. 22, because neither of these factors would be expected to 
exert its influence at small strains only. Furthermore, it can be 
shown that the effects of factors (c) and (d) are very small. 

An analysis (11) of Dorn’s results (8) shows that, neglecting 
Dorn’s rate-history effect, the calculated value of p is only 2 per 
cent different from that obtained by taking the effect into account; 
and this 2 per cent difference is much smaller than the scattering 
in Fig. 22. 

If one assumes that the curve after strain-aging (see Fig. 26) is 
parallel to that which would prevail in the absence of strain 
aging, then the small strain-aging effect shown in Fig. 26 does 
not correspond to a change in shape of the creep curve. It cor- 
responds to a displacement of the creep curve with respect to 
strain which in turn corresponds to a difference in the stress value 
to be associated with a given creep curve. As discussed earlier, 
this stress difference is 0.2 per cent, which is within the usual 
scattering among specimens. 

Thus any departure of —pn/m from unity in the lower curve 
of Fig. 24 cannot be explained by any of the four factors listed 
in the foregoing. 
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Appendix 


Deraits or Testing TECHNIQUE 

Calibration of Strain Gages. The more sensitive strain scales 
(up to 0.01-in. full-scale displacement) were calibrated by at- 
taching the gaging arrangement, including both magnetic gage 
heads, to a tensile specimen of tempered martensite 0.300 in. 
diam over a 5 in. length and having an elastic limit of 120,000 psi. 
The chart readings were plotted against the extension calculated 
from the gage length, lever ratio, weight-pan load, and a modulus 
of elasticity of 30 X 10° psi, Fig. 27. 

The less-sensitive strain scales were calibrated by means of a 
ten-thousandths dial gage. One magnetic gage head at a time was 
mounted in a special calibrating stand having a fine-thread screw 
to position the core of the gage head from below. The dial gage 
was mounted on the same stand in such a position that its pin 
abutted the core of the gage head from above. The calibrating 
curves for the two gage heads were nearly the same, and their 
average was taken as the final calibration for the test. Fig. 27 
shows examples of calibration curves by both methods. The 
figure shows that the agreement was good. 
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Room-Temperature Effects on Gaging System. The gaging sys- 
tem was found to be sensitive to room-temperature changes. One- 
degree temperature increase produced an apparent contraction of 
about 75 microinches. Apparently other long-time effects also en- 
tered in (20), however, because the correlation of temperature 
change with recorder deflection was not highly reproducible. 
Because of this fact, and also because room temperature varied 
but little during the short (1-hr average) testing times used, 
the results were not corrected for room-temperature changes. 
Because of this room-temperature effect, in the few tests of 
considerable duration, the measurements at the longest time 
were given less weight. 

Method of Applying the Load Increments. In preliminary tests, 
it was found that sometimes the load could be applied by a hy- 
draulic jack in as little as '/, sec without momentary overloading 
if the weight on the piston and the opening of the by-pass valve 
were carefully tailored to the weight-pan load. However, over- 
loading sometimes occurred even with loading times of almost a 
second (20), and any gain in suddenness over manual loading was 
not considered sufficient to justify the additional precautions. 
Careful manual loading in 1 or 2 sec did not cause momentary 
overloading. 

The pen was not set down on the recording paper until the 
operator signaled that his hand was free of the weight being 
added. This practice probably caused a small lag between the 
beginning of constant-load conditions and the beginning of the 
recorded creep curve, but at least it insured the presence of con- 
stant-load conditions from the very start of the creep record. 
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On the Applicability of Notch Tensile 
Test Data to Strength Criteria 


in Engineering Design 


BY J. D. LUBAHN,' SCHENECTADY, N. Y. 


This paper gives a brief review of the information which 
currently can be obtained from notched tensile tests, 
followed by a discussion of the fact that the applicability 
of this information to manufacturing problems is so 
limited as to be almost useless for many engineering pur- 
poses. Finally, there is a consideration of what kind of 
information is necessary for rational design, and how 
such information might be obtained. 


DEFINITIONS 


HE following definitions are used in the paper: 
| Ductility. The local state of strain at the location and at 
the moment when a crack begins. Quantitatively, the lo- 
cal value of the largest principal strain. (Sometimes the re- 
duction of the minimum cross section after separation of the 
specimen, and hence a measure of the average strain. This us- 
age employs the term “reduction of area.’’) 

Tensile strength. In an unnotched tensile specimen, the maxi- 
mum load divided by the initial cross section; hence the average 
conventional stress at maximum load. 

The 


Uniazial tension. Tension stress in only one direction. 
other two principal stresses are zero. 

Biaxiality. Two principal stresses are tensions and the third 
is zero. Quantitatively, the ratio of the smaller to the larger 
tension. 


Triaziality. All three principal stresses are tensile stresses. 
The quantitative measure which seems most pertinent to fracture 
is the ratio of the smallest to the largest tension. 

b/h (breadth-to-height ratio). In unnotched bend specimens, 
the ratio of the transverse dimension to the radial dimension. 

Notch section. The minimum cross section of a notched tensile 
test specimen. 

Notch depth. Per cent cross section removed by the notch in 
machining the specimen. 

Notch sharpness. Half the diameter of the notch section, di- 
vided by the root radius of the notch contour. 

Notch strength. In a notched tensile specimen, the maximum 
load divided by the initial notch section; hence the average con- 
ventional stress at maximum load. 

Notch-strength ratio. Notch strength divided by tensile 
strength. 

Notch ductile behavior. A behavior observed in the more duc- 
tile metals, where the notch strength is greater than the tensile 
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strength by a percentage that is approximately equal to the 
notch depth. Thus notch-strength ratio approximately equals 
unity plus the fraction of the cross section removed by the notch. 


Notch brittle. A behavior characterized by a notch-strength 
ratio visibly lower than that characterizing notch ductile behav- 
ior. 


INTRODUCTION 


In notch tensile tests, as in any test to fracture, the results of 
the test are governed by two phenomena; i.e., the initiation of a 
crack, and separation of the specimen resulting from the propaga- 
tion of that crack. The first of these phenomena is much better 
understood than the second; and most of the features of notch 
tensile testing which make the results intelligible are connected 
with the “ductility,’”’ or the local strain at crack initiation. The 
nature of the crack propagation, on the other hand, is almost com- 
pletely obscure; and consequently, although crack propagation is 
exceedingly important in many applications, such as the failure 
of welded ships, this aspect of fracturing will not be treated in the 
following. 

There has been very little change in the state of knowledge of 
notch tensile behavior since last reviewed (1),? regarding either 
new experimental results or general concepts. It will not be the 
purpose of the present paper to summarize again the scientific 
status of the subject, and consequently only those few new ex- 
perimental facts subsequent to the earlier survey will be discussed. 
However, an effort will be made to review the state of affairs of 
notch tensile testing from an engineering viewpoint, inquiring 
in particular as to what degree of applicability the current scien- 
tific knowledge has to engineering problems. The unanswered 
question of how to design a part in such a way as to avoid fractur- 
ing in service is one of the most important engineering problems 
of today. 


Recent DEVELOPMENTs IN Notcu TENSILE TESTING 


The principal scientific advance in the field of notch tensile 
testing since 1947 is due to the work of Fried and Sachs (2) on the 
local strains at the root of the notch and the strain distribution 
over the notch section (the minimum section perpendicular to the 
axis). This work of itself does not have direct engineering use- 
fulness, but together with other information, as yet not ob- 
tained, it should result in a considerable advance in the field of 
notch tensile behavior. How these data fit into the general 
scheme of things will be discussed later. 

Most of the recent notch investigations have dealt with behav- 
ior at elevated temperature (3), where the results are similar to 
those at room temperature in many respects. The tests of Davis 
and Manjoine (4) show that the notch-strength ratio (for a given 
rupt (re time, in this case) varies with notch radius in the same 
way as observed previously for room-temperature behavior (6); 
namely, that for sufficiently ductile metals the notch-strength ra- 


2 Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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tic increases from unity at infinite radius (unnotched specimen), 
and levels off for sufficiently sharp notches at a value that depends 
on the notch depth 


Notch strength ratio = 1 + notch depth/100 


while notch-brittle metals exhibit low notch-strength-ratio values 
for sharp notches. 

In the tests of Davis and Manjoine, it appeared that the notch- 
strength ratio was the same function of the notch depth for any 
time to rupture. However, these data did not cover a very wide 
range of rupture times. Tests by Brown et al. (5), covering a 
much wider range of rupture times, for a particular notch depth, 
show that the notch-strength ratio may pass through a minimum 
with increasing rupture times. The lower the testing tempera- 
ture, the more pronounced is the minimum and the longer is the 
rupture time at which it occurs. These tests thus serve to show 
the importance of the new variable—time. 


CurRRENT ApPLicaBILiITy OF Norcu-Test Resuits 10 ENGINEER- 
ING PROBLEMS 


The principal current value of notch tensile testing for engi- 
neering purposes arises from the ability of these tests to distin- 
guish between “notch ductile’ and “notch brittle’ behavior in 
notched members carrying tensile load. The earlier work at room 
temperature (7) showed that the notch strength of heat-treated 
low-alloy steels is very high and a constant percentage (conform- 
ing to Equation [1]) higher than the tensile strength, providing 
that the hardness is less than a certain boundary value, Fig. 1. 
This behavior is called notch ductile behavior. It occurs when 
the ductility under conditions of notching is large enough to per- 
mit a smoothing out of the initial elastic stress concentration, and 
thus cause a rather uniform stress distribution. As the hardness 
increases above this boundary vaiue, the notch strength falls off 
rather abruptly to the tensile strength and thence to still lower 
values, which scatter widely. This behavior is called notch 
brittle behavior. In the example of Fig. 1 the boundary line be- 
tween notch ductile and notch brittle behavior is perhaps 36 Rock- 
well C for the 30 per cent notch and perhaps 34 Rockwell C for the 
65 percent notch. Presumably for a still deeper notch the bound- 
ary hardness would be somewhat lower still. Thus the metal is 
notch ductile below about 35 Rockwell C and notch brittle at 
higher hardness. One could design the material to fit the appli- 
cation by selecting the greatest hardness within the notch-ductile 
region as being the most suitable hardness for an application in- 
volving notches. Unfortunately, the converse problem is much 
more difficult—that of designing a suitable geometry for a given 
material which is somewhat notch brittle. This problem will be 
discussed in more detail later. 

The foregoing design procedure based on distinguishing be- 
tween notch brittle and notch ductile materials is beginning to 
come into use in high-temperature applications. However, for 
some reason that is not readily apparent, it has become custom- 
ary in many cases to take the condition where the notch-strength 
ratio is unity as being the boundary line between notch brittle 
and notch ductile behavior (3). According to the concept im- 
plied in Fig. 1, the use of this condition is much less safe than the 
criterion discussed in connection with Fig, 1. The curve of 
notch-strength ratio versus hardness is quite steep where 
the notch-strength ratio is unity, and consequently any unforeseen 
circumstances that would tend to shift the notch-strength curve 
to the right (increase the tendency toward notch brittleness) 
would cause a considerable loss of the notch-strength ratio. On 
the other hand, the notch-strength ratio versus hardness curve is 
not steep where the notch-strength ratio is very high. Conse- 
quently, a small change in the tendency toward notch brittleness 
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would not cause any appreciable change in the notch-strength 
ratio near this point. ‘ = 
This design procedure represents a definite, though small, 
improvement over older procedures. Prior to about 15 years 
ago, notched parts were usually designed exclusively on the basis 
of classical elasticity. This procedure is suitable for completely 
brittle materials for which the fracture stress is known.“ The 
same method has been widely used also for metals withfsome 
ductility, using the yield strength instead of the fracture strength 
as the basis for limiting the stress. Such a procedure restricts 
the plastic flow to the small value of offset strain used in deter- 
mining yield strength (usually 0.2 per cent). Where stress con- 
centrations are present, even this small plastic strain is present 
only in the local regions of greatest shear stress, while the rest of 
the metal volume often is stressed far below its yield strength. 
When the ductility is negligible, designing by elastic theory is 
very nearly correct. When there is a small amount of notch 
ductility, so that some redistribution of the stress is permitted by 
this small plastic flow, designing by elastic theory is somewhat 
overconservative, depending upon the increase in average stress 
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permitted by the plastic deformation. When the metal is com- 
pletely notch ductile, designing by elastic theory is very over- 
conservative; the working stress so obtained would be smaller 
than a suitable value by a factor which is equal to the stress- 
concentration factor. 

Thus we see that for notch ductile metals, designing so that the 
average stress equals the yield strength remedies the most flagrant 
overconservatism caused by designing against any plastic flow, 
even locally. However, a design procedure is still lacking for 
metals that have a little ductility, but not enough to cause notch 
ductile behavior. The problem of developing a design proce- 
dure for these materials will be discussed in the next section. 

The importance of designing for reasonable amounts of local 
plastic flow, rather than for elastic behavior only, arises primarily 
from the use of metals over long periods of time at elevated tem- 
peratures, where creep occurs. Under these conditions the stress 
to avoid any plastic flow is so small (12) that the load-carrying 
capacity would be impractically low. Furthermore, it is per- 
missible, for many high-temperature applications, to allow some 
plastic flow, particularly when it is so localized that the over-all 
deflections are small, 


REQUIREMENTs OF A SurraBLE DesIGN ProcepuRE 
Example: Elastic Design. A suitable design procedure to 
avoid fracturing must somehow relate the conditions of the engi- 
neering application to the results of simple tests on the metal 
being considered for the application. It is imperative that the 


pertinent engineering conditions be determinable by calculation 
or measurement, and that the laboratory test be so devised that 
the test results can be correlated with performance under these 
service conditions. : 

Consider an elastic structure, as an example, for which a suita- 


ble design procedure has long been in wide use. Theory-of- 
elasticity calculations (8) or photoelasticity (9) measurements 
permit the determination of the stress and strain distributions in 
the structure. For these operations, the necessary material con- 
stants (modulus of elasticity and Poisson’s ratio) can be deter- 
mined from a simple tensile test. In this case the stress-limiting 
aspect of metal behavior which must be determined by test is the 
stress state for initiation of plastic flow. This metal character- 
istic is completely described by the yield strength, as determined 
by a simple tensile test, and the shear-stress law (10) or the energy 
of-distortion condition of plastic flow (11). 

Now let us consider how far present knowledge will permit the 
development of an analogous design procedure against fracturing 
of notch brittlé metals, and what features of such a procedure are 
still lacking. 


ImportTANCE OF Stress CALCULATIONS TO 
ENGINEERING DeEsIGN 


A basic feature of the current design procedure against plastic 
flow is the use of elastic theory or photoelasticity to determine 
stress distribution. An equally basic feature of any design pro- 
cedure against fracturing would be the use of classical plasticity 
to determine stress distribution in the plastic range. In principle 
at least, the stress and strain distributions in the plastic range 
can be calculated as well as those in the elastic range, using a 
combination of the theory of elasticity and classical plasticity 
(10, 11). Actually, however, this procedure is less than satis- 
factory in three respects: 

(a) In nearly all the plasticity solutions in the literature, the 
elastic strains are neglected compared to the plastic strains; 
whereas in most engineering applications, the important problem 
is that in which the plastic strains are comparable with the elastic 
strains. When the plastic strains are quite small, the problem is 
much more difficult mathematically. Furthermore, experiments 
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are not available to demonstrate the validity of the principles 
that one would presume in such a problem; namely, that Hooke’s 
law applies to the elastic part of the strain, classical plasticity 
to the plastic part, and the compatibility condition (8) to the 
simple sum of the elastic and plastic parts. 

(b) An uncertainty in applying classical plasticity to manu- 
factured parts arises when the temperature is high enough to 
allow creep. There is very little experimental evidence to show 
that the so-called “laws of plasticity’ apply tocreep. In particu- 
lar, when most of the creep is anelastic (12), the influence of 
stress state might be entirely different than for plastic strain. 

(c) Classical plasticity is still on a very shaky experimental 
foundation if the principal stress ratios vary during the defor- 
mation, and especially if partial unloading occurs. 


ImporTANce LABORATORY Test RESULTS IN 
ENGINEERING DEsIGN 


In designing against plastic flow, the test results which are nec- 
essary are the yield strength, the modulus of elasticity, and Pois- 
son’s ratio. The metal characteristic or characteristics which 
must be measured in laboratory tests in order to design against 
fracturing are not known. Many types of tests are currently 
made for this purpose, ranging from the simple tensile test to 
various simulated service tests. The simpler, “standard’’ 
laboratory tests, such as the tensile test and Charpy impact 
test, often do not contain the factor which governs failure under 
service conditions; and even when they do, the quantity which is 
pertinent to the fracturing is sometimes not measured. For 
example, the Charpy impact test imposes conditions of notching 
which may be similar to those in many engineering applications, 
but it is not customary to measure maximum bending load, bend 
angle at crack initiation, or other quantities which may be the 
governing features of the engineering applications, rather than 
total energy absorbed. In simulated service tests, the pertinent 
factors are more likely to be present, but the complexity of such 
tests often makes them too expensive to be feasible. 


or Deve opine A DesiGN ProcepurE 
Aaatnst FRAcTURING 


The inability just described, to relate laboratory test results to 
engineering performance, is the most important stumbling block 
in developing a rational design procedure against fracturing in 
notch brittle materials. Currently, we do not even understand 
the relationships between various simple tests commonly per- 
formed in the laboratory; certainly, until we do, there is little 
hope of seeing the relationship between one or more simple labora- 
tory tests and the performance of the metal under the complex 
conditions that prevail in most engineering applications. Ob- 
viously, the first step in developing a suitabie design procedure 
must consist of a detailed investigation of the metal character- 
istics under a wide variety of laboratory test conditions. Gradu- 
ally the relationship between different kinds of tests will be under- 
stood well enough to permit the prediction of one test result from 
the results of another kind of test. When this type of relation- 
ship has been established among tests that represent a sufficiently 
large number of factors governing fracture, it will then be pos- 
sible to predict engineering performance, which may be viewed 
merely as a more complex test. 


CurreENT Status oF Norcuep TENsILe TEsTING AS 
Rewatep To Orser Types or Tests 


So far, little effort has been made to relate the behavior of the 
metal in a notched tensile test to the behavior in other types of 
tests. However, the subject of notched tensile testing has been 
pursued to the point where several interesting speculations can be 
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made. For example, Schwartzbart and Brown (13) and Lubahn 
(1) have discussed the concept that fracture begins at the root 
of the notch in sharply notched specimens, where the very high 
local strain has more effect than the ductility-killing triaxiality® 
below the surface, whereas in mildly notched specimens, the crack 
starts below the root of the notch, because the loss of ductility 
due to the triaxiality there is a more important factor than the 
small strain concentration that prevails at the root of a mild 
notch. 

Until now, there have been few efforts to verify this concept. 
Sachs and Fried (2) showed that mild notches cause internal 
fracture, although their experiments failed to prove conclusively 
that surface fracture occurs for sharp notches in the same ma- 
terials. However, the gradual development of surface fracture 
can be observed with the naked eye in sharply notched mild- 
steel specimens. The foregoing observations bear out the quali- 
tative features of the concept, but efforts (14) to establish 
quantitatively a boundary value of notch sharpness between sur- 
face fracture and internal fracture seemed inconclusive (1), 
probably because the two surface conditions were not different 
enough. 

A more conclusive test would be to compare the local surface 
ductilities of various sharply notched specimens with the ductility 
of unnotched bend specimens designed to give the same biaxiality 
as the notched tensile specimens, using the technique of Sachs 
and Fried (2) for measuring local strain and biaxiality at the root 
of a notch. It would be particularly fruitful to make this com- 
parison on SAE 2340 for which it was found (7) that the un- 
notched tensile ductility was practically independent of hardness 
below 48 Rockwell C, but that the notch behavior varied within 
wide limits in the same hardness range, Fig. 1, the harder steels 
being much more notch brittle than the softer ones. According 
to this concept, these differences between notched and unnotched 
behavior are caused by susceptibility of the steel to either biaxial- 
ity or triaxiality, depending on where the fracture begins. If 
fracture begins at the surface, where biaxiality controls fracture, 
one should find the ductility in an unnotched bend test of suitable 
b/h ratio to be the same as in a notched tensile test and that duc- 
tility in unnotched bend tests should fall off with biaxiality much 
faster for the harder steels than for the softer ones. Such tests 
have not yet been made. 

The only reliable‘ investigations of the effect of biaxiality on 
ductility were made on the aluminum alloys (16). If triaxiality 
governs the notch tensile test result, on the other hand, causing 
fracture to begin below the root of the notch, one should find a 
considerably lower surface strain at the root of the notch in the 
tensile specimen than in the unnotched bend specimen of the 
same biaxiality. In sharply notched tensile specimens there is a 
very high strain gradient at the root of the notch; the strain at a 
point a little below the root of the notch is much smaller than the 
surface strain. If fracture begins at this small strain because of 
triaxiality, instead of at the much larger surface strain, this 
result would constitute the long-awaited experimental verifica- 
tion of the often quoted supposition that triaxiality is a very 
potent embrittling factor. This supposition has been founded 
primarily on the plastic-flow laws, which state that any metal, 


3 In general, the term “‘triaxiality’’ indicates that all three principal 
stresses are tensile stresses. Since brittleness is lack of plastic flow, 
and since plastic flow depends (15) on the difference between the 
largest and smallest (algebraically) principal stresses, it will be suita- 
ble for the present purposes to define triaxiality quantitatively as the 
ratio of the smallest to largest principal stress. 

4 Biaxiality results using bulged sheet or thin-walled tubes are usu- 
ally confused by the fact that local necking rather than the applied 
load governs the biaxiality at fracture. Furthermore, the average 
strain, which is usually reported as being the ductility, is less than the 
local strain at the neck, which is the ductility. 
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however ductile in a tensile test, would be completely brittle at a 
triaxiality of unity (S,; = S; = S;), where the absence of shear 
stress prevents any plastic flow at all. Although this may be 
true, the supposedly great degree of embrittlement for readily 
attainable triaxialities has been largely a matter of conjecture.§ 


Discussion AND SUMMARY 


For the present, the principal value of notch tensile testing to 
engineering problems is to distinguish between notch ductile 
and notch brittle behavior in a notched member carrying 
tensile load. When the metal is sufficiently notch ductile, a 
satisfactory design procedure against fracturing for notched parts 
subjected to static tension is to put the average stress on the 
minimum section equal to the tensile or rupture strength, divided 
by a suitable safety factor. This procedure results in considera- 
ble local plastic flow, of course, guaranteeing only against com. 
plete failure by fracturing. The safety factor, in this case, must 
be at least large enough to cover the variability of tensile strength 
among different lots of material. It is not yet clear how to tell 
with certainty whether the metal is “sufficiently’’ notch ductile 
that the foregoing design procedure is valid; in some cases service 
failure has occurred at an average stress far below the tensile 
strength, even though a small notch tensile specimen has indi- 
cated good notch ductility. 

For notch ductile metals, designing on the basis of average 
stress is more reasonable than the classical method using elasticity 
theory and the condition of yielding to avoid any plastic flow, even 
locally. This classical method is applicable to very brittle metals, 
but is overconservative for metals that have even a small ductility. 
When the metal has some ductility, but not enough to permit the 
use of the average stress in design, there is no known design pro- 
cedure that is applicable. The development of a design procedure 
for these notch brittle metals awaits a more fundamental under- 
standing of the various factors that govern fracturing—-size, 
stress state, strain rate, residual stress, strain gradient, and so on. 
For engineering purposes, this understanding need not be de- 
tailed enough to be able to state the mechanism of fracture at the 
atomic or crystallographic level; but it must be complete enough 
to permit the prediction of one test result from the results of other 
tests. After all, engineering design is basically the relating of 
service performance to laboratory test behavior; and how can 
one relate complex service performance to laboratory test be- 
havior if one cannot relate the results of two different simple lab- 
oratory tests? 

The most obvious possibility of a fundamental basis for cor- 
relating different test results is that fracture occurs at the same 
strain for the same local conditions of stress state, etc., regardless 
of the conditions present in neighboring regions. Such a cor- 
relation would be feasible for conditions where fracture begins at 
a free surface. However, notch bend tests (18) and notch tensile 
tests (2) indicate that, under certain circumstances, fracture 
begins below the surface. For such subsurface-crack initiation, 
test-result correlation on the foregoing basis appears rather diffi- 
cult, because the stress conditions below the surface are hard to 
determine, and also because it is hard to determine the exact 
location of crack initiation. 

A more practical, though less scientific, basis for test correla- 
tion has been suggested by Sachs. This suggestion is based on 

5 In 24S-T aluminum alloy (14) the ductility was not less than half 
the uniaxial value, even at a triaxiality greater than 0.4. In quite hard 
steels (17) (240,000 psi tensile strength) the reduction of area at frac- 
ture was only a few per cent for a rather sharp notch, but strain-dis- 
tribution measurements (2) show that the local surface strain may be 
more than ten times the reduction-of-area value for such a sharp 
notch. Thus much of the appearance of “brittleness” for sharp 


notches might be due to high strain gradient of such sharp notches, 
rather than a true effect of triaxiality on ductility. 
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the hypothesis that a particular elastic stress distribution will be 
transformed by plastic flow into a particular strain distribution 
and a particular triaxiality distribution, regardless of the con- 
ditions of geometry and loading that caused that elastic stress 
distribution. ‘This hypothesis is reasonable and, if true, would 
permit comparison between test results and engineering per- 
formance without knowing the local conditions at the place where 
fracture begins, but only knowing the more easily measured sur- 
face strains, as follows: 

A notched test specimen can be devised so as to have an elastic 
stress distribution essentially the same as a manufactured part as 
determined by photoelasticity. The test specimen fails when the 
surface strain reaches a certain measured value, corresponding to 
some smaller ductility value below the root of the notch, where 
triaxiality has caused failure. In the manufactured part, the 
same triaxiality should cause failure at the same ductility at 


the same distance below the surface; and because the neighboring’ 


strain distribution is the same as in the test specimen, the manu- 
factured part also has the same surface strain at fracture as the 
measured value from the test specimen. This surface strain can 
be converted to load-carrying capacity by means of a model test. 

Regardless of what basis is found ultimately to be suitable for 
relating different tests to each other, one requirement for the 
efforts of the immediate future seems clear; it is imperative to 
make more kinds of tests on a few materials, so as to understand 
the tests better, rather than accepting the value of some given 
test on faith, and making tests only of this kind on a great variety 
of materials. Any serious efforts to compare different tests in 
terms of some basic concept (reference 18, for example), will be 
the beginning of the development of a rational procedure for 
designing against fracturing. 
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Discussion 


W. F. Brown, Jr. The author has outlined clearly the very 
important problem of how to design, in the presence of stress 
concentrations, when a material has limited notch ductility. 
This problem is becoming more widely recognized and more 
severe as stronger alloys are introduced. 

The necessity of using materials having notch-strength ratios 
less than that given by the author’s Equation [1] is frequently 
encountered in elevated-temperature service applications. In 
fact, some materials such as Inconel X do not develop notch- 
rupture-strength ratios higher than 1.2 under any practical set of 
temperature and stress conditions when subjected to a 50 per 
cent, 60-deg sharp V-notch. Furthermore, many low-alloy and 
stainless steels may exhibit notch-rupture-strength ratios of less 
than unity in the temperature and stress range for which the 
material was designed. 

The author is correct in pointing out that a notch-strength 
ratio of unity has no particular significance. In rupture testing 
of a material exhibiting notch weakening, the notch-strength 
ratio at a given temperature decreases continuously with time to 
some minimum value. This decrease in notch-strength ratio we 
feel is caused by a time-temperature-dependent structural change 
in the material. The presence of this structural change may 
reduce the load-carrying capacity of the material under other 
conditions of loading to an extent not revealed by the notch- 
rupture strength. If this is the case, then a notch-rupture- 
strength ratio of unity may be far from safe. 

In connection with this problem, attention is invited to a 
paper by Holms and Repko.? These authors show that it is 
possible to predict the strength of fir-tree-type blade fastenings 
in time-dependent spin tests from notch-rupture data ob- 
tained with specimens having a notch simulating the stress 
concentrations in the disk serrations. 


M. J. Mansorng.* The author points out that a fundamental 
study of the fracture mechanism in the notched-bar rupture test 
is necessary if a comparison with other types of tests is to be made. 
The hypothesis that ‘a particular elastic-stress distribution is 
transformed by plastic flow into a particular strain distribution 
and a particular triaxiality distribution, regardless of the condi- 
tions of geometry and loading that caused that elastic-stress 
distribution”’ is interesting and should be checked. This hypoth- 
esis and other remarks in this paper should stimulate further 
research in notch-bar strength properties and their applicability 
in engineering design. 

6 Lewis Flight Propulsion Laboratory, National Advisory Com- 
mittee for Aeronautics, Cleveland, Ohio. 

7 “Correlation of Fir-Tree-Type Turbine Blade Fastening Strength 
With Mechanical Properties of Materials,"’ by A. G. Holms and 
A. J. Repko, Trans. ASME, vol. 78, 1956, pp. 1251-1256. 

8 Research Engineer, Westinghouse Research Laboratories, West- 
inghouse Electric Corporation, E. Pittsburgh, Pa. Mem. ASME. 
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Creep Damage in a Cr-Mo-V Steel as 
Measured by Retained Stress 
Rupture Properties 


By M. H. JONES,! D. P. NEWMAN,? ano W. F. BROWN, JR.? 


It is well known that a material subjected to progressive 
creep eventually fractures at a time determined by the 
applied stress and temperature. However, the processes 
which exhaust the metal ductility in creep are very poorly 
understood. Until these processes are clearly defined it 
is not possible to arrive at a satisfactory fracture theory 
for creep nor is it possible to predict intelligently the ef- 
fects of creep history on the rupture life. 

In this investigation the progressive metal deterioration 
occurring during creep at 1000 F is measured by the re- 
tained 1100 F stress-rupture properties. This “creep 
damage”’ is shown to be both strain and time-sensitive. 
The creep conditions producing large damages are defined 
and a mechanism for the damage suggested. It is also 
shown that reheat treatment is able to heal the most 
severe damages produced in this investigation. 


INTRODUCTION 
Prorrs theories of creep such as those proposed by Dorn 


(1)‘ relate primarily to the flow process (creep rates) and 

do not take into account precipitation effects. Robinson 
(2) has suggested that the creep-fracture time is independent of 
creep-temperature history at constant applied stress. This 
attractive hypothesis was tested by Miller (3). The results 
reported were considered to support the hypothesis. However, 
the agreement between theory and prediction in many cases is 
insufficient to prove the history independence. Furthermore, 
a careful examination of the data for many cases where the agree- 
ment appears excellent, will reveal that the test conditions 
were so selected that the specimen life would be influenced solely 
by the time spent in the most severe condition. In addition, 
Caughey and Hoyt (4) have shown that the effects of over- 
temperature cycles at a given stress can be much larger than 
predicted by this hypothesis. 

The authors (5) have previously suggested that the progres- 
sive metal deterioration in creep is greatly influenced by struc- 
tural changes probably at grain boundaries. It has also been 
shown by extensive tests on a wide variety of high-temperature 
alloys (6, 7, 8) that notch sensitivity and ductility in stress- 
rupture tests exhibit the time-temperature dependence charac- 


1 Metallurgist, NACA, Lewis Flight Propulsion Laboratory, 
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4 Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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teristic of precipitation phenomena. More recently Glen (9, 
10) in a series of careful investigations has presented convincing 
arguments that the creep properties of low-alloy steels can be 
strongly influenced by the formation of complex coherent car- 
bides during creep. Such structural changes are reflected in the 
mechanical properties. Thus the impact test is known to reveal 
creep embrittlement which cannot be correlated with visible al- 
terations in carbide structure of low-alloy steels. On the basis 
of the foregoing evidence it might be expected that the structural 
changes which exhaust ductility in creep are history-dependent. 

Thum and Richard (11) have used room-temperature impact 
strength as an indication of progressive change in metal proper- 
ties with creep at several stress levels. These tests on a Cr- 
Ni-Mo and on an 18-8 stainless steel were analyzed by Sachs 
and Brown (5). Both steels developed a loss in impact energy 
relatively early in the creep process. This “creep damage” 
became very large with increasing time under load. The time of 
onset of damage appeared to be longer the lower the creep stress. 
Reheat-treatment of damaged specimens revealed that a con- 
siderable portion of the creep damage in the Cr-Ni-Mo steel 
was permanent. The results of these valuable investigations 
point to the need for further information. Specifically, the rup- 
ture ductility of the steels studied by Thum and Richard was 
nearly constant for the range of creep-stress levels investigated. 
It might be expected that the damage developed in a given creep 
time would depend on the ductility level in the creep condition. 
Furthermore, the development of as a function of the 
creep strain has not been determined. In addition, the relation 
of a change in impact strength to creep behavior has not been 
established. 

In the present investigation the progressive changes in the 
material with creep at a given temperature and stress level 
were investigated by means of stress-rupture tests at a different 
temperature. This method of evaluation directly establishes 
any change in the rupture behavior of the material. A Cr-Mo-V 
steel was selected for which extensive information is available 
regarding the time-temperature dependence of its smooth and 
notch-rupture properties (6, 12). 

Specifically, the object of this investigation was to reveal the 
influence of the following variables on creep damage: (a) Frac- 
tion of life exhausted by creep, (b) creep-stress levels which 
would result in widely different fracture ductilities, (c) effects 
of creep strain and time, and (d) the influence of reheat-treat- 
ment. In addition, an attempt is made to show the relation 
between notch sensitivity and creep damage and to discuss a 
mechanism to explain both these phenomena, 


MATERIAL AND PROCEDURE 


The Cr-Mo-V steel used in this investigation had the following 
composition: 0.32 C, 0.60 Mn, 0.70 Si, 1.32 Cr, 0.14 Ni, 0.48 Mo, 
0.22 V, 0.17 Cu. 

All specimen blanks were cut from the same heat of 1-in- 
diam bar stock, normalized 1725 F, 1 hr and tempered 1200 F, 
6 hr. Both notch and smooth specimens, Fig. 1, were machined 
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from the heat-treated blanks. Hardness measurements were 
made on the ends of specimen blanks after remova! of 0.020 in. 
by flood grinding. The details of the testing technique have been 
described elsewhere (7). 


SPECIMEN TYPES 


Prestraining in creep was carried out at 1000 F at stress levels 
of 79,000, 74,000, 65,000, and 50,000 psi. The 1000 F rupture 
times at each of these stress levels were determined by averaging 
the results of at least four tests. Several prestraining times 
were selected at each stress level which represent approximately 
5 to 80 per cent of the rupture life. A sufficient number of 
specimens was prestrained at each time to permit determination 
of the 1100 F stress-rupture properties up to approximately 
1000 hr. In addition, room-temperature and 1100 F tensile 
tests were made for several prestraining conditions. A few tests 
are also reported for specimens prestrained at 1100 F, 30,000 
psi for 116 and 174 hr (50 and 75 per cent of rupture life) and 
then tested at 1000 F. 

At the conclusion of prestraining, the specimens were removed 
from the furnace and their diameters measured. The stress in 
the testing condition was based on this new diameter. 

The influence of heating without stress on the stress-rupture 
and tensile properties was also investigated. 
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The effect of a complete reheat-treatment on prestrained 
specimens was also determined. For this purpose specimens pre- 
strained 500 and 750 hr, 50,000 psi, at 1000 F were normalized 
1725 F, 1 hr and tempered 1200 F, 6 hr in salt and tested at 1100 
F. 


REsuULTS 


The 1000 and 1100 F smooth and notch-rupture strength for 
specimens without prestrain are shown in Fig. 2 and the smooth 
ductility in Fig. 3. These ductility values are represented as the 
natural longitudinal fracture strain €, defined as follows 

dy 
= 2 In 
where dp is the initial diameter and d, is the fracture diameter. 

Creep curves for unprestrained material tested at 1000 F are 
shown in Fig. 4. The creep strain & is given by 


dy 


where d, is the diameter after prestraining. Strain values were 
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determined for each specimen after prestraining and these creep 
curves represent an average of the measurements. 

The “retained rupture strength’’ at 1100 F of specimens pre- 
strained at 1000 F is shown in Fig. 5. Added to this representa- 
tion is the basic curve for the material without prestrain and the 
data for specimens heated alone at 1000 F for 750 hr. Only when 
the retained rupture-strength values consistently deviate from 
the basic curve are separate curves shown for the prestraining 
conditions. Within the limits of scatter these curves can be 
drawn a constant percentage lower than the basic curve. Also 
shown is a calculated curve for prestraining at 50,000 psi. This 
curve is based on the assumption that the fraction of life ex- 


4 


4 


0, 


RUPTURE TIME AT hr 


Fie.7 Retarnep Rupture Ductimry at 1100 F Arrer Prestrain- 
Various Times, 74,000 Psi at 1000 F 


RUPTURE TIME AT |100°F, hr 


Fic. 8 Rerarnep Ductiviry at 1100 F Arrer PRESTRAINING 
Various Times, 65,000 Psi ar 1000 F 


hausted at 1000 F plus the fraction of life remaining at 1100 F 
equal unity. Thus specimens prestrained 80 per cent of their 
life at 50,000 psi at 1000 F should have retained 20 per cent of 
their life at 1100 F. 

The “retained ductility” of smooth specimens prestrained at 
1000 F is shown in Figs. 6 to 9 as a function of the 1100 F rupture 
time, with prestrain time as parameter. The retained ductility 
€, is defined as the natural longitudinal strain at fracture. Thus 


d, 
€, = 21n d, 
where d, is the diameter after prestrain and d, is the fracture di- 
ameter at 1100 F. Added to these representations is the ductility 
curve for material without prestrain €, and the data for specimens 
heated alone for 750 hr at 1000 F. Within the limits of scatter 
the ratio between €,/€, is a constant depending on the prestrain 
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time and independent of the 1100 F rupture time between 0.1 
and approximately 50 hr. 

The 1100 F retained rupture strength and ductility of speci- 
mens prestrained 500 and 750 hr, 50,000 psi at 1000 F and then 
completely reheat-treated, is shown in Figs. 10 aad 11, respectively. 

Room-temperature true stress-strain curves for specimens pre- 
strained various times at 65,000 and 50,000 psi at 1000 F ex- 
hibited only slight differences in strain-hardening characteristics 
as a function of prestrain time. These differences are revealed in 
the tensile strengths and yield strengths shown in Fig. 12. 
Added to this representation is the room-temperature tensile 
ductility. The 1100 F true stress-strain curves are shown in 
Fig. 13 for both as heat-treated specimens and those prestrained 
750 hr, 50,000 psi at 1000 F. 

Sharply notched specimens were prestrained at 1000 F at three 
stresses for approximately 80 per cent of their life. The 1100 F 
stress-rupture strength of these specimens and the notch-rupture 
strength of specimens without prestrain are shown in Fig. 14. 
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Preliminary results of prestraining at 1100 F at 30,000 psi and 
testing at 1000 F are presented in Figs. 15 and 16 which show the 
retained rupture strength and ductility, respectively. In ad- 
dition, the influence of heating alone is shown. 


Discussion or Resutts 


In the following section an analysis is made to reveal the effect 
of variables which influence progressive change in material prop- 
erties accompanying creep at 1000 F. These changes are reflected 
in the differences between the 1100 F rupture properties of 
specimens with and without prestrain and also in the influence of 
the prestrain on the tensile properties. As will be discussed, the 
strength differences are small but the ductility differences are 
large in this case. Therefore the creep damage is defined as 
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1— ¢,/€, where €, is the retained ductility and €, the ductility of 
specimens without prestrain tested at the same temperature. In 
addition, preliminary results are discussed for specimens pre- 
strained at 1100 F and tested at 1000 F. 

Effect of Prestrain on the Strength. Prestraining at 1000 F 
reduces the 1100 F rupture strength slightly if the prestrain time 
is sufficiently long, Fig. 5. It is interesting to compare the ob- 
served effects with those which would be predicted by a history- 
independent loss of life. According to this concept, prestraining 
750 hr (80 per cent of life) at 50,000 psi should result in an 80 per 
cent loss in life at 1100 F. As shown in Fig. 5, the actual losses are 
much smaller than those predicted and the discrepancies increase 
with rupture time at 1100 F.$ 

Heating alone for 750 hr at 1000 F has no effect on the 1100 F 
stress-rupture strength. 

The room-temperature tensile strength and yield strength, 


It might be argued that the error would be reduced if the load 
in the testing condition were based on the original specimen area, 
However, reduction in area for the longest prestraining times at 
50,000 psi amounts to about 1 per cent. 
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Fig. 12, are reduced slightly by prestraining at 50,000 and 65,000 
psi at 1000 F. This effect increases with the prestrain time and 
is larger for the yield strength than for the tensile strength. The 
room-temperature tensile flow curve for specimens heated alone 
750 hr at 1000 F lies within the scatter band of the material with- 
out prestrain. 

A more pronounced effect on the flow curve is observed in ten- 


‘sile tests at 1100 F for specimens prestrained 750 hr, 50,000 psi at 


1000 F. Thus, according to Fig. 13, this prestraining condition 
appears to alter the stress-strain curve fundamentally in that a 
reduction in yield strength is followed by a pronounced loss in 
strain hardening. 

In conclusion, prestraining at 1000 F for sufficiently long times 
results in a small but definite reduction in the room-temperature 
and 1100 F flow stress as well as the 1100 F rupture strength. 

Effect of Prestraining on Ductility. In contrast to the pre- 
viously discussed effects on strength, 1000 F prestraining results 
in a pronounced loss in 1100 F rupture ductility, Figs. 6 to 9. 
This loss in ductility or creep damage defined by 1—e,/e, in- 
creases with increasing prestrain time for all prestrain stresses 
between 79,000 and 50,000 psi. As previously mentioned, the 
damage is practically independent of rupture time at 1100 F up 
to about 50 hr. At longer times the €, curves for various pre- 
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strain times appear to converge to a minimum value of ductility 
in the order of 5 per cent.® 

The influence of prestrain stress on the damage can be deter- 
mined by considering prestrain conditions representing a con- 
stant percentage of the total life at 1000 F. Cross-plotting the 
data in Figs. 6 to 9 yields the damage as a function of stress, Fig. 
17(a), for prestraining 75 per cent of the total life. Added to this 
representation is the notch-rupture strength ratio (derived from 
Fig. 2) corresponding to the various prestraining stresses. It is 
evident that exhaustion of a large percentage of the rupture life at 
1000 F results in surprisingly small damage at high prestrain 
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stress, and that the damage becomes relatively insensitive to 
stress below about 65,000 psi. The notch-rupture strength ratio 
varies with prestrain stress in the same manner as the damage. 
These trends suggest that the stress itself is not the primary varia- 
ble influencing damage but that damage is closely related to 
those factors influencing the 1000 F notch-strength ratio (rupture 
ductility). This is further illustrated in Fig. 17(b) which shows 
that the damage increases continuously with a decrease in notch- 
rupture strength ratio. Since heating alone at 1000 F does not 
affect ductility, Fig. 9, it might be expected that the magnitude of 
the damage would also be a function of creep strain. 


The damage is represented in Fig. 18 as a function of the~ 


average creep strain at 1000 F (Fig. 4) with stress as parameter. 
The prestrain times corresponding to the various creep strains are 
indicated on the plot. The curves for each stress level terminate 
at the fracture strain in the prestraining condition at which point 
the retained ductility €, is zero. The curve shapes are in accord- 
ance with a family relationship established by the data points and 
the assumption that damage increases very rapidly as the fracture 
strain is approached. 

According to this representation the damage at a given pre- 
strain time increases with increasing creep strain (e.g., compare 
150 hr at €) = 0.005 and 150 hr at €) = 0.015). Except for strains 


* These low values of ductility are difficult to determine accu- 
rately owing to the effects of scaling and the irregular nature of the 
fracture. Therefore the retained ductility trends at long testing 
times cannot be defined clearly. 
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very closely approaching those at fracture, relatively high strain 
does not produce a large damage if it occurs in a short time. On 
the other hand, very small strains produce very large damage 
when the prestrain time is sufficiently long. 

The room-temperature tensile ductility, Fig. 12, determined for 
specimens prestrained various times at 65,000 and 50,000 psi, 
reflect the development of creep damage but are less sensitive 
than the 1100 F rupture ductility. 

Effect of Reheat-Treatment. The specimens receiving the most 
damaging prestrain (i.e., 750 hr at 50,000 psi) were completely 
healed by reheat-treatment, Figs. 10 and 11, in respect to both 
their 1100 F rupture strength and ductility. 

This indicates that the damage developed by prestraining up to 
80 per cent of the rupture life at 50,000 psi is probably not due to 
cracks, but is associated with a thermally reversible structural 
change. However, permanent damage may be encountered at 
prestrain times closer to fracture. It should be noted that speci- 
mens prestrained into third-stage creep at high stresses may not 
develop large damage. However, extensive permanent damage 
may be associated with third-stage creep at sufficiently long 
creep times where intercrystalline cracking occurs throughout the 
body of the material. 

The observed healing effect of reheat-treatment suggests the 
interesting possibility that in some cases periodic reheat-treat- 
ment might prolong the service life. However, it should be 
pointed out many components are subjected to complex loading 
conditions resulting in steep strain gradients. In such cases it 
would be extremely difficult to determine whether or not some 
portion of the metal was permanently damaged. 

Prestraining of Notch Specimens. According to Fig. 14 the 
1100 F rupture strength of notch specimens can be greatly 
reduced by prestraining at 1000 F, under the same conditions 
which produce only a negligible loss in smooth strength. The 
influence of the prestrain on the 1100 F notch strength closely 
parallels the previously discussed effect of prestrain on the 
retained 1100 F smooth ductility. Thus the loss in notch 
strength is greatest for long-time prestraining at low stress and 
this loss becomes less pronounced as the rupture time at 1100 F in- 
creases. 

The results show that a creep history which produces a severe 
ductility damage in smooth specimens without a corresponding 
strength damage can greatly reduce the rupture life when stress 
concentrations are present. Since service parts generally contain 
stress concentration, any evaluation of creep history must con- 
sider not only changes in smooth strength, but also ductility and 
its possible effect on the notch strength. 
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Prestraining at 1100 F. The results obtained by prestraining 
at 1100 F and testing at 1000 F are preliminary, and not sufficient 
to permit a detailed analysis. However, they are discussed here 
since the phenomena producing damage at 1000 F also should be 
active at 1100 F. 

The 1100 F prestrain times selected, 116 and 174 hr, represent 
50 and 75 per cent, respectively, of the rupture life at 30,000 psi. 
Fracture at this stress yields the minimum smooth ductility at 
1100 F (see Fig. 3). 

According to Fig. 15 the 1000 F rupture strength is considera- 
bly reduced by 1100 F prestrain. This effect is larger for the 
longer prestrain time. A substantial portion of this damage can 
be produced by heating alone which reduces the hardness.” 

Again, it is interesting to compare the experimental results with 
those predicted by a history-independent loss of life. The pre- 
diction for the longest prestraining time is shown in Fig. 15. The 
predicted loss in retained 1100 F rupture strength is considerably 
less than that defined by the data at all except the highest rupture 
times. This is in contrast to the discrepancies observed for 
1000 F prestraining (see Fig. 5) which are in the opposite direc- 
tion. 

The 1100 F creep damage revealed by the 1000 F retained 
ductility, Fig. 16, is large and its magnitude appears to be at least 
equal to that of the previously discussed 1000 F damage. This 
might be expected since 30,000 and 50,000 psi yield the minimum 


7 Heating for 116 and 174 hours at 1100 F reduces the Rockwell 
C hardness one and two points, respectively, from the as-heat- 
treated value of 33 Rockwell C. 


(c) Room temperature tensile, no prestrain, x 1000 
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fracture ductility at 1100 and 1000 F, respectively. The effect 
of heating alone is to raise the ductility and this effect must be 
subtracted from the retained ductility to arrive at the true effect 
of prestrain. 

Comparison With Published Results. The present results are in 
agreement with those of Thum and Richard for a Cr-Ni-Mo steel 
(5, 11) in that damage develops progressively with increasing 
creep time at a given stress and the onset of damage is earlier the 
higher the stress. In addition, both investigations indicate 
severe damage is associated with prestrain stresses yielding low 
ductility in the creep condition. 

In contrast to the present results, Thum and Richard show a 
permanent damage at prestrain times representing relatively 
small fractions of the rupture life in the prestrain condition. 
However, all prestraining conditions used resulted in practically 
zero smooth-bar ductility. | Furthermore, pronounced per- 
manent damage corresponded to prestraining unJer conditions 
where the fracture time was over 10,000 hr. In addition, the 
tensile ductilities of the Cr-Ni-Mo steel were sensitive only to per- 
manent damage. 


MECHANISM OF THE DAMAGE 


The following discussion is based on data obtained after pre- 
straining at 1000 F. Results of prestraining at 1100 F are pre- 
liminary but indicate that no different behaviors need be taken 
into account except for tempering (softening) of the alloy due to 
temperature alone. 

Changes in the carbides caused by creep have not been revealed 


(d) Room temperature tensile, pomieeinet 750 hr, 50,000 psi at 1000 F 
x1 
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by conventional metallographic techniques. The time-tempera- 
ture dependence of both rupture ductility and notch strength 
(5, 6) suggest that a diffusion process is associated with creep 
embrittlement and notch sensitivity in this steel. It has been 
previously assumed that this process involved precipitation of 
carbides during creep. However, it might be expected that tem- 
pering 6 hr at 1200 F would rule out the possibility of additional 
carbiue precipitation even for long times at 1000 F. It is possible 
that the structural change is not a precipitation of new carbides, 
but involves compositional modification, such as alloy enrich- 
ment of the carbides formed during heat-treating. 

The creep damage described in this investigation was shown to 
develop most strongly at those stress levels yielding a high notch 
sensitivity, Fig. 17. Furthermore, prestraining notch specimens 
under conditions producing severe damage in smooth bars results 
in a large loss in notch strength, Fig. 14. Therefore it would 
seem reasonable to assume that the structural change producing 
notch sensitivity is also responsible for the creep damage. 

Previously it was assumed (5, 9) that the structural modifica- 
tions occurred primarily in the grain boundaries since brittle 
fractures in creep are usually intercrystalline. However, this was 
difficult to prove since transition from intercrystalline to trans- 
crystalline fracture is gradual and intercrystalline fractures can 
occur with considerable ductility if the creep time is sufficiently 
long or the temperature is sufficiently high. More direct evi- 
dence for grain-boundary damage is offered in this investigation. 
Specimens without prestrain tested in short-time stress rupture 
at 1100 F exhibit transcrystalline fractures, Fig. 19(a). The 
same testing condition results in intercrystalline breaks if the 
specimens are prestrained for 750 hr, 50,000 psi at 1000 F, Fig. 
19(b). Room-temperature tensile fractures of prestrained speci- 


mens do not clearly reveal grain-boundary damage but do ex- 


hibit evidence of a structural change within the grains. Thus 
the normal transcrystalline fracture, Fig. 19(c), is changed to a 
“stepped” fracture by long-time prestrain, Fig. 19(d). This 
stepped fracture appears to follow certain crystal planes, perhaps 
slip planes formed during prestraining. 

The fact that heating alone at 1000 F produces no change in the 
retained properties at 1100 F and that heating alone at 1100 F re- 
sults in increased retained ductility at 1000 F, indicates that 
strain is necessary for the development of the creep damage. It 
would therefore seem probable that creep strain induces a 
damaging structural change in the grain boundaries and along 
certain crystal planes. However, it is possible that a structural 
change occurs with heating alone which damages the material 
only if it takes place in a strained lattice. 

The retained rupture strength and the tensile-flow stress do not 
reflect the severe damage indicated by the retained ductility. 
A slight loss in tensile-flow stress and 1100 F rupture strength is 
associated with the most severely damaging prestrain con- 
ditions. This effect is not produced by heating alone and may 
be associated with the structural modifications causing the creep 
damage. 

The fact that a low retained ductility does not result in a re- 
duced rupture life can be explained if it is assumed the 1100 F 
creep rate is only slightly altered by the 1000 F prestrain, and that 
most of the fracture strain at 1100 F is attained in a short period 
of time in third-stage creep. A reduction in retained ductility 
might then result in so small a reduction in retained rupture life 
that it would be hidden by the data scatter. 


CoNCLUSIONS 


The mechanism of creep damage in this steel and all variables 
responsible for this damage are not completely defined. Since 
the problem is one which involves the interaction of time, tempera- 
ture, and strain, further investigation will most likely require a 
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large number of systematic tests. Information is certainly 
needed on the creep properties of the damaged material and ad- 
ditional tests are required to evaluate the role of strain and tem- 
perature on structural changes in this steel. However, it is 
thought that the method of evaluating the damage suggested in 
this paper offers an interesting and profitable approach to the 
problem. 

On the basis of the present results the following conclusions 
appear well established regarding the progressive deterioration of 
a normalized and tempered Cr-Mo-V steel subjected to creep at 
1000 F over a wide range of stresses: 


1 The deterioration of specimens subjected to creep at one 
stress and temperature is reflected in reduced stress-rupture duc- 
tility measured at another temperature. 

2 The magnitude of creep damage produced in a given fraction 
of the rupture life varies widely with the creep strain and time in- 
volved. 

3 The development of creep damage at a given temperature 
requires both strain and time. The largest damage is associated 
with small creep strains occurring in extended times. Large 
strains occurring in short times may produce large creep damage 
if these strains approach very closely the fracture strain in the 
creep condition. 

4 The magnitude of the damage is not directly related to the 
creep stress but will be larger, the lower the rupture ductility or 
notch-strength ratio in the creep condition. 

5 The fact that a specimen is in third-stage creep does not 
necessarily indicate high damage. 

6 The most severe creep damage observed in this study is 
completely removed by a reheat-treatment. 

7 Creep damage is associated with a time-temperature- 
dependent structural cRange in the alloy which is also associated 
with the development of notch rupture sensitivity. 
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Discussion 


M. J. Mansorne. The data presented by the authors is of 
prime importance to the machine designer. It appears that 
“‘damage’’ to a material under stress at elevated temperature may 
result from two nearly independent mechanisms. The first 
mechanism is related to the structural changes and microfissuring 
which occur in the strained lattice at points of high internal 
stress such as at the junctions of grain boundaries. The second 
is related to the strain, strain hardening, and structural changes 
which occur in the matrix. Damage caused by the latter is 
not permanent and can be almost completely removed by reheat- 
treatment. The former mechanism results in permanent damage 
which affects only a small volume of the material. A change in 
test condition which alters the flow pattern may not reveal the 
presence of this damage. The authors show that notch 
sensitivity is closely associated with creep damage. It may be 
possible to study the two mechanisms of damage by comparing 
low-stress creep tests of notched and smooth bars and by an 
examination of the microstructures. 


K. Ricnarp.’ It is surprising that the authors’ Cr-Mo-V 
steel becomes brittle and notch-sensitive in a relatively short 
time in a creep test. This steel with its relatively high carbon 
content is similar to one which the writer tested at 500 C (932 F).° 
This latter material maintained its ductility up to 100,000 hr." 
The authors’ steel was tempered at a higher temperature and 
might be expected also to maintain its ductility in the stress- 
rupture test. The fact that the authors’ testing temperature 
(1000 F) was about 40 C (70 F) higher would not appear to ex- 
plain this difference in embrittlement. 

Fig. 2 of the paper appears particularly instructive. Notch 
weakening begins after 100 hr at 1000 F and after 20 hr at 1100 F. 
It appears that after 2000 hr the strengths of the notch and 
smooth specimens would be equal. This would indicate that 
the steel softens rather rapidly under these testing conditions and 
thereby does not exhibit notch weakening or brittleness at suf- 
ficiently long times to rupture. It should be possible to verify 
this by measuring the changes in hardness. The steel tested by 
the writer” had an initial hardness of 380 Vickers (about 39 
Rockwell C), corresponding to a room-temperature tensile 
strength of 124 Kg/mm? (176,000 psi). After 5000 hr of creep 
at 500 C (932 F), the hardness had dropped to 250 Vickers (about 
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22 Rockwell C) and to 215 Vickers (about 17 Rockwell C) after 
30,000 hr. The authors’ steel cannot soften to the same degree 
because of its lower initial hardness. 

If the authors’ steel softens rapidly, then it might be expected 
that no permanent damage was found. The time interval at 
1000 and 1100 F in which notch sensitivity and brittleness appear 
is too short for development of thorough damage. 

The writer also has tested a Cr-Ni-Mo steel which exhibits 
very low ductility in stress rupture tests at 500 C (932 F)."1.1218 
This steel which was tested over much longer times should 
exhibit a behavior similar to the authors’ Cr-Mo-V steel after 
times above 100,000 hr because after this time the notch sensi- 
tivity at 500 C (932 F) gradually vanishes, the rupture elonga- 
tions are again equal to the very short time value of 10 per cent, 
and the steel has thoroughly softened. The authors’ steel should 
behave in a similar manner to the Cr-Ni-Mo steel if it were tested 
at 500 C (932 F). 

All in all the writer does not feel that his somewhat different 
results are contradictory if the phenomena of softening are taken 
into account in the manner indicated. However, before the proc- 
esses affecting notch sensitivity and damage in heat-resisting 
steels are understood completely, a considerable amount of 
additional experimental work will be required. 


Avutuors’ CLOSURE 


The authors wish to thank both Mr. Manjoine and Dr. Richard 
for their remarks. We feel that creep damage due to certain 
structural changes can be healed by reheat-treatment. This has 
been demonstrated in the present paper for only one alloy and 
over a very limited range of creep conditions. On first thought 
it would seem that those materials undergoing a complete phase 
transformation on reheat-treatment would exhibit the strongest 
healing tendencies, We are extending the phase of this work 
relating to reheat-treatment to include a variety of creep condi- 
tions for the Cr-Mo-V steel and will also study these phenomena 
in a precipitation-hardening austenitic heat-resisting alloy. 

Mr. Manjoine has suggested that an examination of the 
microstructures may be instructive. We do not doubt that such 
procedures would be desirable. Unfortunately, we have been 
unsuccessful in detecting damage other than actual cracks by 
conventional metallographic procedures. However, we are not 
experts in steel metallography and hope that other investigators 
will pursue the question of the exact nature of the structural 
changes responsible for creep damage in this steel. 

The authors have noted that the 2.58 Cr steel tested by Dr. 
Richard at 500 C (932 F) exhibits much less embrittlement than 
the presently reported Cr-Mo-V steel tested at 1000 F. How- 
ever, this is not unexpected when the differences in steel com- 
position, heat-treatment, testing temperature, and specimen 
geometry are considered. Of these differences, the testing tem- 
perature and notch geometry are probably in large part respon- 
sible for the observed dissimilarities in notch embrittlement and 
creep damage. Dr. Richard employs a notch sharpness (ratio of 
one-half notch diameter to notch radius) of 118 as compared with 
the authors’ 150 and a notch depth of 20 per cent compared 
with the authors’ 50 per cent. As pointed out previously'* 
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14% “*Time Temperature Dependence of the Notch Effect and the 
Influence of Notch Depth in Stress Rupture Tests on a Cr-Mo-V 
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an increase in sharpness and depth would result in larger notch 
weakening. Superimposed on this effect is the 90 F higher test 
temperature employed by the authors which would increase the 
rate of embrittlement. 

We are not certain that we completely understand Dr. Rich- 
ard’s argument regarding the role of softening as it may influence 
notch behavior and damage. We feel that at least two processes 
are occurring in this steel during creep: (1) The softening; and 
(2) a time-temperature-dependent structural change responsible 
for notch weakening. Softening in the Cr-Mo-V steel is indicated 
by progressive loss in room-temperature yield strength with 
increasing 1000 F prestrain time as shown in Fig. 12 of the pres- 
ent paper. Notch sensitivity develops in spite of this softening. 


However, we feel that the softening contributes to the eventual 
recovery of the notch properties. We note from Dr. Richard’s 
previous work" (fig. 18) that a very brittle Cr-Ni-Mo steel ex- 
hibits a similar loss in yield strength with progressive creep at 
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932 F (500 C). The development of creep damage in this steel 
and in the authors’ Cr-Mo-V steel is similar in that large damages 
occur for those creep stress levels yielding high notch sensitivity. 
The major difference is that we show no permanent damage, 
while Dr. Richard is able to develop damages that cannot be 
completely recovered by reheat-treatment. In this connection 
it should be noted that the Cr-Ni-Mo steel is extremely brittle, 
possessing a minimum rupture ductility of less than one per cent 
at 932 F (500 C). On the other hand, the authors’ steel shows 
5 per cent ductility under the most brittle condition investigated. 
Therefore, it may be that the Cr-Ni-Mo steel develops cracks 
(permanent damage) much earlier in the creep test than does 
the Cr-Mo-V steel. We would suspect that permanent damage 
would be observed for the Cr-Mo-V steel if the creep times were 
extended to around 10,000 hours. At these long test times 
considerable intercrystalline cracking occurs throughout the test 
section in spite of recovery in ductility. 
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Some Studies of Angle Relationships 
in Metal Cutting 


By J. H. CREVELING,' T. F. JORDAN,? ano E. G. THOMSEN® 


Free-cutting steel, SAE 1113, in the annealed, and SAE 
1113 and SAE 4135 in the cold-rolled condition were studied 
in orthogonal metal cutting. The feed was varied from 
0.002 to 0.010 ipr and the rake angle from 20 to 40 deg, at a 
surface speed of 30 fpm, using several cutting fluids. This 
range of rake angles and feeds was in the practical region 
and permitted obtaining continuous chips. When ex- 
amining the current theories on the shear angle ¢, rake 
angle a, and friction angle §-relationships, it was found 
that none was in complete agreement with the experi- 
mental results. However, the equation \ = ¢ + 8 — a= 
const was found to hold approximately for the limited 
range of variables investigated. It was further found that 
the friction process on the tool face can be satisfactorily 
explained as a metal-shearing process, and that the ratio 
of the shearing stresses on the shear plane and tool face 
was approximately constant for the experimental data ob- 
tained. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


= rake angle, deg 

= depth of cut, in. 

= thickness of chip, in. 

chip-length or chip-thickness ratio 

shear angle, deg 

friction angle, deg 

force component in direction of motion, lb 

force component normal to direction of motion, Ib 

force component parallel to shear plane @, lb 

force component parallel to tool face, lb 

shearing stress, subscript same meaning as for 
force components, psi 

normal stress, psi 

various angles as proposed in theories, deg 

length of shear plane, in. 

length of chip-tool contact, in. 


INTRODUCTION 


An important problem in metal-cutting analysis is the estab- 
lishment of a functional relationship between the tool angles, the 
resultant force vector and the shear angle in the chip. In prac- 
tice, where three-dimensional cutting is generally involved, these 
relationships appear to become very complex. Hence much of 
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the past work reported in the literature has been confined to two- 
dimensional or orthogonal cutting. It is the purpose of this 
paper to review past work on orthogonal cutting and to test the 
theories with recent experimental data obtained at the labora- 
tories of the University of California. 


Tueories oF Currine 


The common two-dimensional model for metal-cutting analysis 
is shown in Fig. l(a). Here a layer 4 of the work material is 
transformed into the chip of thickness # by shearing along a 
plane inclined at an angle ¢ to the direction of motion of the tool. 
The width of the chip is assumed to be large as compared with 
t; or t2 and hence this problem can be treated as one in plane 
strain if the analysis is restricted to the interior of the chip. The 
angle @ can be calculated from the cutting ratio l/l, = t/t. = r; 
by the geometrical equation 


r, COS @ 
1—r,sina 


tan=4 


under the assumption that the shear plane is of infinitesimal 
thickness. 

The chip having been formed by shearing slides along the face 
of the tool which is inclined at an angle a, to the perpendicular of 
the direction of motion, known as the rake angle. Friction 
encountered by the chip in sliding along the tool face, together 
with the shear deformation on the shear plane, requires the forces 
as shown in Fig. l(a). If it is assumed that the resultant 
forces R and R’ are colinear and yield a uniform stress distribu- 
tion on the tool face and shear plane, then the free-body diagram 


(b) Free-body diagram of forces acting on chip segment 
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of a portion of the chip shown as an ideal plastic [triangle A-B-C 
in Fig. (1b)] may be considered to be in staticalequilibrium. The 
surface A-B in this case is an imaginary surface in the chip 
across which no forces are considered to be transmitted. This 
surface must be parallel with the resultant force R and is at an 
angle 8 — a@ to the direction of tool motion. The angle @ is the 
friction angle tan~F/N), as shown in Fig. 1(b), and together 
with @ yields the equation 


which in several of its modified forms has been the subject of 
much discussion. 

The current theories of the angle relationships of Equation [2] 
were summarized as well as extended in a 1953 ASME paper by 
Shaw, Cook, and Finnie (1).4 These authors gave an interesting 
and instructive account of the order in which various equations 
were proposed and the apparent underlying assumptions that were 
employed in their derivation. The chief purpose of the pres- 
ent paper is to compare these theories with laboratory experi- 
ments; hence the review of past work will be brief. The 
reader is referred to the paper for a more intensive coverage of 
the subject. 

For purposes of clarity and convenience the equations de- 
veloped from the theories have been tabulated in the order of 
their publication in Table 1. 

Equations [3] and [4] were obtained graphically in 1937 by 
Piispanen (2) and later analytically (evidently independently) 
by Ernst and Merchant (3) and by Merchant (4). The assump- 
tions in their derivations are that the shear stress 7 is uniformly 
distributed on the shear plane and Equation [3] was found by 
maximizing this shear stress under the assumption that R’ and 
B are independent of @. Merchant later applied the minimum 
energy principle and found the same equation by letting 7 and 8 
be independent of ¢. Using Merchant’s co-ordinates, Equation 
[3] is shown as the straight line c in Fig. 2. Merchant introduced 
a dependency of the shear stress on the normal stress on the shear 
plane and found his Equation [4] to be in better agreement with 
his experimental results than Equation [3]. He assumed on the 
basis of Bridgman’s (9) investigations that the shear stress may 
be given as T = tT) + Ko, where 7p is the shear stress at zero 
normal stress o and K is the slope of the r versus g curve. From 
this he computed the angle cot~!K/2, which he called a machin- 
ing constant, and which is smaller than 45 deg. Hence his 
new curve would be parallel to c in Fig. 2, but would be below 
this curve. 

Inasmuch as the shear-stress dependency on the normal stress 
has not been clearly established and in Bridgman’s experiments 
was only applicable to drill rod, therefore the term cot~'K /2 
does not have a correct physical meaning. Furthermore, the 
fact that Equation [4] fits certain experimental data offers no 
conclusive proof that the term has been correctly interpreted, 
since the tr — o curve was established from metal-cutting data 
and not from independent mechanical tests. The fact, however, 
that 79 and 8 were considered to be independent of ¢ in the deri- 
vation of Equation [4] may not necessarily be seriously in error. 

Stabler (5) more recently in analyzing three-dimensional cut- 
ting, considered Merchant’s model of a velocity diagram and by 
the additional consideration of a force analysis, derived Equa- 
tion [4]. Stabler’s solution is the same as Equation [3] for the 
special case when 6 = 0; for values of 8 > 0, say 8 = 40 deg, 
it is a curve parallel to c, namely, curve e. Hence the two 
Equations [4] and [5] coincide when 


* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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+ B/2 = 45 deg 


Lee and Shaffer (6) derived Equation [6] of Table 1. This 
equation was obtained by considering the chip section A-B-C of 
Fig. 1(b) to be an ideal plastic, which deforms only when a con- 
stant maximum shear stress Tmax = k is exceeded. This plastic 
sector is given by the enclosed area A-B-C and is bounded by a 
perfectly rigid material in both the workpiece and in the re- 
mainder of the chip. The solution as given by Lee and Shaffer 
(also called a slip-line solution) satisfies both the equilibrium 
equations in the stresses as well as the associated velocity equa- 
tions. The solution is given in Fig. 3(a) and in Equation [6] 
of Table 1. 

The imaginary surface A-B [also shown in Fig. 1(a)] 
is assumed to be stress-free. It is assumed that all deformation 
occurs as shearing along the plane A-C on which the shear stress 
isamaximum, The analysis is restricted to plane strain and it is 
further assumed that strain hardening is absent, or, if present, 
it is incorporated into an appropriate flow stress. Since the 
maximum shear directions shown as dotted lines in this figure are 


TABLE 1_ PROPOSED ANGLE RELATIONSHIPS IN 
ORTHOGONAL METAL CUTTING 


No. Date 
in 
Equation text Investigators ne 
r= 45 + 8/2 0/2 [3] Ernst and Merchant (3) 1941 
+ B/2 — a/2 [4] Merchant (4) 1945 
5 Stabler (5) 1951 
X= 45 6 Lee and Shaffer (6) 1951 
A= 4540 Lee and Shaffer (6) 1951 
d= 45  Hucks (7) 1951 

_ +8 [9] Hucks (7) 1951 
45 + 9! [10] Shaw, et al. (1) 1953 
45+ (5 [11] Sata (8) 1954 
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straight, the solution requires that the stress be constant in region 
A-B-C as well as along the line of discontinuity A-C (shear plane) 
and the tool face C-B. Recent experiments with aluminum ex- 
trusions (10, 11) indicate that the slip-line method of solution is 
a good approximation for prediction of maximum shear direction 
for a work-hardening metal, but solutions appear to somewhat 
underestimate the extent of plastic flow. The Lee and Shaffer 
solution is given as line d in Fig. 2 and is seen to be steeper than 
Merchant’s curve. 

Lee and Shaffer (6) also analyzed the ideal plastic when sub- 
jected to a machining operation under the presence of a built-up 
edge as shown in Fig. 3(6), which results in Equation [7] of Table 
1. It is noted that the angle \ is now greater than 45 deg by the 


(bd) For \ > 45 deg, built-up edge 
Fic. Srress-Fretp Accorpine To Lee anp SHAFFER (6) 


angle @ as shown in the figure. Line A-D is assumed to be a line 
of maximum shear; shear deformation, however, takes place in 
the sector A-D-C and hence angle ¢’ has now a somewhat differ- 
ent meaning than angle ¢. Equation [7] when plotted on Fig. 2 
for constant 6 would presumably be a straight line parallel to, but 
above, line d. 

Hucks (7) has presented other solutions as given by Equations 
{8] and [9] of Table 1. His solutions appear to be similar to the 
slip-line solution of Lee and Shaffer but were derived differently. 
He also considered that shearing takes place in the maximum 
shear-stress direction and that the state of stress along the shear 
plane and tool face is constant. Hucks further assumed that the 
resistance to deformation in the chip-flow direction would be 
small and hence any normal stresses on planes perpendicular to 
this flow direction would be zero. 

Examining Equation [8], it is seen that for 8 = 0, u = 0, and 
it reduces to Equation [6]. Thus the Hucks solution agrees with 
the Lee and Shaffer solution (curve d in Fig. 2) for the special 
case 8 = 0. When @ > 0, as for example, 8 = 40 deg, Equation 
[8] yields the curve 6, which is parallel to and above curve d. 
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If the dependency of the shear stress on the normal stress is also 
introduced, as by cot~'K/2 of Equation [9], it is possible that a 
curve may result which could be above or below the Lee and 
Shaffer solution, depending on the magnitude of cot ~'K/2, 


Fic. 4 Srress-Fietp AccorpinG To SHaw, Cook, aNnp Finnte (1) 


Shaw, Cook, and Finnie (1) using SAE 1112 screw stock at low 
speeds (1 ipm) and under varying cutting conditions, found that 
the application of the ideal plastic solution failed to hold. In- 
deed, when applied to this material, the Lee and Shaffer “built- 
up edge” became negative and the authors assumed this to be 
physically impossible. Hence they argued that the metal, dur- 
ing cutting, does not necessarily behave like an ideal plastic, but 
that a constant stress zone, such as in A-B-C of Fig. 1(b), possi- 
bly exists. They thereupon proceeded to construct a constant 
stress field as shown in the free-body diagram of Fig. 4. The 
dotted lines in this diagram are maximum shearing directions and 
the surface A-B is drawn at 45 deg to these lines and parallel to 
R, thus giving a surface, as in the ideal plastic solution, which 
cannot transmit stresses. For the experimental data which they 
obtained at M.I.T., Shaw and co-workers found that this con- 
struction would lead to a deviator angle +7’ which is equal to 
\ — 45. Thus it was reasoned that the shear plane A-C is not a 
plane of maximum shear stress, and that this deviator angle is 
given by +7’ (see Equation [10] of Table 1). The departure of 
the angle 7’ from the maximum shearing direction is explained 
by the restraint which is imposed upon the metal in the shear 
plane by virtue of the fact that it is in the vicinity of the face of 
the cutting tool. 

Sata (8) in analyzing metal-cutting data postulated that chip 
motion over the face of the tool occurs as a shearing process 
similar to that on the shear plane and hence the ordinary coef- 
ficient of friction becomes meaningless. This theory also was 
suggested earlier by Shaw and co-workers (1,12). Sata equated 
the shearing stress on the shear plane to that on the face of the 
tool, finding therefrom that two angles of ¢ were possible, namely 


o: = 90 + a — 28 


Using the available data, Sata then showed that @ could be ap- 
proximated by the empirical Equation [11] of Table 1, where 
(a — 15) is positive, when a > 15 deg and (a@ — 15) is negative 
when a < 15 deg. When plotted in Fig. 2 for 8 = 37.5 + a/2, 
curve a is obtained, which is discontinuous at @ = 15 deg. The 
conclusions drawn by Sata cannot be considered to be universal ; 
they have not been confirmed by our own data nor by that of 
others. 

Shaffer (13) has made an analysis of the stresses in the metal- 
cutting zone by considering the metal to be again a perfect plastic 
and arrived at two possible solutions. If the friction angle is 
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less than the rake angle, Equation [3] results as a nonlimiting 
solution based on a minimum cutting force. However, when the 
friction angle is greater than the rake angle, Equation [6] results 
as a limiting stress solution. Thus Shaffer proposes the two pos- 
sible solutions given by curves ¢ and d in Fig. 2. These have 
already been mentioned and were found to be in disagreement 
with the M.L.T. experiments. 

Another analysis of the cutting zone also based on an ideal 
plastic was made by Hill (14) in which he applied his own only 
recently enunciated principle (15) on the maximum intensity of 
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singularities in a material that yields when the shear stress at- 
tains a critical value. This analysis unfortunately does not lead 
to a single unique solution and Hill therefore calculated the re- 
gions in which the angle of the shear plane possibly could lie 
without causing overstressing in any part of the metal-cutting 
zone. The results will be given later and look very promising. 

To sum up, some of the recently published experimental results 
are plotted in Fig. 5 from which it is at once evident that the 
functional relationship between @ and 8 — a@ cannot be repre- 
sented by a single curve. Furthermore, some solutions are ob- 
viously only applicable to a certain region on this plot and do not 
appear to be applicable under all conditions. Thus, for example, 
the data obtained by Shaw and co-workers cannot be predicted 
by Equations [3], [6], [7], [8], and [11]. 


I-XPERIMENTAL PROCEDURE AND RESULTS 
A problem so complex as metal cutting has occupied the think- 


ing of a legion of scientists, mathematicians, and engineers, and 


has given rise to a number of theories; the most valuable of the 
theories on the specific problem of angle relationships have been 
listed in Table 1. Unfortunately, however, most of these theo- 
ries are based on what appear to be limited experiments; the 
extensive literature on metal cutting discloses very few data. In 
order to provide further experimental data for testing angle rela- 
tionships, the following tests were carried out at the University 
of California. 

Free-cutting steel SAE 1113 specimens in the as-received (cold- 
rolled) and fully annealed condition were machined from 2'/2- 
in-diam bar stock into tubular sections 3 in. long, having addi- 
tional 2'/:-in. long solid plug ends for rigid clamping. The 
outside diameter was 2.375 in. and the wall thickness was 0.200 
in. This material was selected because of the low coefficient of 
friction reported earlier (13) and in order to further verify the 
anomalous results reported by Shaw, Cook, and Finnie (1) when 
testing a similar free-cutting steel at a low speed of l ipm. In 
addition, an alloy steel (SAE 4135) in the as-received condition 
was tested. This latter steel was in the form of seamless cold- 
drawn 4-in-diam tubing having a wall thickness of '/2 in. The 
tube was cut into short specimens having a 3.980 in. outside 
diameter 0.231-in. wall thickness, and a length of 5°/i. in.; the 
clamped end was provided with a solid plug. 

The various specimens were 
accurately centered in a four-jaw 
chuck and machined in an 
American Pacemaker’s lathe by 
end cutting, as shown in Fig. 6. 
The tool forces were measured by 
a beam-type dynamometer hav- 
ing wire-resistance gages (SR-4 
type) whose response to beam 
deflections was recorded on a 
two-channel Brush recorder. 
The dynamometer was calibrated 
with dead weights at frequent 
intervals and found to read cor- 
rectly. The 5/s-in-sq (14-4-2+5 
Co) HSS tools, as shown in Fig. 6, 
were set with a definite rake 
angle in the dynamometer by ad- 
justing the swivel head. The 
flank was ground with a 3-deg 
primary end-clearance angle. 
Each test run consisted of ap- 
proximately 10 to 20 revolutions 
of the workpiece in order to get 
a representative chip sample and 
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to attain constancy of load under reproducible conditions. The 
tools were dressed before each run. The cutting velocities 


were kept constant at 27.3 and 29.4 fpm for the SAE 1113 and. 


SAE 4135 steels, respectively. Cutting speeds at 100 fpm were 
also used but it was difficult to collect continuous chips of suffi- 
cient length. It was observed that the cutting forces were 
nearly the same as those at lower speeds. The tools were 
sharpened in a universal tool and cutter grinder to a feather 
edge by down-grinding the flank with a 60-grit aluminum- 
oxide grinding wheel. The top surface or face was honed with 
a flat white soft Arkansas oil stone between each test run to a 
finish of 5-10 microinches to remove all metal which had been 
deposited (as ascertained by microscopic examination). The 
honing strokes were approximately at right angles to the cutting 
edge and hence parallel with the direction of chip flow. 

The cutting fluids used were air, water-based fluid (1 part 
Lusol in 30 parts water), and CCl. The water-based cutting 
fluid was applied by the overhead method at a flow rate of ap- 
proximately 4 gpm. The CCl was applied also by the overhead 
method but with a large free-flowing oil can. This latter method 
of application was used to prevent undue contamination of the 
atmospbere and perhaps was the cause of some of these test re- 
sults showing scatter. 

The cutting ratio r, was obtained from the ratios of the lengths 
of the chips and the equivalent original lengths in the workpiece. 
These chip lengths were calculable from the observable nicks 
in the chips which represented the longitudinal shallow reference 
cuts in the original tubular specimens. All tightly coiled chips 
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were annealed and uncoiled before measuring their length. 

The test conditions and results are given in Tables 2 to 8, in- 
clusive. These results will be discussed in the next section. It 
should be pointed out that the horizontal F,, and vertical Fy 
cutting forces as measured by the dynamometer are again prac- 
tically linear functions of feed at constant rake angles as reported 
in an earlier investigation (17). Representative curves are 
shown in Figs. 7 and 8. Workpiece deformation and hence in- 
tercept corrections as suggested elsewhere (16) have not been 
made because of the apparent small corrections required. 


Discussion 


The results of the present investigation on the SAE 1113 steels 
have been plotted in terms of Merchant’s variables (@ and 8 — a) 
in Figs. 9 and 10. It is seen that the experimental points lie on 
curves parallel to the Lee and Shaffer solution (curve d). How- 
ever, as reported in the M.I.T. experiments, the experimental 
points lie below any possible solution of the Lee and Shaffer type 
either with or without built-up edge and hence curve d (A = @ + 
8B — a = 45 deg) does not appear to be a solution. It is of in- 
terest to note that the experimental curve of Fig. 9 for the an- 
nealed steel lies below that for the steel in the cold-rolled condi- 
tion plotted in Fig. 10. This suggests that the shear angle @ for 
any given (8 — q@), as for example, 8 — a = 0, depends strongly 
on the plastic-flow properties of the steel. This observation is 
in agreement with the static stress-strain curves of the SAE steels 
shown in Fig. 11, which were evaluated from compression tests 
under absence of end friction. Absence of end friction was ac- 


BACK RAKE ANGLE =25° 


THRUST FORCE-LBS 


8 


8 


F,= CUTTING FORCE - LBS 


6 


FEED = 7000 tpr 


Material: SAE 4135, HSS; V = 29.4 fpm 
Cutting fluid: Water-based 


Fic. 7 Errecr or Freep on Curtine Force anp Turust Force Fie. 8 Errect or Freep on Cutting Force anp Turust Force 


ror Constant Back-RAKE ANGLES 


ror Constant Back-Rake ANGLES 


200 sd 
100 — 
600 | 600 BACK RAKE ANGLE = 25°7,] 30 
| | | | | | he 
| | [ | | 
| | | | | 
| | | 
00} —— 100}, 444 
ok 2 10 “a 2 8 10 
= 


TABLE 2 CUTTING DATA 
Material = SAE 1113 (annealed), cutting fluid = air, 
OD = 2.375 in., chip width 0.200 in., HSS, end clearance = 3 deg, V = 27.3 fpm 
Feed, 
ipr 8 B- a 
0.0040 
0.0063 
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TABLE 3 CUTTING DATA 
Material = SAE 1113 (annealed), cutting fluid = CCh, 
= 2.375 in., chip width = 0.200 in., HSS, end clearance = 3 deg, V = 27.3 fpm 
Feed, 
ipr Py 
0.0040 
0.0063 
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TABLE 4 CUTTING DATA 
Material = SAE 1113 (as-received), cutting fluid = air. 
= 2.375 in., chip width = 0.200 in., HSS, end clearance = 3 deg, V = 27.3 fpm 
Feed, 
ipr 8 aaa 


bed 
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to 


0.004 
0.0063 
0.0080 
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TABLE 5 CUTTING DATA 
Material = SAE 1113 (as-received), cutting fluid = water-based, 
= 2.375 in., chip width = 0.200 in., HSS, end clearance = 3 deg, V = 27.3 fpm 
Feed, 
ipr 8 B-a 
0.0040 
.0063 


| 


Run 
no. @ Is 
251 20 00 36100 
252 37500 
253 59400 34300 
254 58400 32200 
256 25 59000 31400 
257 57500 35100 
258 56300 36700 
259 57200 35600 
261 30 56500 35900 
262 58800 31500 
263 61400 35100 
264 56400 35100 
266 35 55600 33200 
267 59400 49200 
268 54900 33300 
269 58200 31700 
266A 40 63500 32900 
267A 59900 830900 
268A 60600 31800 
269A 57300 32400 
OD 
Run 
no. a 
2714 20 » 30700 
272A 37600 
273A 0.0080 300 40 303 0.351 20.5 27 7 57000 37600 
274A 375 56 4379 80.351 20.5 28 8 57900 35500 
271 25 125 8 125 0.454 27.0 29 4 56700 38400 
272 202 12 202 0.425 25.1 28 3 59500 41700 
273 260 14 260 0.395 23.2 27 2 61500 41600 
274 310 19 «6311 0.395 23.2 28 3 59700 38400 
276 30 100 -8 103. 0.527 31.8 25 + 55700 29600 
277 195 195 0.454 26.9 28 l 70000 38300 
278 223 —-4 223 0.468 27.8 29 1 62000 41600 
279 275 1 275 0.454. 26.9 30 0 62400 32800 
281 35 90 —16 91 0.586 35.9 29 5 59000 44900 
282 150 -16 151 0.527 31.7 28 6 62000 30100 
283 195 —18 196 0.512 30.7 29 5 63500 34800 
284 250 —12 250 0.527 31.8 32 2 64000 36200 
286 40 80 —18 82 27 57600 34800 
287 63500 34700 
288 62500 33600 
289 009) 71000 =31300 
OD 
Run 
no. a 
123 20 0.011 66000 39500 
124 0.018 62500 36400 
125 0.026 59200 29300 
126 0.031 58200 31500 
129 25 0.011 64800 34900 
130 0.016 46500 36000 
131 0.027 58100 25900 
132 0.034 57700 23700 
134 30 0.010 67300 40000 
: 135 0.014 64800 30400 
136 0.022 61700 33700 
137 0.030 59300 37100 
139 35 0.009 66800 38300 
140 0.014 63800 39300 
141 0.019 63000 38200 
142 0.022 61000 37200 
144 40 0.009 65800 39400 
145 0.011 65000 46900 
146 0.017 63200 38200 
147 0.019 61900 41300 
oD 
Run 
no. a Tr 
189 20 » 22600 
190 25800 
191 0.022 58400 30800 
192 0.926 
194 25 
195 
196 
197 
; 199 30 0.014 66600 26100 
200 0.017 63700 26800 
201 0.024 65200 29400 
202 0.026 64500 32200 
204 35 
205 
206 
207 
209 40 0.010 63000 31400 
210 0.013 63100 38200 
211 0.017 65500 37400 
212 0.021 63500 36200 
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TABLE 6 CUTTING DATA 


Material = SAE 1113 (as-received), cutting fluid = CCk, 
OD = 2.375 in., chip width = 0.200 in., HSS, end clearance = 3 deg, V = 27.3 fpm 
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TABLE 7 CUTTING DATA 
terial = SAE 4135 (as-received), cutting fluid = CCh, 


Ma 
OD = 3.977 in., chip width = 0.231 in., HSS, end 


Feed, 
a ipr 
25 0063 
0080 
0098 
30 


clearance = 3 deg, V = 29.4 fpm 


B-a 


15.8 
16.4 
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TABLE 8 CUTTING DATA 


Material = SAE 4135 (as-received), cutting fluid = water-based, 
OD = 3.977 in., chip width = 0.231 in., HSS, end clearance = 3 deg, V = 29.4 fpm 


Feed, 


a ipr 
0.0040 


complished by cutting shallow spiral grooves into the flat ends of 
the cylindrical specimens which acted as lubricant reservoirs dur- 
ing testing. 

It is of further interest to note that the various cutting fluids 
used had essentially no influence on the magnitude of the cutting 
forces or on A. This suggests that the cutting fluids under the 
test conditions employed did not alter the shear process on the 
shear plane or that on the tool face. Hence the SAE 1113 steel 
must supply its own lubrication in the form of Mn&; inclusions 
which overshadows any possible benefit obtainable from cutting 
fluids, such as CCl, when applied externally. However, even 
for other metals having no inclusions for self-lubrication, as for 
example, SAE 4135, when machined under two conditions of 
lubrication (water-based fluid and CCl), as shown in Fig. 12, 
the properties of the material seem to have more influence on the 
angle relationship than the lubricating properties of the cutting 
fluids. It should be noted that the SAE 4135 curve now lies 
above curve d. This does not necessarily mean, however, that 
the solution of an ideal plastic is applicable. The results with 
the SAE 1113 steels are at variance with the M.L.T. results ob- 
tained at low speed (V = 1 ipm), which are shown in Fig. 5, and 


B-a 


wo 


may reflect the influence of velocity on the angle relationship. 

The fact that the results in the present investigation yield con- 
stant A-values for a given metal, but under varying cutting condi- 
tions, indicates need for examining the force system in the cutting 
zone without regard to equilibrium of stresses. Let, 


Fs = shear force on shear plane 

F, = friction force on face of tool 

R = resultant force measured by dynamometer 
Fs _Reos@+8+a@) _ 
Fr R sin B sin B 


= cos™! (4 sin 8) 


then 


hence for constant A, as represented by the experimental data of 
Figs. 9, 10, and 12, (Fs/F,) sin 8 must be a constant. But 
(F's/F 7) sin B can be rewritten in terms of average shear stresses 
as follows 
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Run Feed, 
215 0.454 57300 39500 
216 } 2 4 0.396 64500 33700 
217 0 310 58 315 0.381 65800 35200 
218 0 377 74 384 0.396 65500 34300 
220 25 
221 0 200 20 201 0.468 62200 27600 
222 0 265 32 267 0.454 66000 32400 
223 0 310 32 312 0.454 62600 34600 
225 120 120 0.542 64300 39000 
226 0 180 6 180 60.513 62700 38600 : 
227 0 230 18 231 0.542 65000 34200 
228 0 270 37 0.527 60300 27800 
230 OO 130 -8 130) =—(0.659 66700 
231 0 140 —20 141 0.615 44500 28100 
232 0 210 0 210 = 0.571 62000 29600 
233 0 255 0 255 0.556 61700 32000 
235 40 85 —12 86 0.674 44000 825300 
236 0 130 —20 132 0.659 43400 28800 
237 0 200 -16 201 0.615 59400 31000 
238 0 237 -—12 0.615 59100 32000 
Run 
no. Fy Fy R 8 Ts 
297 544 32 40 96000 36000 
298 561 33 41 94200 32700 
299 535 32 39 87400 34800 
302 620 37 41 92400 35700 
303 620 37 42 97200 34200 
304 662 40 42 84400 33200 
306 35 654 40 44 92300 35300 
307 628 38 45 93000 36100 
308 637 39 45 90000 37300 
309 646 40 45 87200 36100 
311 40 663 41 50 88500 41600 
312 654 40 49 87000 38400 
313 646 40 48 86800 30000 
314 672 42 47 87300 35300 
Run 
169 270 105 290 22 103000 
170 410 160 440 21 98000 
500 190 535 20 92500 
0098 575 240 623 22 106000 
0040 260 90 275 19 99000 
0063 385 130 394 18 94500 
0080 450 155 476 19 85300 
0098 550 180 578 18 87800 
0040 235 68 245 16 95000 
0063 340 100 354 16 88400 
l 0080 425 130 445 17 85500 
1 0098 490 140 510 15 81500 
1 0040 215 55 222 14 90000 
1 0063 310 70 318 12 86500 
1 380 95 392 14 80000 
187 450 105 462 78500 
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lc = solution by Ernst and Merchant, reference (4); d = solution by Lee 
and Shaffer, reference (6).] 
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Fie. 10 CorreLaTion BETWEEN SHEAR ANGLE ¢ AND (8 — a) 
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Fs in B sin 
Fp Tr lp 


where Ts and T, are the average shear stresses on the shear plane 
and the tool face, respectively, ls is the length of the shear plane, 
and I, is the length of the shear area on the chip in contact 
with the tool face. This presumes that the friction process on the 
tool face is a metal-flow process similar to that postulated by 
Finnie and Shaw (12), but need not necessarily be the detailed 
mechanism suggested by them. e That this is a metal-flow process 
is indicated by examination of the metal deposit on the face of 
te tool. Fig. 13 shows a series of photographs of the face of the 
tool at the cutting edge for a 20-deg rake-angle tool when cutting 
SAE 1113 in air at different feeds. It is noted that the chip con- 
tact area has length /, and increases with the feed; for the SAE 
1113 steels 1; is approximately equal to the chip thickness f2 as 
shown in Fig. 14. This can be explained by the fact that for this 
specific material and for the region of rake angles tested \ ap- 
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Fie. 12 Correvration Between SHEAR ANGLE ¢ AND (8 — a) 
ror SAE 4135, As-Recetvep, Unper Various Cutrtinc ConpITIONs 


pears to be close to 45 deg and @ is approximately equal to ¢; 
consequently lp = t&. The scatter about the line tf, = ly is 
principally due to the difficulty of evaluating /; from the metal 
deposit on the tool. This relationship between /7 and tz, however, 
does not appear to be a general one. SAE 4135 steel, for ex- 
ample, shows that ¢2 # 17, although an approximate linear func- 
tional relationship still exists. 

All tool contact areas which were examined, and whose lengths 
ly are reported in Tables 2 to 8, were similar to those shown in the 
photographs of Fig. 13. While these areas appear to be bur- 
nished areas on the tool at low magnification, they reveal them- 
selves as general metal pickup areas at higher magnification. 
Definite proof of this metal pickup was obtained by scraping the 
tool faces under the microscope and by lapping the tool contact 
surfaces until the original tool honing marks were uncovered. 
These deposits are generally thicker some distance away from the 
cutting edge, as exemplified by the dark areas in the photograph 
for the 0.0098-ipr feed. The white areas in these photographs 
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Material: SAE 1113, HSS, as-received 
Cutting fluid: Air 
Rake angle: 20 deg 


Cutting speed: 27.3 fpm. 
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are similar, but thinner, deposits of chip smear metal which gen- 
erally become wider at the outside surface of the tubular speci- 
men, It should be mentioned that these deposited areas in no 
case had the appearance ef ordinary built-up edges and all chips 
of the SAE 1113 steels under all cutting conditions were smooth 
and burnished appearing on the tool-face side. Hence it must 
be assumed that the metal of the chip in contact with the tool 
was being sheared plastically during the cutting operation and, 
when the tool was disengaged from the work, the stationary metal 
on the tool surface was torn from the chip and remained with the 
tool. Whether this smear metal clinging to the tool was held to 
it by mechanical interlocking or partial welding is not known, but 
there appears to be little doubt that the metal in the chip moving 
relative to it is sheared plastically, and that the built-up edge in 
these cases is of only insignificant size as observed under the 
microscope. The disengagement of the tool from the work (i.e., 
slow, fast, or by stopping tool in cut) did not have any influence 
on the general appearance of this smear metal deposit. 

Using the length measurements /7 of the smear metal deposit 
on the tool faces as a measure of the shear area, it was possible to 
calculate the average shear stress t7. These shear stresses are 
plotted as functions of feed in Figs. 15, 16, and 17 for the various 
test conditions. It is to be noted that these shear stresses are 
essentially constant for each metal under all test conditions, ex- 
cept for the scatter attributable to the approximate measurements 
of 17; this suggests that the shearing mechanism was approxi- 
mately the same. In addition, the average shear stresses on the 
shear plane 7s were also calculated and are shown in these figures. 
It is noted that these stresses are nearly constant as the fesd is 
varied; at small feeds the stresses increase slightly, which may be 
attributed to the size effect, workpiece deformation, and others. 

From a consideration of these limited results, it can be con- 
cluded that the first term 75/77 of Equation [14] is not a function 
of @ or feed and only slightly dependent on cutting fluid. The 
reason why the ratio 7s/7,7 is not equal to 1, as might be expected 
at first, is undoubtedly due to the fact that the shear process on 
the tool face is carried out in the vicinity of the hard surface 
of the tool under complex stress conditions and with imperfect 
welding. In addition, the metal on the tool face is at a higher 
temperature than that on the shear plane. Hence one should 
expect to see the shear-stress ratio rise as the cutting velocity is 
increased. 

The ratio (ls/ly) appears to be a function of the material and 
the friction angle 8, and hence the magnitude of (/s/l,p) sin B is 
principally determined by the degree of welding occurring on the 
tool face. Hence the angle \ as represented by 


Tr lr 
is independent of @ and feed, but appears to be dependent on 
speed, flow properties of the metal, and the degree of lubrica- 
tion on the tool face. Unfortunately, the foregoing ratios as 
given by cos \ are not entirely independent variables and if they 
are to be useful for understanding metal-cutting processes, more 
must be learned about them. 

It is useful at this point to re-examine the various theories in 
the light of the present results. Equations [3], [6], [7], and [8] 
(see Table 1) cannot be used to predict the results with SAE 1113. 
This agrees with the observations made by Shaw and co-workers 
(1) on SAE 1112. Equations [4] and [9] may possibly be used 
as a first approximation, but the description of the term '/: cot “1K 
haslittle physical meaning. Equation [5] does not agree with the 
experimental results of the present investigation. 

The authors do not agree that Equation [10] represents en- 
tirely the correct physical facts;-they are of the opinion that 
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angle 7’ is probably not a deviator angle from the maximum 
shear direction. In fact, the concept of a constant stress region 
A-B-C of Fig. 4, as implied in Equation [10], with line A-B being 
the zero stress line, does not appear to be correct, if the length of 
line C-B is generally found to be shorter than the actual chip-tool 
contact length. Fig. 18(a) shows the hypothetical constant 
stress areas for various feeds based on the direction of R, while 
Fig. 18(b) shows possible areas if the constant stress areas were 
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based on chip-tool contact measurements. It is seen that the 
angle C-A-B in Fig. 18(b), while without real physical signifi- 
cance, was nearly 45 deg for most test results. It seems that the 
stress distribution on the shear plane and tool face are not con- 
stant, as assumed in deriving Equation [10], and that the stress 
does not drop abruptly to zero at line A-B of Fig. 4. Results on 
extrusion experiments discussed in a recent paper (11) justify the 
conclusion that the drop in stress is more gradual. 
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Fic. 19 Comparison or Sotution Experiment 


Equation [11] cannot be applied to the results of the present 
investigation, since the angle relationships¢@ = a@ is only approxi- 
mately true, while tTs/7,7 is not equal to unity. 

Hill’s analysis, mentioned earlier, which yields solutions lacking 
definite uniqueness, can be represented by areas ond and 8 — @ 
co-ordinates. Such possible solutions are areas bounded by the 
solid lines of Fig. 19, one of which is shown as the Lee and Shaffer 
line, and the curved line merging into the dotted line given by the 
Ernst and Merchant solution. A third bounding line depends on 
the friction angle @, as indicated in the figure. In order to permit 
comparison, the experimental data of the present investigation are 
given as average values by the heavy broken lines. It is at once 
evident that the results of the SAE 1113 steels now lie in regions 
conforming with the theory but that those of the SAE 4135 alloy 
steels remain in a forbidden region. Lack of conformity here is 
probably due to the fact that the stress distribution in the cutting 
zone is not uniform, as pointed out earlier, and other factors such 
as work hardening, variable angle of friction, and others may in- 
fluence the results. However, of the various analytical solutions 
examined, the Hill solution appears to be most promising and 
warrants further study. 

From the foregoing it is apparent that none of the theories pro- 
posed is entirely satisfactory for predicting the cutting angles, 
and some of the physical concepts appear to be incorrect. The 
results of the present investigation, intended to test the current 
theories on angle relationships, although yielding some qualitative 
agreement, indicate that no universal functional relationship has 
yet been established. 


CONCLUSIONS 


1 Several published theories on the angle relationship 4 = 
@ + 8 — a@ in orthogonal metal cutting have been compared 
with experiments reported in this paper, and it was found that 
none agreed with all of the experimental observations. 

2  Hill’s solution of an ideal plastic based on a new theorem is 
qualitatively correct. It assumes, however, that the friction 
process along the tool face does not occur in the maximum shear 
direction. 

3 The friction process on the tool face appears to be a metal- 
shearing process as was correctly postulated by Finnie and Shaw. 
The exact mechanism was not determined although average shear- 
ing stresses calculated from force and contact-area measurements 
were not abnormally high. 

4 The calculated shearing stresses in the metal on the tool 
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face were found to be lower than those on the shear plane. The 
reason for this was thought to be nonuniform temperature dis- 
tribution and nonuniform adhesion of chip to tool (i.e., nonuni- 
form lubrication). It is suggested that velocity could influence 
the ratio of these shear stresses. 

5 MnoS&S, in SAE 1113 free-machining steels acts as a self-lubri- 
cant during the cutting process at a surface speed of 27.3 fpm. 
Additional lubrication in the form of externally applied cutting 
fluids appeared to have no effect on the cutting forces or angle 
relationships. 
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Discussion 


I. Finnre.§ The discussion and extension of the various angle 
theories together with the large amount of experimental data 
make this paper a valuable addition to the metal-cutting litera- 
ture. 
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Referring to the authors’ Table 1, it is of historical interest that 
Equation [3] was derived as long ago as 1896,° and again in 19077 
with the same assumptions as given in the paper. 

Methods of analysis based on the concept of an ideal plastic 
material have been valuable in analyzing operations such as ex- 
trusion and rolling but have been disappointing when applied to 
the cutting of real metals. A recent example is a paper by Hill$ 
which gives certain permissible regions for the various angles in 
cutting. Comparison of this theory and the authors’ data show 
the SAE 1113 to lie inside and the SAE 4135 outside the permis- 
sible zone. 

Professor Thomsen has recently shown the type of accuracy 
with which the ideal plastic solutions can be applied to the ex- 
trusion of lead and aluminum. It would be of value to have his 
comments on the use of ideal plastic solutions for the analysis of 
problems such as cutting in which large shear strains, and hence 
strain hardening, occur in a very short distance. This would ap- 
pear to be related to the suggestion made by the authors that the 
shear angle depends strongly on the plastic-flow properties of the 
steel. 

The authors’ interpretation of \ in terms of 7,/Tr, l./lp, and 
sin 8 is interesting but unfortunately, as they point out, none of 
these quantities is easily predictable in advance. Values of lp 
were measured during the experiments described in reference (1) 
of the authors’ bibliography. Owing to their uncertain nature, 
they were not reported but for dry cutting appeared to be from 
2.5 to 4 times the depth of cut. These values are larger than those 
given by the authors and may reflect the influence of cutting 


velocity or of a difference in materials. The term 1,/lp which in-. 


volves the shear angle as well as the uncertain quantity 1, would 
seem to be undesirable in any expression which is to be used for 
shear-angle prediction. 

The authors’ experience that T7 is less than 7, can be confirmed 
by the writer. This is also true at very low cutting velocities (1 
ipm) and hence is not likely to be due to a difference in tempera- 
ture between the shear plane and tool face. 


* Section written by G. Hermann in Ingenieur und Maschinen- 
mechanik, edited by H. Weisbach, part 3, Ist half, second edition, 
1896, p. 825. 

7 Book review on Taylor’s “‘The Art of Cutting Metals,”” by 
G. Lindner, Zeitschrift VDI, vol. 51, 1907, p. 1070. 

8 Mechanics of Machining: A New Approach,” by R. Hill, 
Journal of Mechanics and Physics of Solids, vol. 3, 1954, p. 47. 
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The most direct physical interpretation of \ is that of the angle 
between the resultant cutting force and the shear plane. It is 
interesting that this stays reasonably constant for a given ma- 
terial through a range of cutting conditions. 

The authors mention that the stresses on the shear plane and 
tool face are probably not uniform. This is confined by the varia- 
tion in metal transfer along the tool face and by the fact that 
chips curl. 

It remains to be seen whether a successful angle relationship 
can be obtained without considering the effects of nonuniform 
states of stress. 


Avutuors’ CLOSURE 


The authors wish to thank Dr. Finnie for his valuable discus- 
sion of the paper and, in particular, for pointing out that Equa- 
tion [3] was actually derived quite early but that the derivation 
apparently remains undisclosed to later research workers. 

The use of the concept of an ideal plastic solid in metal-defor- 
mation analysis leads to solutions which, at least in some cases, 
are correct to a first approximation. The restriction placed on this 
solid, however, that it should transform from a rigid to a plastic 
material over an infinitesimal region may often be too drastic; 
real metals appear to change their state over a finite elastic-plastic 
transition region. Failure of the theory of plasticity of ideal 
plastic solids to hold is probably due to the neglect of elastic 
strains, requirement of a definite yield condition, absence of work 
hardening, homogeneity, isotropy, and others. While the idealiza- 
tions may not be serious, however, when analyzing deformation 
processes in which appreciable metal volume participates in the 
deformation, it may become entirely unrealistic when analyzing a 
region as minute as a metal-cutting zone. The authors feel, how- 
ever, that treating the metal-cutting zone as an ideal plastic solid 
is valuable and leads to a better understanding of metal-defor- 
mation processes, even though agreement between theory and 
experiment is not always attained. 

The reason for introducing l;, the length of metal deposit on the 
tool face, was to focus attention on the fact that a thin layer of 
metal on the tool face appears to undergo plastic deformation. 
If this is the case, then ordinary concepts of sliding friction are in- 
correct and should be discarded. The fact that 17 at present can- 
not be predicted should not detract from its use in the interpreta- 
tions of the significance of metal-cutting data. 


On the Drilling of Metals 
2—The Torque and Thrust in Drilling 


By M. C. SHAW! ann C. J. OXFORD, JR.? 


The problem of computing the torque and thrust de- 
veloped on a drill is approached from dimensional reason- 
ing and the rules of cutting-force development in two- 
dimensional cutting. The drill quantity equivalent to the 
feed in ordinary machining is found to be the product 
of feed and diameter. General equations are derived for 
drill torque and thrust and found to be in good agreement 
with experimental data obtained by use of a drill dy- 
namometer. The web thickness of the drill is found to 
influence thrust and torque significantly, but the influence 
of helix angle is found to be relatively unimportant. 


INTRODUCTION 


N the design and application of metal-cutting tools it is use- 
I ful to be able to predict the forces which act upon a tool or 
the power required under a given set of operating conditions. 
This can now be accomplished for single-point cutting tools (Fig. 
1) by use of a quantity called the cutting energy per unit volume 
(u) or specific cutting energy, which is expressed in inch pounds 
per cubic inch.* The forces Fp (power component) and Fg (non- 
power component) may be estimated as follows 


where 


b = width of cut measured along cutting edge (depth of cut in 
turning operation) 
t = undeformed chip thickness (feed in turning operation) 
K, = proportionality constant that is usually close to but some- 
what less than unity 


The horsepower consumed at the point of a tool is given by 
FpV 


The usefulness of Equations [2] to [4] depends upon ability to 
estimate the value of u for any given situation. This may be done 
by utilizing the following empirical rules: 


1 The material cut and its hardness are of prime importance, 


1 ~ § Professor of Mechanical Engineering, Massachusetts Institute of 
Technology, Cambridge, Mass. Mem. ASME. 

? Research Engineer, National Twist Drill and Tool Company, 
Rochester, Mich. Mem. ASME. 

3 Sometimes an equivalent quantity k, expressed in terms of the 
rather cumbersome units horsepower per cubic inch per minute, is 
used. The relation between k and u follows 


Contributed by the Research Committee on Metal Processing and 
presented at the Diamond Jubilee Annual Meeting, Chicago, IIl., 
November 13-18, 1955, of THe American Society oF MECHANICAL 
ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, Novem- 
ber 13, 1955. This paper was not preprinted. 


and the values of Table 1 are for specimens of average hardness 
and cutting conditions (feed of 0.010 ipr). 


TABLE 1 VARIATION OF SPECIFIC CUTTING ENERGY WITH 
MATERIAL 


Material 
Aluminum alloys. . 
Unleaded brass. 
Copper 
Cast iron 


Carbon steel 


@ Hp = Brinell hardness. 


2 An increase in the effective rake angle (a@,) causes a decrease 
in u of about 2 per cent per deg change. 

3 A change in feed (¢) causes a change in u in approximately 
the following way 


where subscripts 1 refer to one combination of feed and specific 
energy and subscripts 2 to another. The value of exponent a is 
close to 0.2 for the normal range of feeds. 

4 The cutting speed, depth of cut, and clearance angle have a 
negligible influence on the specific energy. 

5 A decrease in the friction between chip and tool will cause a 
decrease in u. 

6 An increase in the wear land on a cutting tool or other type 
of dulling will usually cause an increase in u, while the presence of 
a built-up edge or crater on the tool face may decrease u by in- 
creasing the effective rake angle of the tool. 

The specific cutting energy is a quantity that is closely akin to 
the Brinell hardness (Hg) of a material, and it is convenient to 
think of u as a cutting hardness value. Both Brinell hardness and 
specific cutting energy are measured in pressure or stress units 
(kg/mm? and psi, respectively). In Table 2 a number of equiva- 
lent quantities that in/iuence both Brinell hardness and specific 
cutting energy are compared. 


TABLE 2 COMPARISON OF BRINELL HARDNESS (Hp) AND 
SPECIFIC CUTTING ENERGY (u) 


Quantity Influence on Hp 
Strength of metal Material and structure im- 


Influence on u 
Material ond structure 
important 
Shape of tool (rake angle) 
important 
Feed important 


portant 
Shape of indenter important 
Size of ball and depth of im- 


ression important 
Friction between ball and 
specimen important 
Roughness of ball important 


Speed of loading relatively 
unimportant 


Friction between chip 
and tool important 
of tool impor- 


Cutting speed relatively 
unimportant 


In spite of the many apparent similarities between Hp and u, it 
is found experimentally that direct proportionality between Hp 
and u holds only over a limited range in metal cutting with a tool 
of given shape in a given class of work materials. However, there 
will be an approximate proportionality between Hg and u over 
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0.05 to 0.09 
0.07 to 0.12 
0.20 
0.35 
0.12 
250... 0.40 
a 
33,000 33,000 
Friction......... 
u Roughness...... 
|| 
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a moderate range of Hp for most classes of work materials. 
Changes in friction properties undoubtedly affect the relationship 
between Hs and wu as well as other more subtle factors applicable 
to each class of work materials. While Hx will be used in the deri- 
vation of equations in this paper, these limitations are recognized 
and the reader must consider them in the application of the equa- 
tions to practical machining problems. 

Although an ordinary twist drill operates in essentially the 
same way as a simple single-point tool, Fig. 1, it is extremely 


Fa 


WwORK 


Fic. 1 Cutting Too. Force Com- 
PONENTS ACTING 


complex geometrically. Analyses of the mechanics of a twist drill 
are to be found in the first paper in this series (1)* and in reference 
(2). From such treatments we might expect the following quanti- 
ties to influence the torque M and thrust 7’ to which a drill is 
subjected in producing a hole: 


Work material and structure 
Drill diameter (d), in. 
Helix angle (0), deg 
web thickness 
cosine (chisel-edge angle) 


Length of chisel edge (c) = 


w 
= cos (120) = 1.15 w, approx 
Point angle (2p), deg 

Number of cutting edges (n) 

Feed (f), ipr 

Cutting fluid 

Drill sharpness 


From the foregoing discussion of cutting-tool forces we should not 
expect the drilling speed (V) in fpm, the drill clearance, or smail 
changes in flute shape to be important. The flute geometry be- 
hind the cutting edge mainly influences the conveyance of chips 
and assumes an important role only when chips tend to jam in the 
flutes. We may thus ignore flute-shape details for a normally 
functioning drill. 

While empirical equations relating torque and thrust with feed 
and drill diameter have been presented in the past [for example, 
see references (3)], a rational analysis of this problem including 
other items such as length of chisel edge, helix angle, and so on, is 
not to be found in the literature. In this paper an attempt will be 
made to arrive at the types of equations that should hold for drill 
torque and thrust by use of dimensional analysis and other tech- 
niques, followed by the presentation of representative experi- 
mental data to evaluate the constants of the resulting equations 
to demonstrate their applicability. 


ANALYsIS FoR TorQuE 
We may begin by performing a dimensional analysis on a drill 


4 Numbers in parentheses refer to the Bibliography at the end of the 
paper. 
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of given geometry drilling a given material. The pertinent varia- 
bles are listed in Table 3 together with their units (F stands for 
force and L for length). All other quantities are considered con- 
stant. 


TABLE 3 DIMENSIONAL ANALYSIS FOR TORQUE 


Quantity Symbol Units 
NS d L 
Length of chisel L 
Mean spacing of imperfections................ 8 L 


All metals contain imperfections which decrease their strength 
from the large theoretical value corresponding to a perfect metal 
lattice to the value actually observed in an engineering structure. 
The quantity s is the mean spacing of imperfections and will be 
discussed later in the paper. 

If all variables of interest are included in Table 3, it follows that 


M = (6) 


where y; represents some function of the variables within brackets, 
By performing a dimensional analysis (4) we arrive at the follow- 
ing expression that is equivalent, although simpler, than Equa- 


tion [6] 


This is as far as we can proceed by conventional dimensional 
analysis. To go further in evaluating the function y. requires 
either additional analysis or experimental data. 

The drilling process can be divided into two parts; i.c., the 
action of the cutting edges and the action of the chisel edge at the 
center of the drill. The cutting edges act in a manner similar to 
the two-dimensional tool of Fig. 1, but the material at the center 
of the drill (cylindrical column of diameter equal the chisel edge 
length, c) is removed by a very complex process. This action at 
the chisel edge may be considered to be in part a cutting operation 
and in part an extrusion operation. When evaluating the total 
torque or thrust on a drill, three components should then be con- 
sidered: 


1 The value associated with the cutting process along the lips 
of the drill. 

2 The value associated with the cutting process at the chisel 
edge. 

3 The value associated with the extrusion process at the chisel 
edge. 
Item 3 will be negligible for drill torque but not for drill thrust 
since the resultant force in the extrusion operation will be directed 
predominantly along the drill axis and the mean radius associated 
with the chisel edge will be small. Thus the total torque on a drill 
may be expressed 


where M, is the torque due to cutting at drill lips and M, is the 
torque due to cutting along the chisel edge. 
The energy per unit volume associated with the drill lips will be 
work along drill lips per revolution 
volume removed per revolution of drill 


27M 


4 — c*) 


or 
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M, | f 1 4 
ds 8 d 
Similarly, the energy per unit volume due to cutting along the 
chisel edge will be 


Combining Equations [8], [10], and [12] 


c \? c \? 


The increase in u with decrease in ¢ that is observed in turning 
(Equation [5]) has been attributed to a size effect with regard to 
flow stress (5). All materials are known to contain flaws which 
lower their flow stress and cause strain to be distributed inhomo- 
geneously in the material. In a previous paper (6) a statistical 
array of imperfections was represented as in Fig. 2 (where s is the 


twee ee 


L-MEAN SPACING, s 


Fic. 2. Two-Dimensionat Cuttina Operation SHow1nG ImPER- 
FECTIONS PRESENT IN WORKPIECE 


mean imperfection spacing) in order to explain the size effect. 
Inasmuch as all materials strain-harden, we should expect the 
stress corresponding to a given strain to increase as the strain 
per shear plane increases (i.e., inversely with the number of active 
shear planes per unit sliding distance in the z-direction of Fig. 2). 
An orthogonal cutting operation such as that shown in Fig. 2 will 
remain two-dimensional as long as the width of cut b > s. For 
a width of work equal to s, the volume of metal cut per unit dis- 
tance in the z-direction will be st and the number of imperfec- 
tions encountered per unit length will be st/s*. The mean 
spacing of active shear planes in the z-direction is the reciprocal 
of this quantity, or 

Mean spacing of active shear planes in two-dimensional cutting 


Now drilling is very much a three-dimensional operation. Just 
as the strain in a two-dimensional cut is related to the ratio 
(length of chip)/(length of cut), (or chip-length ratio), the strain 
in a three-dimensional drilling chip is related to the ratio (angu- 
lar extent of chip)/(angle turned through in cutting). In drilling, 
the angular spacing of active shear planes plays the same role as 
the linear spacing of active shear planes in orthogonal cutting. 
The volume removed in one revolution by a single cutting edge on 
a drill is 
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and hence the number of imperfections encountered per revolu- 
tion is 


Considering a band of width s as in the two-dimensional case, the 
mean number of imperfections per revolution within such a band 
would be 


and hence 
Mean angular spacing of active shear planes in drilling 


a? 
[15 
ay {15} 
This quantity is the counterpart of the mean linear spacing of 
shear planes in two-dimensional cutting, Equation [14]. 
From Equation [14] it is evident that Equation [5] may be 
generalized as follows for two-dimensional cutting 


which reduces to Equation [5] when s; = se. From Equations 
{15] and [16] we should then expect that for drilling 


dz 


If d, and f, correspond to very large values where the size effect 
has become negligible, we may consider uz to be proportional to 
Brinell hardness (or equal to K2Hg where K; is a constant). 
Hence Equation [17] becomes 


It will be shown later that this form is applicable to the gross 
performance of the drill, and it applies directly to the cutting 
which occurs under the chisel edge by replacing d with c. 

However, for the drill lips, a more general form of Equation [15] 
must be used. Since the drill lips cut only between diameters c 
and d, the volume removed by a single drill lip per revolution be- 
comes 


mf 
3 


and the number of imperfections encountered per revolution is 


(at — et) 


Considering a band of width s as before, the mean number of im- 
perfections per revolution within such a band would be 


(= (7) (a — ct) 


2 


d 
4 s? 
CHIP 
(BEY 
t, 
| 
K;Hps™* 
2 
(F4) 
42 or 
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mf(d + ¢) 
4s? 
and hence 
Mean angular spacing of shear planes for drill lips 


s? 
~ +0) [19] 


which reduces to Equation [15] when c = 0. 
Thus for cutting along the drill lips 


K,Hes** 


while for cutting along the chisel edge 
KsHps** 
21 
(fe)* 


Upon substituting these equations into Equation [12] we ob- 
tain 


dite Ke c 
(: + 5) 


which is seen to be in agreement with Equation [7]. If a is as- 
sumed to be 0.2 as it is for orthogonal cutting and s is considered 
constant for a given metal, we have 


d- 


1 


[23] 
d 


This equation will be checked presently against experimental 
data. 


ANALYsIs FoR Dritt Turust 


A dimensional analysis for drill thrust may be similarly per- 
formed. The quantities to be considered in this case are listed in 
Table 4, and the end result of the analysis is given in Equation 
[24]. 


TABLE 4 DIMENSIONAL ANALYSIS FOR THRUST 


Quantity Symbol Units 

Mean spacing of imperfections................ 8 L 

T 
( d ’ d ’ d [ ] 


As mentioned previously the thrust on a drill will consist of 
three components 


where 7’, and 7’, are the thrust due to cutting along lip and chisel 
edge, respectively, and 7’, is the component of thrust due to 
chisel-edge extrusion. The mean power or tangential compo- 
nent of force on the drill lips will be 


M 


Fu = Kad 40) 
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where Kyo is a constant and from Equation [3] 
T, = Fo, KF 


Substituting for M, from Equations [10] and [20] 


) Hoc 7 
(1 +5) 


28] 


K, 
T,= 


Similarly, making use of Equations [12] and [21] 
KiM, KiKs™ 
Kue 8K ul 
It is to be expected that there will be a negligible size effect in the 
extrusion (compression) operation along the chisel edge. This 


means that the extrusion energy per unit volume (u,) may be 
considered constant. Hence 


where Ky. is a constant. 
Combining Equations [25], [28], [29], and [30) 


This equation is seen to be in agreement with the result of the di- 
mensional analysis for drill thrust (Equation [23]). If a is as- 
sumed to be 0.2 as before and s is considered constant, we have 


c 0.8 
Kus Ku (5) 
( + 5) 


EXPERIMENTAL PROGRAM 


In order to test Equations [23] and [32], a series of experiments 
were made by drilling a special high-uniformity SAE 3245 chrome- 
nickel steel heat-treated to 196-207 Bhn. The drills ranged from 
1/,to 1 in. diam. These drills were of standard design and were 
carefully pointed to an included point angle (2p) of 118 deg using 
a standard National Twist Drill & Tool Company. production 
drill-sharpening machine. The difference in height of cutting lips 
was held to less than 0.001 in. TIR. These tests were performed 
in tive National Twist Drill and Tool Company research labora- 
tory on a large gear-feed drill press and the torque and thrust were 
measured on a special dynamometer designed and built at Massa- 
chusetts Institute of Technology. A view of the test setup, in- 
cluding the dynamometer and associated Sanborn recording os- 
cillograph is shown in Fig. 3. 

To obtain repeatable data it was necessary to condition the 
drills by first drilling one or two holes at a high feed (about f = 
0.02 d). Thisremoved any grinding burrs which might remain on 
the drills and give misleading results at low feeds. Each data 


T, = = (30) 
T d c 
d 
M 1.8 c\? 
Cc 2 
+ Ka 
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point is the average of at least two runs with the same drill and 
generally three or more identical drills were run. Thus the 
grand averages for each condition were based upon 6 or more 
holes. All tests were run dry, without coolant, at a peripheral 
surface speed of 20fpm. This speed was low enough to prevent 
measurable wear of the drills during the test. The first run on 
any drill was repeated at the end of the test to make sure that 
there had been no significant change in drill condition during the 
test. All holes were drilled deep enough to obtain steady-state 
values of torque and thrust but not deep enough that chip ejec- 
tion had an influence on either torque or thrust. 

Average web thickness, average w/d ratio, and average c/d 
ratio are given in Table 5. It is evident that the values of c/d for 
these drills can be considered substantially constant and equal to 
0.18. 
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TABLE 5 WEB-THICKNESS AND CHISEL-EDGE-LENGTH DATA 


Average web 


Drill diam, thickness 
in. 


Average.....0. 


EXPERIMENTAL RESULTS AND CORRELATION 


The values of torque and thrust obtained in the individual 
tests along with averages for each drilling condition are given in 
Table 6. The */,-in. size appears twice, since the 1-in. size dats. 
was run later in a different test block from that used for all the 
other sizes. The agreement between the two sets of */;-in. data 
is seen to be good so the 1-in. data can be considered compatible 
with the other sizes. 

If (c/d) is held constant, then Equation [23] will reduce to the 
following expression for a given work material 


M = 


The torque data of Table 6 are shown plotted against feed in Fig. 
4(a) and against drill diameter in Fig. 4(b). The lines drawn 
through the experimental points have slopes of 0.8 and 1.8, re- 
spectively, in accordance with Equation [32] and are seen to fit 
the points very well. 

The degree of correlation between the data of Table 6 and the 
several equations for torque can be shown in a somewhat different 
manner, For a given workpiece material and c/d ratio, Equa- 
tion [13] may be written 


- 


where @ is the effective specific energy for the entire drill. Ac- 
cording to the size-effect discussion for a drill 7 should be a func- 
tion of fd since both Equations [18] and [20] for u, and u; are 
functions of (fd)* when c/d is a constant. In Fig. 5 the quantity 
8M 
i= fa? 


TABLE 6 VALUES OF THRUST AND TORQUE 


Work material, SAE 3245 steel of 196 to 207 Bu; 
Drill diam Feed 
(d), in. (f), ipr 


510 
355 
240 


es sesss sssss 


Torque (M), 


cutting fluid, none; surface speed, 20 fpm; helix angle, 30° + 2°; point angle, 118° 


Thrust (7), lb 
Average 


|__| 
= - 3/8 0.058 0.155 0.179 
— 1/2 0.078 0.156 0.180 
} 3/4 0. 108 0.144 0.166 
1 0.140 0.140 0.161 
8M (34) 
3/4 0.0145 525 550 529 2040 1875 1925 1947 
5/8 0.0145 345 350 350 1550 1525, 1585 1553 
1/2 0.0145 215 224 226 1180 1265 1175 1203 
3/4 382 357 357 362 1600 1437 1450 1496 
5/8 270 257 245 257 1237 1200 1212 1216 
1/2 185 160 165 170 930 925 950 935 
3/8 96 112 91 100 710 720 695 708 
1/4 52 49 49 50 475 450 470 465 
3/4 262 268 265 265 1112 1025 1250 1130 
5/8 196 195 200 197 825 887 950 887 
1/2 127 129 119 125 700 700 725 708 
3/8 78 75 75 76 565 560 545 557 
1/4 40 37 36 38 380 375 385 380 
3/4 187 190 197 191 937 850 950 ° 912 
5/8 137 137 160 144 775 787 775 779 
1/2 90 87 108 95 587 562 575 575 
3/8 63 66 59 63 410 455 430 432 
1/4 31 29 29 30 265 285 305 285 
5/8 122 142 142 136 597 675 675 649 
1/2 65 69 98 77 490 500 455 482 
3/8 42 52 43 46 * 370 370 335 358 
1/4 24 22 21 22 235 235 233 235 
3/8 32 22 33 29 265 252 257 258 
1/4 12 14 13 13 193 168 200 187 
3/4 483 495 — 490 1875 1913 —_ 1895 
3/4 365 365 — 365 1400 1375 -- 1387 
I 0.0192 1100 1125 — 1115 3175 3215 _ 3195 
I 0.0145 875 875 813 855 2415 2250 2375 2350 
I 0.0097 615 = — 615 1900 = = 1900 
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is shown plotted against fd for the data of Table 6. The slope of | which also may be written 
the regression line fitting the experimental points is found to be 
very close to a = —0.2 (the value previously assumed). The M = 0.087 ee a [36] 
small scatter that is evident here supports the fact that, for a drill, d@*Hs "que 


the energy per unit volume is a function of the product of feed 
and diameter and not just the feed alone as for a two-dimensional 
cutting tool. In fact, if @ is plotted against feed only, a single 
curve does not pass through all points but a different line is ob- 
tained for each drill diameter. 

The values of effective energy per unit volume for drilling shown 
in Fig. 5 are found to be very high when compared with values 
for single-point turning. In turning, the value of @ would be be- 
tween 300,000 and 400,000 in-lb per cubic inch for this material, 
whereas, in drilling, values more than twice this high are obtained 
for small drills operated at light feed. 

The equation corresponding to the line in Fig. 5 is 


8M _ 199,000 


if Hg is the mean Brinell hardness expressed in psi (i.e., 1420 times 
Hg in kg/mm?) and all other quantities are also in lb-in. units. 
Equation [35] holds only for drills with c/d = 0.18 when drilling 
steels in a limited range of Brinell hardness as outlined previ- 
ously. From Equation [23] it is evident that the factor 0.087 is a 
function of c/d but this function can be evaluated by considering 
drills of different web thickness, which will be done presently. 

The thrust data of Table 6 can be compared with Equation 
[32] by plotting 7'/d*Hg against f°*/d'-*. This has been done 
in Fig. 6 and the experimental points are seen to be in good agree- 
ment with the straight line. The fact that a single straight line 
is obtained with little scatter when 7'/d*Hg is plotted against 
f°*/d'-* is evidence that these are the correct combinations of 
variables. The equation corresponding to Fig. 6 is 
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a 0.195 aa 0.0022 
where Hz is again expressed in psi and all other quantities are in 
Ib-in. units. From Equation [31] the quantity K,,(c/d)? is seen 
to be 0.0022 in this case. Noting that for all of these tests c/d 
was held constant at 0.18, we may then write 


2 


d'-2 [38] 


The factor 0.195 is a function of c/d as may be seen from Equa- 
tion [31] but this cannot be evaluated without considering drills 
of other ¢/d ratio. 


Wes TuHickNess AND ANGLE 


In order to study the influence of web thickness and helix angle 
on drill torque and thrust, several groups of drills of various web 
thicknesses were prepared. Two of the groups had a helix angle 
of 18° while all the others had helix angles in the 30° + 2° 
standard range. Data on these drills along with values of thrust 
and torque observed at various feeds with these drills are given in 
Table 7. 


Drill 
Drill diam 
sym. (d), in. 


£2 


M 
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These results may be used to determine mean values for con- 
stants Ks, Ky, Ky, and K,; in Equations [23] and [32]. Rearrang- 
ing equations and noting that the value of constant Ky. may be 
taken as 0.068 yields 


respectively, straight lines should be obtained, the slope and inter- 
cept of which will allow mean values of constants Ks, Ky, Ky, and 
Kis to be calculated. Such plots are shown in Fig. 7 and from 
these we obtain the following equations 


= 
° 
M d' d 4 
fos c 
|| 
c 
1+ d 
= Ks] ;) }..... [39] 
c 
(; ) 
a 4 and 
| ( c 
1+— 
T e \? | d'-2 d 
L —— —0,068(—} |— 
L d 
c \-2 
= Ky | 1+ Kul |.....[@) 
d 
d 
c c 
(1+ <) a(e\" (1+ 5) 
pe A - lan 
d ec \? d 1 
d d 
T 
fos 
—— = 0.082 — 
d'-2 [ J 
1 c 
T d c \o8 
c \o-2 d 
d 
\2 
+ 0.068 {| — } ..... [42] 
d 
TABLE7 TORQUE AND THRUST—RESULTS FOR DRILLS OF DIFFERENT WEB THICKNESS AND HELIX ANGLE 
Work material, SAE 3245 steel of 196 to 207 Hp; cutting fluid, none; surface speed, 20 fpm; point angle, 118° 
Helix 
angle, Average —————Torque hrust (T), 
( deg e/d in-lb Ib 
Average Average 
Ps Sree 18 0.153 90 95 101 107 98 585 575 633 613 602 
30 0.180 98 108 100 700 687 637 675 
ETE 18 0.215 110 105 107 — 107 705 740 762 — 736 
ee 30 0.330 119 128 126 _— 124 1150 1075 1025 — 1083 
| Se. 30 0.180 132 124 125 — 127 762 755 767 -— 761 
30 0.330 154 148 154 152 1312 1237 1250 1267 
Binsce See 30 0.180 172 167 180 —_ 173 975 1010 987 — 990 
ise Be 18 0.215 194 198 187 195 194 1125 1225 1150 1125 1156 
ists. mee 30 0.330 209 211 208 215 211 1600 1450 1650 1575 1575 
| ae | 28 0.204 43 42 40 _ 42 385 388 382 _ 385 
| ae 30 0.388 49 48 55 44 44 572 715 585 650 628 
RE 28 0.204 21 22 23 20 22 255 255 225 285 254 
) SPRY, 30 0.388 31 32 31 34 32 380 390 380 410 390 
a 32 0.169 335 330 345 _ 336 1400 1450 1400 _ 1416 
ae... ae 32 0.255 372 335 337 _ 348 1800 1850 1900 — 1850 
Se 32 0.169 495 4380 477 _— 484 1915 1975 1887 _ 1925 
re 32 0.255 525 500 545 _— 523 2450 2350 2550 — 2450 
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Fic. 7 Pots or A aNp B AGarnst FUNCTIONS OF 
e/d 


where all quantities including Hg are expressed in lb-in. units. 

These equations show the partition of torque and thrust be- 
tween the drill lips and the chisel edge. For a drill of standard 
design (c/d = 0.18), only about 14 per cent of the total torque is 
due to the chisel edge. If the web thickness is doubled (c/d = 
0.36), the total torque is increased by about 22 per cent with the 
chisel edge contributing about 38 per cent of the total. While the 
partition of torque is independent of feed, the percentage of thrust 
due to the web increases with decreasing feed owing to the con- 
stant extrusion component. For a '/2-in. drill operating at 0.010 
ipr feed Equation [42] indicates that when c/d = 0.180 the web 
thrust (cutting plus extrusion) is about 51 per cent of the total. 
When the web thickness is doubled, the total thrust is increased 
about 62 per cent with about 77 per cent of the total due to the 
web. 

To check further the division of the thrust, a few exploratory 
tests were run with '/.-in. drills of c/d = 0.180 and c/d = 0.240 
operating at 0.010 ipr in the same SAE 3245 steel used for the 
other tests. Drilling into reamed holes of diameter equal to the 
chisel-edge length and comparing the observed thrust with that 
obtained by drilling solid steel gave an approximate thrust par- 
tition. For c/d = 0.180 this test indicated about 53 per cent of 
the thrust as due to the web while Equation [42] gives a value of 
51 per cent. With c/d = 0.240 the experiment showed a 20 per 
cent thrust increase with 63 per cent of the total due to the web; 
Equation [42] gives values of 18 and 61 per cent, respectively. 
This close agreement further confirms the general correctness of 
the analysis. Further experiments are planned with view toward 
increasing the precision of the coefficients of Equations [41] and 
[42] and toward discovery of the actual load distribution along 
the cutting edges. 

In evaluating the coefficients of Equations [41] and [42] it 
was assumed that changes in drill helix angle between 18 and 30 
deg had negligible influence on torque and thrust. To confirm 
this assumption, three groups of '/2-in. drills with helix angles of 
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18, 32, and 40 deg were prepared. These were actually various 
types of stock drills cut off to yield the same web thickness, which 
in this case gave c/d = 0.245. The drills were operated at a 
peripheral speed of 16 fpm at a feed of 0.008 ipr in the same SAE 
3245 steel used for the previous tests. The results obtained are 
plotted in Fig. 8. Here it is seen that torque and thrust decrease 
slightly with increased helix angle about as follows: 


Thrust: decrease of 0.6 per cent per deg increase in helix angle 
Torque: decrease of 0.4 per cent per deg increase in helix angle 
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or | material, SAE 3245 of Brinell hardness 196-207; 
pm; feed, 0.008 ipr; drill ae ; 


drill speed, 16 


cutting fluid, none; c/d = 


The lines of Fig. 8 should not be extrapolated below 10 or 15 
deg since a few tests of straight-flute drills (helix angle = 0 deg) 
have shown their torque and thrust to be about 20 per cent higher 
than the intercepts of the lines. 

It should not be inferred that drill helix angle is of negligible in- 
fluence. For some work materials and operating conditions the 
helix angle is of prime importance in facilitating removal of chips 
from the hole. If chip-jamming is encountered, both torque 
and thrust rise greatly, usually causing overheating and early drill 
failure. 
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Work MATERIAL 


When tests were run upon a variety of work materials both 
with and without cutting fluids, results were similar to those al- 
ready presented for SAE 3245 steel except when a large built-up 
edge (BUE) was present on the drill lips. Fig. 9 is a torque plot 
similar to Fig. 4(a) for a large variety of workpiece materials 
when drilled with standard '/,-in. drills. A slope of 0.8 for the 
torque-feed curves (M ~ f°) is in good agreement with all data 
except when a large BUE was present as when cutting soft cast- 
aluminum alloys without coolant. The thrust data for these ma- 
terials were also similar to that for SAE 3245 steel except where 
a large BUE was present. 


CONCLUSIONS 


In summary it may be stated that the torque M, and thrust 7’, 
required by a twist drill when drilling most steels having a Brinell 
hardness of less than 250 may be computed from the following 
general equations 


where all dimensions are expressed in lb-in. units. 
For standard drills, c/d can be taken as a constant equal to 
about 0.180 and these equations simplify approximately to 


T 
7 0-199 jaa + 0.0022 


or rearranged to give M and T directly 
M = f**d'* 
T = 0.195Hp + 0.0022Hpd?* 


Equation [43] for torque is in general agreement with those 
presented by other investigators (3). However, their equations 
have related thrust to f%*d°-§, fd, and fd. The first of these 
was obviously derived from the torque equation without regard 
to chisel-edge extrusion. The other two were based upon experi- 
mental observations. If Equation [44] is plotted on log-log paper 
against both feed and diameter it will be found that it can be well 
approximated in the normal range of feeds by an empirical equa- 
tion of the form 


T = Ki = 


Equation [45] can be useful in predicting the performance of 
standard drills under ordinary conditions. 

For materials other than steels of medium hardness, Equations 
[42] and [43] appear to hold in form but the coefficients of the 
terms are different. 

At first glance, Equations [41] and [42] do not appear to be 
dimensionally homogeneous. However, the coefficients 0.082 
and 0.15 are dimensional constants, each being proportional to 
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s*-* where s is the mean spacing of imperfections present in the 
work metal. When 0.082 and 0.15 are replaced by Ki 54 and 
K25°-*, these two equations do become dimensionally homogene- 
ous. 
As a result of the three-dimensional nature of drilling opera- 
tions, the over-all specific cutting energy @ is found to vary with 
the product of feed and diameter, fd, rather than the feed alone as 
in turning. This applies only if the ratio of chisel edge length to 
diameter c/d is constant. A more complex, but generally similar, 
product is involved when c/d is variable. This difference between 
drilling and turning has several important aspects, some of which 
have been discussed here. 

Drill helix angles in the normal range, 15 to 40 deg, have only 
a small influence on torque and thrust so long as no chip-ejection 
difficulties are encountered. 
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Discussion 


M. KronenBerG.’ The formulas presented by the authors for 
torque and thrust in drilling are quoted from an early publication 
of the writer* with the comment that this equation obviously was 
derived from torque equations without regard to chisel-edge ex- 
trusion. They are partly right and partly wrong in their assump- 
tion. It is correct to say that the chisel-edge extrusion was not 
considered in the derivation of the writer’s torque formula and 
that is as it should be, because of the fact that torque is not or 
only very little affected by the extrusion. It is the thrust, rather, 
that is affected thereby. Hence extrusion should not be con- 
sidered. 

They are wrong in their assumption that the formula was de- 
rived from torque equations; it was rather derived from the 
writer’s formula for turning force as presented in the paper quoted 
by the authors.* 

Equation [43] which the authors derive is identical with the 
writer’s formula of about 25 years ago. That formula was 


M = const 
Equation [43] of the paper reads 
M = const f%*d' 


* Consulting Engineer, Cincinnati, Ohio. Mem. ASME. 
* Reference 3(b) of the paper. 
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It may be of interest to readers also to learn of an exchange of 
letters between Prof. O. W. Boston and the writer which took 
place nearly a quarter of a century ago and was concerned with 
just these problems of torque and thrust in drilling. Prof. 0. W. 
Boston’s letter is as follows: 

“Subject: Your paper ‘Drilling Investigations and How to Put 
Them Into Practice’ 

“Some time ago the ASME referred to me the above paper for 
review. You had previously told me that you had sent it into the 
Society and I understand it has been reviewed by Mr. Spencer, the 
present chairman of the Metal Cutting Committee, as well as 
Editors of American Machinist, Machinery, and Automotive In- 
dustries, 

“T have enjoyed looking through the paper and . . . am pleased 
with your investigations and how they agree with my own practical 
experiments. I found some steels to give f° exactly, but others 
fall below, so for steels I took an average of f”8, In extensive 
planing and turning tests, I also have found f° to hold remarka- 
bly well. For SAE 3150 steel I find f°-”* but for cold-roiled steel I 
find f°", Thisis brought out in a paper I have just submitted for 
the annual meeting in Buffalo of the American Society for Steel 
Treating. . . 

“T have also a paper before the ASME dealing with ‘Perform- 
ance of Cutting Fluids When Cutting Various Metals.’ This 
deals with drilling and for the steels f°-”8 is constantly maintained. 
For other metals it is different.” 

Since the difference between an exponent of 0.803 and 0.78 is 
practically very small, we may say that the authors’ later research 
supported the writer’s earlier formula very well. 

It will be recalled that there were a number of other investiga- 
tors who took the trouble of deriving formulas for torque and 
thrust in drilling. Some of these data will be mentioned. 

There is Poliakoff, who derived the following formulas in 1909: 
Torque in steel with a feed exponent of 0.7 and a diameter ex- 
ponent of 1.8; the same in cast iron. Kurrein-Schlesinger derive 
a formula with an exponent of 0.84 for the feed and an exponent 
of 1.48 for the diameter when drilling steel. In the writer’s opin- 
ion the exponent for the diameter is too small in this latter 
formula. There is also a publication by Stoewer who ran tests 
on cast iron and presented data from which the writer concludes 
that they are proportional to an increase with 0.83 power of the 
feed and a 2.15 power of the diameter. 

The significance of exponents like these lies in the fact that 
they give information about the change in torque and thrust with 
changing diameter of the drill and changing feed. As an example, 
with exponents 0.8 for feed and 1.8 for diameter, the torque 
increases 74 per cent when the feed is doubled and 250 per cent 
when the diameter is doubled. The thrust, however, for which 
the two exponents are more nearly equal is much less affected by 
a change in diameter of the drill than the torque, namely, about 75 
to 80 per cent as it is when the feed is doubled. The difference in 
per cent change is small when comparing Boston’s formula, 
Kronenberg’s formula, and the authors’ formulas even though 
the percentages change also with the materials drilled. 


TRANSACTIONS OF THE ASME 


It is therefore not obvious that new results are obtained from 
the formulas presented by the authors and we may ask whether 
there is some merit in the paper. And there is merit! 

The merit lies in the application of dimensional analysis to 
drilling operations. Although dimensional analysis has been 
applied with great success to turning operations as far back as 
1939, it is the first time that this convenient method has been 
used for drilling research. The authors succeeded in this way to 
prove the dimensional correctness of our earlier formulas. Hence 
we may say that the exponents 1.8 and 0.8 in the torque formulas 
for steel are correct, and correspondingly, our earlier formulas for 
cast iron as well. 

The writer wishes to offer two suggestions for possible further 
research in this field. One is concerned with the term or concept 
of “energy per unit volume, u’’ used by the authors and others. 
It is suggested that this term be replaced by the term “unit 
cutting foree’’ with which it is identical. The concept of 
unit cutting force is better understood by the tool engineer and 
the men in the shop than the term “energy per unit volume.” It 
is also easier to relate it to stress data. 

The second suggestion is concerned with another check or step 
in the direction of dimensional analysis. The authors would add 
to the merit of their paper by an investigation into the problem 
whether or not the resultant cutting force may be assumed to act 
at half the radius of the drill. This is the writer’s conclusion from 
their dimensional analysis, based on the formula 


It can be shown that this formula holds when the resultant cut- 
ting force acts at half the radius of the drill. It seems, however, 
possible that the force distribution along the cutting edge is dif- 
ferent (as Oxford has shown in his chip photos). In this case we 
would have to revise our torque formulas slightly; namely, in- 
crease the exponent of the diameter to about 2 and reduce that of 
the feed to about 0.65. 

As may be concluded from the writer’s comments, he considers 
the paper a thought-provoking contribution to our metal-cutting 
science and wishes to commend the authors for their effort. 


AvutHors’ CLosuRE 


The authors are indebted to Dr. Kronenberg for his interesting 
discussion of the origin of his equation and those of other earlier 
workers. 

The resultant torque force need not act at the midpoint of the 
radius of a drill and in general it will not. It would follow from 
the torque expression given by Dr. Kronenberg that the resultant 
force would act at the midpoint of the radius if u were a material 
constant independent of drill diameter. However, in this equa- 
tion u should really be written @ as defined by Equation [34], 
where it is evident that in addition to drill diameter and feed, dis a 
function of the material hardness and the ratio (c/d). 


Influence of Grinding Fluids Upon Residual 
Stresses in Hardened Steel 


By H. R. LETNER,? PITTSBURGH, PA. 


Grinding fluids perform functions which might be ex- 
pected to affect the residual surface stresses resulting from 
a grinding operation. Stresses were analyzed in bars of 
hardened ball-bearing steel, surface ground in the presence 
of thirteen different fluids. The results suggest that the 
effectiveness of a fluid in minimizing residual grinding 
stresses depends not so much upon its capacity for remov- 
ing heat from the surface as upon its ability to reduce fric- 
tional forces between the wheel and the work. 


INTRODUCTION 


AGNER (1)* has pointed out that two of the most im- 

portant functions of a grinding fluid are cooling and 

lubrication. Cooling protects the abrasive wheel 
against softening of the bond and against fracture by thermal 
stresses. It also minimizes dimensional variation of the work- 
piece caused by thermal expansion and contraction, thereby 
stabilizing the depth of cut. Lubrication reduces loading of the 
wheel face, glazing of abrasive points, and friction between the 
wheel and the work. Since either of these functions may con- 
ceivably have a bearing upon plastic deformation of a surface by 
grinding, it would not be surprising to find that residual stresses 
induced by grinding are influenced by the fluid employed. An 
indication of such behavior was presented in a previous publica- 
tion (2), in which it was pointed out that, for certain grinding 
conditions, the stress distributions obtained by using an oil-water 
emulsion, a straight grinding oil, and air (dry grinding) differed 
significantly from each other. 

The present paper describes experiments in which air, two con- 
centrations of rust inhibitor in water, six water-miscible oils (fre- 
quently called soluble oils), and four straight grinding oils were 
employed to investigate further the effect of the grinding fluid 
upon residual stresses induced in hardened steel by surface grind- 
ing. The investigation was confined to steel specimens of a single 
composition and heat-treatment, ground under identical condi- 
tions, except as influenced by the fluid. It comprises one phase of 
a broader study to determine the effect of grinding conditions 
upon residual stresses and fatigue life. 


EXPERIMENTAL PROCEDURE 


Specimens. The steel was from the same heat as that used in 
experiments reported previously (2). It was a ball-bearing type, 
similar to AISI 52100, having the following percentage com- 


1A contribution from the L. Leslie Byers Memorial Fellowship 
sustained at Mellon Institute by the Grinding Wheel Institute and the 
Abrasive Grain Association. 

? Senior Fellow, Mellon Institute. 

5 Numbers in parentheses refer to the Bibliography at the end of the 


paper. 
Contributed by the Research Committee on Metal Processing and 
presented at the Diamond Jubilee Annual Meeting, Chicago, IIl., 
November 13-18, 1955, of Tue American Society or MECHANICAL 
ENGINEERS. 
Norte: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 


the Society. Manuscript received at ASME Headquarters, Septem- 
ber 2, 1955. Paper No. 55—A-123. 


position: 1.01 C, 1.25 Cr, 0.27 Mn, 0.19 V, 0.37 Si, 0.011 8, 0.011 

P, and the remainder Fe. Flat fatigue bars, 0.160 in. thick and- 
having lateral dimensions indicated by the solid line in Fig. 1, 

were annealed 4 hrat 1000 to 1100 F between heavy flat steel 
plates, austenitized 15 min at 1550 F in a salt bath, quenched in 

oil, and tempered 2 hr at 450 F. Since, at this stage, the bars 

were warped too badly to permit uniform removal of 0.010 in. 

from each side so as to get rid of the major heat-treating stresses, 

they were reannealed for 2 hr at 1250 F and again for 2 hr at 1300 
F between the steel plates; they were then austenitized, quenched, 

and tempered as before to a final hardness of Re 59. 


53 


Fie. 1 Diacram or Test Bar SHow1ne Positions A anp C From 
Wuicu Specimens For Stress MEASUREMENTS Were Cut 
(Position B refers to another group of experiments not included in this paper.) 


Heat-treatment was followed by carefully grinding approxi- 
mately 0.010 in. from each side to remove metal containing the 
highest heat-treating stresses. Since the test grinding subse- 
quently removed an additional 0.010 in. from each side, the only 
heat-treating stresses which could possibly affect the stress 
analyses were those which existed 0.020 in. or more below the 
original surface of the bar. A previous determination of the heat- 
treating stresses in a similarly heat-treated bar indicated that they 
were not significant at these depths. It was also found in an 
earlier experiment that the stresses resulting from grinding the 
bars to an intermediate thickness of 0.140 in. did not penetrate 
deeply enough to influence those caused by the test grinding (2). 

Grinding Tests. Cross-feed grinding was employed in the tests 
using an 8-in. X 0.75-in. X 1.25-in., medium grade and structure 
wheel, containing 46-grit white fused aluminum-oxide abrasive 
in a vitrified bond (38A46—J8VBE), mounted on a horizontal 
spindle reciprocating-table type of surface grinder. During the 
course of the experiments, the wheel diameter decreased from 
8.00 in. to 7.76 in., but there is no reason to believe that this 
change in diameter was sufficient to have any appreciable effect 
upon the results. The peripheral speed of the wheel, regardless 
of diameter, was 6000 fpm, traverse speed 60 fpm, cross-feed 
0.050 in. per traverse and unit downfeed 0.001 in. per complete 
cross-feed. The total downfeed on each side of the bars was 
0.010 in. The wheel was dressed before grinding each surface, 
using a 0.001-in. downfeed and a moderately rapid cross-feed of 
the diamond, such’as might normally be employed for rapid stock 
removal, 

The grinding fluids were fed to the periphery of the wheel in the 
conventional manner, the flow being sufficient to cover the work 
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TABLE 1 KEY TO GRINDING FLUIDS* 
Rust 


Code Description Appearance 
Commercial type, containing Transparent 
about 40 per cent NaNO: by weight in 


original concentrated solution 


Pp, 
rer 


Sulphonates, Other 
Mineral naphthenates, Fatty organic 
Code oil soaps materials materials Water Appearance? 
B....18 25 0 5 52 Transparent 
es 20 0 23 54 Translucent 
D....65 22 4 9 Milky 
E....40 38 6 s 8 Transparent 
24 0 3 3 ilky 
gs 26 0 0 8 Milky 
Grinpine Ors 
Code Description 
i iiwk bo Mineral oil with very high Cl content, about 12 per cent by 
+ no 8; about 13 per cent fatty material; 200 sec 
mineral oil with very high content of sul- 
phochlorinated fats; about mod cent 8; 190 sec SUV 
Pere ery Mineral oil with sulphochlorinated fats; about 1.5 per cent 
; 190 sec SUV 
ee er oil with high fat content; no S or Cl; 300 sec 


* Information furnished by Dr. L. P. Tarasov, Norton Gomaney- 

> Refers to fresh mixtures of the concentrations used: 0.5 and 10 per cent 
for the rust inhibitor; 2.5 per cent for the soluble oils. The transparent and 
t i t Isi of ble oils also b milky after use in the grind- 


ing operation. 


surface. A description of the fluids tested, together with the code 
designation of each, is given in Table 1. 

Measurement of Stresses. Stresses were measured by the deflec- 
tion method described previously (2). The specimens were 2.0- 
in. squares carefully parted from the 0.120-in-thick bars with an 
abrasive cut-off wheel. All the stress distributions were deter- 
mined on specimens cut from position A, Fig. 1, except those for 
the top surfaces of Nos. 528 and 567 and both surfaces of No. 494, 
which were cut from position C. Curvatures parallel and perpen- 
dicular to the grinding direction were measured as successive uni- 
form layers were etched from the ground surface in 10 per cent 
solutions of nitric acid in ethy] alcohol and water. The principal 
stresses, which are oriented parallel and perpendicular to the grind- 
ing direction in planes parallel to the surface (4), were calculated 
from 


E dC\(w) dC{w) 
— vp?) {ue[ dw dw | 


+ 4w[Ci(w) + vC{w)] — wolCi(wo) + vCxXwo)] 


and from a similar equation, with subscripts 1 and 2 interchanged, 
for o2'(w). In Equation [1], wo is the initial thickness and w is 
the instantaneous thickness of the specimen as successive layers 
are removed; C, and C; are the curvatures in the principal direc- 
tions corresponding to 0,’ and o;’, respectively; E is Young’s 
modulus, v is Poisson’s ratio, and z is a co-ordinate parallel to the 
thickness of the specimen. 


REsuULTS 


In Figs. 2 to 4, o;’ and o;’ are the principal stresses parallel and 
perpendicular to the direction of abrasive travel, respectively. 
Positive values represent tension and negative values compres- 
sion. Although the specimens were 0.120 in. thick, only the 
0.010 in. adjacent to each surface is included in the graphs. 
The stress distributions begin at a depth of 0.00005 in. because of 
the difficulty in accurately determining the stresses in some of the 
specimens at shallower depths. An indication of the reproducibil- 
ity of grinding conditions in separate grinding tests, from the 
standpoint of stress generation, can be obtained by comparing the 
curves for the top and bottom surfaces of the same bar. 

Fig. 2 compares dry grinding (air) with two concentrations of a 
nitrite rust inhibitor in water. The 0.5 per cent concentration is 
one frequently used simply to prevent rusting of the work and the 
machine; the 10 per cent concentration has been found to be 
effective as a chemical grinding aid for certain low-grindability 
metals, such as titanium (3), and was tried as a potentially dif- 
ferent type of fluid, even though the high concentration is not 
known to have any beneficial effect when grinding the steel from 
which the bars were made. It is noteworthy that the magnitude 
and depth of penetration of the stresses in bar No. 393, ground 
dry, and in bar No. 401, ground in the presence of the 0.5 per cent 
rust-inhibitor solution, are essentially the same. The maximum 
tensile stresses in bar No. 400, ground in the 10 per cent inhibitor 
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—2 [C\(z) + vCXz)] 
centage composition w 


JANUARY, 1957 


BAR NO 397 


25% SOLUBLE On B 


BOTTOM 
SURFACE 


STRESS (1000 


25% SOLUBLE On E 


DEPTH 
(0.00! IN.) 


BOTTOM 
SURFACE 


25% SOLUBLE On C 


25% SOLUBLE Ou F 


BAR NO 460 


25% SOLUBE On D 


Psi) 


25% SO 


40 80 (20 
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solution, are slightly higher and the stressed layer extends a little 
deeper into the surface. 

The results for the soluble oils are shown in Fig. 3. All the dis- 
tributions in this group exhibit either compressive or low tensile 
stresses 0.00005 in. below the surface, and there is no indication of 
more tensile stresses at shallower depths. The peak tensile 
stresses generated with the soluble oils are as high as, or higher 
than those obtained with the 10 per cent rust-inhibitor solution, 
bar No. 400, Fig. 2. One exception is the upper surface of bar 
No. 404, Fig. 3. The peak stresses are particularly high in the 
bottom surfaces of Nos. 397 and 460, Fig. 3, where o;’ reaches 
150,000 psi. ° 

The distributions obtained with the straight grinding oils are 
shown in Fig. 4. In every case both o;’and a2’ are compressive at a 
depth of 0.00005 in., with every indication of becoming even more 
compressive closer to the surface. In contrast with the soluble 
oils, there are significant differences in the stresses generated with 
different straight oils. The maximum tensile stresses in bar No. 


567 dc »0t exceed 60,000 psi, whereas in Nos. 528 and 577 they are 
in the neighborhood of 120,000 psi. Although the peak stresses in 
No. 593 are bigher than in No. 567, they are significantly less than 
those in Nos, 528 and 577. The compressive stresses close to the 
surfaces in all four bars are very sizable. For example, at a depth 
of 0.00005 in. in bar No. 567, o;' and o,’ are approximately 
—80,000 and —140,000 psi, respectively. Except for the more 
pronounced compressive stresses near the surface, the distribu- 
tions for Nos. 528 and 577 closely resemble those for the soluble 
oils and the 10 per cent rust inhibitor. 


Discussion oF RESULTS 


Stresswise, water solutions of rust inhibitor or soluble oil have 
little advantage over dry grinding for the wheel, feeds, and speeds 
tested. It cannot be overlooked, however, that such solutions 
minimize local temperature variations which, because of thermal 
expansion of the workpiece, result in varying depths of cut. The 
latter can, of course, influence the stresses appreciably (2, 4, 5, 6). 
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On the other hand, it must be remembered that no more care was 
given to the grinding of bar No. 393 (Fig. 2) than to the bars 
ground in the presence of liquids. Nor should it be overlooked 
that air is itself an effective grinding fluid, as the experiments of 
Outwater and Shaw have demonstrated (7). The 2.5 per cent 
emulsions of soluble oils appear to reduce the tendency for the 
stress distributions to level off or turn upward close to the surface. 
It should be mentioned, however, that the experimental data show 
that the stresses at the surface in Nos. 393 and 401 (Fig. 2) are no 
higher, and perhaps are lower, than at a depth of 0.00005 in., where 
the curves begin. 

The influence of a straight oil upon grinding stresses appears to 
depend upon the individual oil, but all four straight oils employed 
in the tests resulted in substantial compressive stresses at the 
surface of the bars, Fig. 4. Judged by the magnitude of the 
peak tensile stresses, oils I and K, in that order, gave what ap- 
pear to be the most desirable stress distributions. The reason 
for the presumably beneficial effect of these oils is not apparent 
from the information contained in Table1l. This situation points 
up the need for further research to determine whether or not such 
behavior correlates with the chemistry of the oils or their physical 
properties, other than viscosity. There is also a need, of course, 
to extend the investigation to other grinding conditions and other 
work materials, 

The fact that stresses obtained with essentially pure water 
(0.5 per cent rust inhibitor) are substantially the same as those 
resulting from dry grinding indicates that the heat capacity of 
the fluid has little effect upon the stresses. Grinding stresses are 
the result of mechanical and thermal stresses in the workpiece 
associated with the removal of chips by the abrasive. If the bene- 
fit derived from a grinding fluid, such as oil I, is due to a reduction 
in the thermal component, it must come from reducing the 
amount of heat generated rather than carrying it away later. 
This view is consistent with the observation of Bowden and Tabor 
(8), based upon single-point machining experiments by Bowden 
and Priddle, that an appropriate gaseous atmosphere, incapable of 
any appreciable cooling action in the sense of carrying heat away 
from the cutting zone, can reduce friction and improve surface 
finish to a degree comparable with the most effective liquids. 
In metals, at least, the workpiece apparently absorbs the surface 
heat so rapidly that any subsequent cooling by the fluid is of 
minor importance. 

ConcLUSIONS 

Although the wheel, feeds, speeds, and work material used are 

typical of conditions to be found in commercial practice, no claim 


of generality beyond the scope of the present experiments is 
made for the following conclusions: 


1 Stresses obtained with water solutions of rust inhibiter or 
miscible oils differ very little from those resulting from dry grind- 


ing. 

2 Some reduction in magnitude of the peak tensile stresses is 
indicated by certain straight grinding oils. 

3 Straight grinding oils are conducive to high compressive 
stresses very close to the surface. 

4 The effectiveness of a grinding fluid, in so far as residual 
stresses are concerned, depends upon its ability to reduce thermal 
and mechanical stresses during chip formation rather than upon its 
ability to carry heat away from the cutting zone after it has been 
generated; that is, in terms of the generally recognized functions 
of grinding fluids, lubrication is more important than cooling. 
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earlier publications on induced stresses during grinding, and 
reports some important effects of grinding fluid on the condition 
of the workpiece. The data suggest that the lubricating prop- 
erties of the fluid are more important than its cooling ability in 
reducing induced stresses. It should be noted that the lubricat- 
ing action of a cutting fluid results through a chemical reaction 
rather than by a hydrodynamic mechanism’; thus a chemically 
suitable water-base fluid should be as effective in reducing grind- 
ing stresses as the grinding oils. Such a fluid also would provide 
the cooling pointed out by the author as one of the advantages of 
the water-base fluids. 

In practice, the role of a coolant or a lubricant in reducing 
grinding stresses may be by the same mechanism, the reduction 
of surface temperature. The coolant does this by transfer of 
heat from the grinding zone, while the lubricant accomplishes 
the same effect by reducing the rate of heat generation. Veri- 
fication of such action by obtaining dynamometric data would 
enhance the author’s conclusions. 


5 ‘*Fundamentals of Cutting Fluid Action,’’ by M. E. Merchant, 
Lubrication Engineering, vol. 6, August, 1950, pp. 163-167, 181. 


AutuHor’s CLosURE 


The potentialities of water-base fluids pointed out by Mr. 
Backer have also been discussed recently by Ackerman and 
Anderson.’ Whatever the mechanism by which a fluid influences 
residual grinding stresses, the possibility that water-base ma- 
terials might be developed which have properties equal or superior 
to the most effective straight oils is attractive. The fact that 
none of the water-base materials used in the experiments de- 
scribed in the paper was appreciably more effective than air in- 
dicates that materials possessing superior properties are not pre- 
dominant among those presently available commercially. 

Measurement of the forces between the wheel and the work- 
piece during grinding would have shown, for example, whether 
the frictional forces were actually less for oils I and K than for the 
other fluids, thereby substantiating or disproving the contention 
that the reduction in residual tensile stresses obtained with these 
oils was actually due to generation of less frictional heat. Un- 
fortunately, no data of this kind were obtained. 


*“Chemical Machining and Grinding Fluids,"’ by A. W. Acker- 
man and F. E. Anderson, Preprint No. AM6C-2, American Society 
of Lubrication Engineers, April, 1956. 
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Residual Stresses in Cold 
Extruded Aluminum 


By J. FRISCH? anv E. G. THOMSEN,’ BERKELEY, CALIF. 


A 1.5-in-diam cylindrical bar was extruded at room 
temperature from an 1100-0 (2S-O) aluminum 4.3-in- 
diam billet. Residual compressive stresses in the longi- 
tudinal direction were found to exist on the surface of 
the extruded bar. These stresses, as determined from the 
axially relaxed stresses in the billet during extruding, were 
found to be in qualitative agreement with the experi- 
mentally determined residual stresses as found by Sachs’ 
boring-out method. The severeness of work hardening at 
the edge of the die, found from the hardness pattern on 
the sectioned partially extruded billet, was in close agree- 
ment with the distribution of natural strains obtained 
under the same conditions of extrusion. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


L extrusion load, lb 
z axial distance measured upstream from orifice or 
die, in. 
en effective natural strain 
hy measured axial elastic strain, in/in. 
€,' measured tangential elastic strain, in/in. 
o,, 0,, 07 = true normal stress components on z, r, and 6- 
planes, psi 
residual stress components on z, r, and 6-planes, 
i.e., axial, radial, and tangential residual stresses, 
psi 
outside radius of extruded bar, in. 
radius of hole bored in extruded-bar specimen, 
also radial position of any particle in billet, in. 
Poisson’s ratio 
modulus of elasticity, psi 
+ ve,’ 
vee’ 


INTRODUCTION 


During the essentially frictionless indirect extrusion of 1100-0 
(28-0) aluminum at room temperature it was reported (1)* that 
the effective strain rates and effective natural strains are highest 
at the corner of the die and therefore the extruded bar should con- 
tain a nonuniform distribution of work-hardening and residual 
stresses. It was therefore of interest to investigate the feasibility 


1The investigation presented in this paper was carried out with 
funds made available by the National Science Foundation under Re- 
search Grant G-1002. 

? Assistant Professor of Engineering Design, University of Cali- 
fornia. Assoc. Mem. ASME. 

3 Professor of Mechanical Engineering, University of California. 
Mem. ASME. 

4 Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Research Committee on Metal Processing and 
presented at the Diamond Jubilee Annual Meeting, Chicago, IIl., 
November 13-18, 1955, of Tae American Society or MECHANICAL 
ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 

_ understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, June 29, 
1955. Paper No. 55—A-27. 


of determining the residual stresses in the extruded bar from the 
stress conditions in the billet near the orifice and to compare 
them with the residual stresses measured in the laboratory. 
Hence the purpose of this paper is to make this comparison and 
to strengthen confidence in the method used earlier in determin- 
ing stresses in a plastically moving metal. 


THEORY AND EXPERIMENT 


The specimens for residual-stress measurements were 1.5-in- 
diam cylindrical bars which were obtained by indirectly extruding 
at room temperature 1100-0 aluminum billets, 4.3 in. diam and 
5.5. in. high. The total reduction in billet height was 3.155 in. 
and only the lower portion of the extruded bar corresponding to 
steady-state flow conditions was used for the residual-stress 
measurements, The stepwise indirect extrusion process took 
place in a 4,000,000-lb tensile-testing machine at a rate of 0.12 ipm 
of billet reduction. After 3.0 in. of billet reduction had occurred, 
the extrusion load seemed to reach a constant value of 1,300,000 
Ib, as shown in Fig. 1. 

Upon completion of the extrusion process and after separation 
of the extruded bar, the remaining portion of the billet was split 
along its meridian plane and a series of hardness readings (Rock- 
well H, '/s-in-diam ball at 60 kg) was obtained on that surface. 
The readings together with constant-hardness lines are shown 
in Fig.2. The degree of work hardening near the die entrance is 
also shown in Fig. 3 by means of trajectories representing the 
effective natural strains é, under steady-state condition. 

For computation of the residual stresses in the extruded bar it 
is desirable to know the state of stress in the billet at or near the 
die opening. The analysis of the axial-stress distribution in the 
billet yielded a series of curves for various sections in the billet at 
distances from z = 0.2 in. toz = 1.8 in. upstream from the sharp- 
edged die. The curve nearest the orifice at z = 0.2 in. represent- 
ing the calculated axial-stress distribution across the billet was 
selected for determining the residual stresses and is shown in Fig. 
4. The values for the 4.3-in-diam billet were obtained from 
the extrusion load by means of the equation 


2.15 
L= an o,rdr 


The part of the curve representing the axial stress directly 
underneath the die opening at z = 0.2 in. is assumed to represent 
the stateof stress in the 1.5-in-diam extruded bar before relaxation. 
As the material leaves the sharp-edged die the relaxation of the 
stresses can be expressed by 


0.75 


The stress values thus obtained are assumed to be the axial resid- 
ual stresses o,’ in the bar. Both the axial stresses in the billet 
and the residual stresses in the bar calculated from them are 
shown in Fig. 5, the latter indicating compressive residual stresses 
on the surface. 

For the experimental determination of the residual stresses in 
the extruded bar the Sachs’ boring-out method (2, 3) was selected 
using electric-resistance strain gages in a manner similar to their 
successful application by other investigators (4, 5). The use of 
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the method, described later, consists essentially of removing suc- 
cessive layers of material from the interior of a cylindrical bar and 
measuring the change in axial and tangential strain e€,’ and €9’ on 
the surface of the specimen. The equations for the axial, radial, 
and tangential residual stresses and in terms of the 
radius of the extruded bar R and the radius r of the bored hole 
were shown (6) to be 


1— vy? 2r dr \ 
E R? — r? 


For the purpose of finding the residual stresses in the 1.5-in- 
diam extruded bar as obtained during steady-state extrusion, the 
bar was cut into 3-in-long specimens. A length-diameter ratio of 
2 was considered sufficient to eliminate end conditions. The A-7, 
SR-4 wire-resistance strain gages were mounted at 90-deg intervals | 
on the surface of the bar for axial and tangential strain measure- 
ments, which were recorded on an SR-4 strain indicator. The re- 
moval of successive layers of material in the specimens was done 
in a boring fixture, shown in Fig.8, which was mounted on the table 
of an upright precision drill press. The tightness of the bolts 
necessary to prevent the specimens from slipping and to avoid 
inducing large stresses was controlled by means of a torque 
wrench calibrated in in-lb. Initially the specimens were 
drilled with helical twist drills in '/g-in. increments until a '/,- 
in-diam hole, just large enough to permit entrance of the boring 
bar, had been obtained. The subsequent removal of metal layers 
was done in steps of approximately 0.020 in. of radial increment. 
The coolant, which was liberally applied during the drilling and 
boring operations to avoid temperature stresses, was Lusol® in 
water (1:50) solution. After each boring step the fixture was 
unclamped and strain readings were obtained; the boring opera- 
tion was continued until 92 per cent of the metal volume had been 
removed. The thin-walled tube, thus obtained, was slit longi- 
tudinally for complete relaxation of the stresses. Some difficulty 
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in strain recording was encountered during the final steps of the 
boring operation which was attributed to the extreme thinness 
of the soft-aluminum tube. However, consideration of the 
equilibrium condition for internal forees, which will be discussed 
later, permitted extrapolation of the residual-stress pattern to the 
surface and axis of the extruded bar. 
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sion of the bar from the solid billet was carried out in steps to per- 
mit relubrication between steps and hence insure the essential 
elimination of external friction. The additional points, pre- 
viously obtained (1) from a billet of another heat under extrusion 
speeds of 0.045 to 0.24 ipm of billet reduction, further verify the 
conclusion that the load is not influenced by extrusion speed. It 
can also be seen that the extrusion load approaches constancy 


Fig. 1 shows the loading curve of the extrusion process for ob- ' slightly in excess of 1,300,000 Ib, after the billet height had been 


taining specimens for residual-stress measurements. The extru- 


reduced by approximately 3 in. This condition was not verified 
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experimentally in previous tests (1) because of limited billet 
length. However, the use of the initially longer billet in the cur- 
rent test series enabled the authors to approach a steady-state 
load. 

The degree of work hardening and severity of plastic deforma- 
tion of the metal near the die entrance is appreciably greater 
than that in the center of the billet. This has been shown in Fig. 
2 by means of a series of Rockwell-H hardness readings across the 
meridian plane of the extruded billet from which lines of constant 
hardness have been plotted on the right side of the figure. A com- 
parison of these curves with the trajectories of constant natural 
strain shown in Fig. 3, which are proportional to the plastic work 
imparted to the metal if the flow stress is assumed to be constant, 
reveals a close correlation. This further demonstrates the fact 
that the extruded bar has been more severely work-hardened on 
its surface than in the interior. 

The calculated stresses in the billet at a distance of 0.2 in. up- 
stream from the die opening are shown in Fig.4. They have been 
used for determining the residual stresses in the extruded bar 
under the assumption that there is no change in axial stress dis- 
tribution as the metal directly below the orifice, i.e., 0.2 in. 
from the die, moves out into the bar. Therefore that part of the 
curve representing the stress over a 1.5-in-diam section has been 
replotted and is shown in Fig. 5. As the material leaves the die, 
the axial force on the extruded bar reduces to zero and Equation 
[2] can be used to calculate residual stresses remaining in the bar. 
Those stresses are shown by the upper curve in Fig. 5. It can be 
noted that these residual stresses are compressive on the surface 
of the extruded bar and of a magnitude of 29,000 psi. Since it 
must be assumed that afterflow as well as further work hardening 
of the metal, while passing through the sharp-edged die, would 
modify the axial-stress distribution, it may be expected that only 
qualitative agreement will exist between the relaxed stresses in 
the billet and the actual residual stresses in the bar. 

The experimental stress distribution across a transverse section, 
i.e., axial, radial, and tangential, as determined in the extruded 
bar by use of the Sachs’ boring-out technique are shown in Fig. 6. 
These stress distributions represent average values of two inde- 
pendent stress determinations obtained from specimens which 
were cut from the same bar. It should be noted that the axial- 
stress distribution was not readily determinable at the axis of the 


bar and its surface; hence the axial-stress curve was extrapolated 


under the usual assumption of zero axial force as follows: Since 


there are no external forces acting on the extruded bar, the axial 
forces over a cross-sectional area must be in equilibrium. For 
both the measured residual stresses and those calculated from the 
billet stresses such an equilibrium check was made. For each of 
the curves in Fig. 7, the positive and negative stresses were multi- 
plied by the area of the annular ring on which they act, thus ob- 
taining the positive and negative forces in the bar. In the case of 
the derived stresses the summation of the forces as well as their 
moments was found to be zero, thereby establishing equilibrium 
conditions. In the case of the measured stresses such an equi- 
librium check was used to correctly extrapolate the residual 
stresses to the axis and surface of the extrusion. 

In order to make a direct comparison of the residual axial-stress 
distribution obtained by the two methods described, the stresses 
are shown plotted in Fig. 7. It is at once evident that the agree- 
ment is only qualitative, as was to be expected, but that both 
evaluations show axial compressive stresses on the surface of the 
bar and tensile stresses on its axis. 


CONCLUSIONS 


1 The existence of residual compressive stresses on the surface 
of a bar extruded from 1100-0 aluminum was determined. 

2 If the axial stresses in the billet during extruding are 
known, the residual-stress distribution in the extrusion can be 
predicted; however, the actual residual stresses appear to be lower 
as a result of partial relaxation and complexity of metal flow just 
upstream from the die. 

3 The nonuniform work hardening of the 1.5-in-diam ex- 
truded bar, as determined from the state of natural strain and the 
hardness distribution in the billet during extruding, was shown. 

4 The stepwise extrusion of a longer 4,3-in-diam billet at a 
speed different from those previously reported further verifies the 
earlier conclusions that, within limits of the speeds tested, the 
load was not influenced by extrusion speeds or discontinuous load- 
ing and that almost constant loads are reached after 3 in. of billet 
reduction, regardless of initial billet height. 

5 The compressive stresses in the surface of the extruded bar, 
as obtained in a frictionless extrusion process, may have beneficial 
effects on the fatigue life of a part extruded in this manner. 
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Discussion 


W. S. Waaner® E. V. Crane.’ This valuable study co- 
ordinates residual stresses with the originating stresses which 
occur during metalworking, in a revealing manner. It seems 
probable that the demonstration would apply in much the same 
manner to the general problems of wire drawing and cold drawing 
of bar, ete. 

The conclusion that load was not influenced by speed (at least 
within conditions of the test) is a matter in which there seems to 
be divergent opinion. Impact extrusion of the same aluminum 
reaches speeds perhaps one thousand times faster than the maxi- 
mum test speeds in the subject paper. Internal and external fric- 
tion conditions contribute to differences in resistance. 

The strain gage on a 2500-ton mechanical press extruding 4.7 
steel rocket projectiles, subjected only to normal variations in 
temperature, die wear, and efficacy of phosphate-stearate coating, 
showed load variations from 1700 tons to 3000 tons. In the ten- 
sile testing of steels at various speeds and temperatures Nadai*® 
found substantial increase of ultimate true stress at any particu- 
lar temperature with strain rates per sec and rising from 8.55 X 
10-4 to 600. Baldwin and Beiser of Case® found substantial 
change in the cold-heading limit of carbon and stainless steels in 
speed ranges from 10-2 to 10‘ ipm. Clark of Case” found sub- 
stantial reduction of punching load as punch speed increased from 
0.00017 to 8.70 ips. 

The changes which must take place as metal passes through an 
orifice during plastic work would appear to be well illustrated in 
the work of Frisch and Thomsen. 

Figs. 3 to 7 of the paper compare a dynamic plastic-flow con- 
dition just inside an orifice and a relaxed condition just beyond the 
orifice. The difference between the two conditions as represented 
by the curves would seem to be an elastic springback. The resid- 
ual stresses in the bar beyond the orifice are no longer affected 
by the high radial compressive stresses within the orifice where 
the stresses were originally set up. This same relaxation and 
elastic springback probably would be reflected in a slight increase 
in bar diameter just after it issues from the orifice. It would be 
difficult, if not impossible, to measure this dynamic change, but it 
should be related to the similar change in diameter of a stream of 
water issuing from a sharp-ed orifice. Do the authors feel 
that elastic springback upon réMoval of the radial compressive 
forces just within the orifice will account adequately for differences 
between the two curves in Fig. 7 ? 

C. T. Yana." The writer wishes to congratulate the authors 
on their excellent work done in analyzing the problem of residual 
stresses in extrusion. He would like to point out a few things 
which might be of interest to them. 

It seems to the writer that once the metal in extrusion reaches 
a point close to the die opening, it is not strained any more going 
through the die. This can be shown from the extrusion pattern, 
Fig. 9, and the slip-line pattern, Fig. 10 of this discussion. 


* E. W. Bliss Company, Canton, Ohio. 

7Chief Engineer, E. W. Bliss Company, Canton, Ohio. 
ASME. 

8 “High-Speed Tension Tests at Elevated Temperatures—Parts II 
and III,” by A. Nadai and M. J. Manjoine, Journat or APPLIED 
Mecnanics, Trans. ASME, vol. 63, 1941, p. A-84; vol. 66, 1944, p. 
A-217. 

***Why Is Stainless Steel Hard to Cold Head?” by W. M. Baldwin, 
Jr., and C. A. Beiser, Iron Age, vol. 175, January 13, 1955, pp. 82-85. 

‘Punching of Medium Carbon Steel,’”’ by 8S. K. Clark, ASME 
Paper No. 54—SA-35. 
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On the extrusion pattern it is shown that the metal is not 
strained further near the die. 

In the slip-line field near the die opening (shaded area) the 
metal is plastie-rigid. In other words, it moves as a rigid block 
and will not change in strain. The writer thinks the metal ex- 
truded relaxes along line AC and not at die AD in the slip-line 
field. 


Extrusion PATTERN 


Fic. 10 Parrern 


From this concept the stresses in the billet at a point very close 
to the die opening is the same as the residual stresses in the ex- 
truded bar. This can be proved by Figs. 5 and 6 of the paper. 
Comparing the axial residual stresses ¢,’ measured and the com- 
puted axial stresses in the billet and the extruded bar, it is seen 
that the measured residual stresses ¢,’ are very close to the 
values of the axial stresses, ¢, in the billet at z = 0.2 in. rather 
than the residual stresses calculated in the extruded bar. 

The measured residual-stress ¢,’ curve agrees well with the 
axial stress ¢, curve (at z = 0.2 in.) at the central portion and 
becomes worse in agreement as it approaches the wall of the die. 
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This also can be explained by the slip-line pattern. Near the wall 
the plastic-rigid region (shaded) tapers down to zero; that is, 
near the wall the strain still changes while the metal is going 
through the die and thus near the wall the metal is not com- 
pletely relaxed. 

The writer wonders if the authors could give some information 
' concerning the relationships of the residual stresses with the re- 
duction ratio and also with the die angle. 

To the writer the existence of the “dead corner’’ in extrusion is 
still questionable. It is hoped that the authors will do some 
work to find the extrusion pattern related to reduction ratio. 

It would be interesting to see the hysteresis loop of the loading 
and unloading curve in extrusion. 


AutsHors’ CLOsURE 


The authors wish to thank Messrs. Wagner and Crane as well 
as Dr. Yang for their discussion relating to the topic of this paper. 

While the residual stresses in cold-drawn bars and wires could 
probably be determined in a manner similar to that demonstrated 
by the authors, it would be more expedient, because of size, to 
resort to other known techniques for their determination. 

If, however, such residual-stress distribution were available for 
products of comparable size, it would undoubtedly be found that 
magnitude and direction of the residual stresses are strongly 
affected by the type of forming process, temperature, and speed. 

It is not clear why there should be divergence of opinion, as 
noted by Messrs. Wagner and Crane, regarding the constancy of 
extrusion load. The load becomes constant only under steady 
state and special conditions of the test, i.e., low extrusion speed, 
room-temperature deformation, and well-lubricated cylinder wall 
and die surfaces. Under these conditions each element of metal 
in the billet absorbs a definite amount of deformation work in- 
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dependent of time as it transforms into another element in the 
extruded bar. This fact was adequately demonstrated by the 
calculations made in a recent paper'? in which the average ex- 
trusion pressure was calculated by a work of deformation method 
using experimental strains and mechanical properties of the 
aluminum as determined under comparable conditions from com- 
pression tests. It was noted that the experimental and calculated 
extrusion pressures agreed well and that strain-rate effects were 
absent. 

The authors agree with Messrs. Wagner and Crane that the 
difference between the two curves in Fig. 7 is, to a minor degree, 
probably due to radial springback but that the change in stress 
pattern from z = 0.2 inches to a point past the die opening is 
primarily due to afterflow at the die corners. 

Dr. Yang has used the ideal plastic solid as a model for com- 
parison of the actual behavior of a real metal during extrusion. 
While we agree that the slip lines obtained for an ideal plastic 
solid are a good solution to a first approximation, such a solution 
fails to give the exact details within the transition region, be- 
tween the fully plastic zone and the elastic zone. Thus, for ex- 
ample, the line AC of Fig. 11 does not really exist as a line of zero 
axial stress, but rather the axial stress drops gradually to zero in 
the triangular zone ADC. It is therefore currently not useful to 
speculate on the residual-stress distribution in an extruded bar 
by referring to a slip-line field for an ideal plastic solid. 

Dr. Yang’s question with regard to data based on different 
reduction ratios and die angles must unfortunately be ans-vered 
in the negative. However, these questions show clearly the need 
for further research in this field. 

12 “Plasticity Equations and Application to Working of Metals in 


the Work-Hardening Range,” by E. G. Thomsen, Trans. ASME, 
vol. 78, 1956, p. 407. 


Plant Management and Other Factors 
_ Affecting Maintenance Costs in 
Steam-Generating Stations 


By V. F. ESTCOURT,' SAN FRANCISCO, CALIF. 


Although direct maintenance costs in thermal power 
stations comprise only a small percentage of the total cost 
of production, replacement power costs while a generating 
unit is out of service for maintenance are also chargeable 
to thé over-all cost of the job. This may amount to 
considerably more than the entire cost of the repairs. 
The control of maintenance costs is concerned principally 
with those factors which influence the ability of the plant 
to stay on the line, and this includes a wide variety of 
problems relating to equipment design, plant layout, types 
of fuels, manpower utilization, and other management 
problems. The limited statistical value of the term 
“operating availability” is discussed, and the concept of 
“relative mechanical availability” is introduced. Increas- 
ing technical and physical complications, together with 
larger unit sizes and greatly expanded generating systems, 
suggests the need for a redistribution of responsibilities 
at the plant level. This has created a demand for higher- 
grade engineering graduates with academic qualifications 
more suited to the special problems of thermal-power 
production, and a larger degree of co-operative effort 
between the utilities and the universities. 


INTRODUCTION 


N A previous paper (1)? a chart was presented to show the 
steadily diminishing rate of improvement in cycle efficiency 
to be expected as a result of further increases in steam pres- 

sure and temperature. This trend immediately suggests the 
growing influence of labor and other cost factors in the over-all 
cost of production. Thus it is becoming increasingly important 
to avoid the type of complication in the operating cycle which 
might be reflected in increased costs for operation or maintenance, 
and which might therefore tend to offset the benefits to be de- 
rived from improvements in thermal efficiency. The purpose of 
this present paper is to bring into stronger focus those factors 
which specifically affect maintenance costs, including the some- 
times very large cost of replacement power during machine 
outages. 

A thoughtful consideration of this subject cannot be confined 
strictly to the technical and physical problems of the thermal 
cycle and its related equipment. In terms of management, the 
human problems of training and organization planning stand out 
as of major importance. Furthermore, the growth in technical 

1 General Superintendent of Steam Generation, Pacific Gas and 
Electric Company. Fellow ASME. 

? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Power Division and presented at the Diamond 
Jubilee Annual Meeting, Chicago, Ill., November 13-18, 1955, of 
Tue American Society oF MEecHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Munuscript received at ASME Headquarters, August 
9, 1955. Paper No. 55—A-87. 


and physical complication also has served to emphasize the in- 
creasing need for a higher degree of professional management at 
the plant level. Thus the scope of this paper is necessarily broad 
and it is hoped that portions of it will be of interest to manu- 
facturers as well as to utility engineers and consultants. Certain 
other portions are of particular concern, not only to the young 
engineers in the industry, but also to the universities which are 
in a position to make a major contribution in providing more 
effective academic training for students who expect to enter this 
rapidly expanding field. 

In its broader aspects the control of maintenance costs in- 
volves (a) a consideration of those problems which influence the 
ability of the plant to stay on the line and carry the load for which 
it was designed, and (b) an evaluation of their relative importance 
in terms of optimum availability. Some of these involve con- 
siderations in the design and others relate specifically to the 
management of the finished plant. 

The various factors affecting maintenance costs may be con- 
sidered under the following broad categories: 

1 The steam conditions to which the turbine and boiler are 
to be subjected, together with any other special operating-service 
requirements. 

2 The design of the boiler in relation to the type of fuels to be 
burned. 

3 The influence of the cycle arrangement and other design 
considerations upon the basic construction and layout of the 
plant, particularly in relation to the number of thermally im- 
portant items of equipment requiring relatively high annual ex- 
penditures to maintain in service, or which might adversely affect 
plant availability or result in load curtailment or reduced cycle 
efficiency when out of service. 

4 The design of major auxiliaries with respect to (a) the selec- 
tion of materials of construction best-suited to meet the physical 
conditions of service, and (b) the ease of dismantling for inspec- 
tion and repair, especially in connection with those items of equip- 
ment in the general category referred to in the previous item, 

5 Maintenance management with respect to the determina- 
tion of economic need for (a) replacement or repair of worn or 
defective parts to restore to original design conditions, (b) modi- 
fication in layout, or partial or complete redesign of internals, 
etc., including substitution of better materials, and (c) in-service 
maintenance or operative control to maintain or restore the nor- 
mal performance of the equipment by mechanical or chemical 
means while in service or during only a partial load curtailment. 

6 Maintenance management with respect to the planning of 
equipment outages for minimum over-all cost of labor, material, 
and replacement power, together with problems relating to opti- 
mum manpower utilization und supervision. 

Obviously the first four categories are no longer controllable 
after the plant has been built, except in some instances by rede- 
sign as in item 5(b). In evaluating the first three items, decisions 
regarding steam temperature and pressure, and also various fea- 
tures in the boiler and cycle arrangement, must take into account 
the expected net annual fuel savings from higher thermal effi- 
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ciency after adjusting, not only for the increase in fixed charges 
for higher initial cost, but also for any increase in annual fuel 
costs for replacement power that might result from longer outage 
time and from possible increases in maintenance labor and mate- 
rial costs. 

Although direct maintenance costs are relatively small as com- 
pared to fuel costs, the cost of replacement power during a unit 
outage is also directly involved in the total cost of maintenance 
and sometimes exceeds the entire amount expended for labor and 
material. During an outage of a highly efficient unit, it is usually 
necessary to make up for this loss in capacity by operating less 
economical equipment, and it is not uncommon for the average 
net cost of replacement power to run between $2000 and $5000 
per day, with some instances as high as $9000 per day. The 
corresponding total cost of this power during a major overhaul of 
a unit may range between $80,000 and $200,000. This is properly 
chargeable to the over-all maintenance cost of the job. 

With more severe steam conditions and larger turbine-genera- 
tors, designs become more complicated through the greater use of 
special alloys, increased bolting problems, and other factors. 
This has sometimes required extrapolations into untried regions 
of metallurgy and stress evaluation—and occasionally with dis- 
astrous results (2). Boilers have also become considerably more 
complicated, but their availability has been steadily improving 
while there has been a downward trend in the case of turbines. 
However, the laws in most states require that a boiler be inspected 
internally and externally at least once a year, whereas the period 
between turbine overhauls is usually determined on the basis of 
the actual statistics of its performance and its ability to stay on 
the line. 

Therefore, before giving detailed consideration to the various 
factors which affect maintenance costs in a modern power plant, 
it is appropriate first to review in proper perspective the past and 
present trends in the development of more efficient designs with 
particular reference to those components which have had a sig- 
nificant effect upon maintenance costs. 


EvoLutTIoN IN TURBINE DesIGNn AND Its Errect Upon 
MAINTENANCE PROBLEMS 


The history of the steady advance in steam pressures and 
temperatures and in unit sizes has been widely publicized and 
need not be repeated here, but it is important to review the effect 
of these changes upon the physical evolution of the plant. 

The impressive gains in cycle efficiency have been accomplished 
largely by this upward trend in steam temperature and pressure 
and the addition of reheat, and by very substantial increases in 
the size of units. However, they are also attributable in some 
degree to a more extensive application of regenerative feedwater 
heating and by the use of various combinations of economizers 
and air preheaters in the steam generator in order to recover 
much larger quantities of heat which were formerly wasted to the 
stack. Each of these changes has also been reflected in extensive 
modifications in the physical construction and layout of the over- 
all plant, and have thereby profoundly influenced the problems of 
maintenance. 

The steam turbine which was in common use in the early 
twenties was designed for, say, 250-350 psi pressure and 550-600 F 
steam temperature and was a relatively simple machine to main- 
tain and operate. It would withstand more abuse than is pos- 
sible with today’s large, high-temperature machines, and it was 
an easy job to unbolt the upper half of the turbine casing and re- 
move the rotor for inspection or repair. Shaft and interstage 
packing clearances, also radial and axial wheel clearances for the 
lower steam pressures and smaller-sized units were relatively un- 
critical, and alloys which would perform excellently for these 
wearing surfaces at the lower temperatures were readily available. 
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However, with temperatures above 900 F, alloys for wearing 
surfaces exposed to steam flow become much more critical and 
not only are bolting and stress problems increased, but it becomes 
necessary to resort to double-case construction. The more rigor- 
ous steam conditions together with the greatly increased size of 
units also made it desirable to increase the speed of at least the 
high-pressure section of the turbine to 3600 rpm in order to re- 
duce the mass of metal which is subject to severe thermal stresses. 
With increased speed in particular and also higher initial steam 
temperatures, it became necessary to abandon the shrunk-on 
wheel construction in favor of the inherently more expensive 
solid-spindle forgings, thereby eliminating the problem of main- 
taining tightness of shrink-fits between the wheel hubs and the 
shaft in the face of greatly increased centrifugal stresses at the 
higher speeds which tend to loosen these fits. However, new 
problems developed in the form of increased failures of i 
shrouds, difficulties in the manufacture of very large turbine- 
spindle forgings, and troubles with double frequency vibration 
in the two-pole generator inherent with this speed. A good many 
of these difficulties have been overcome at least partially by tech- 
nological advances in the art brought about by the splendid and 
intensive follow-up by the turbine manufacturers. Nevertheless, 
the availability of turbine-generators has fallen off somewhat for 
the larger units operating at the higher temperatures and pres- 
sures. 
As suggestive of the effect of more severe steam conditions and 
increased size, the curves in Fig. 1 show the trend in turbine and 
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boiler availabilities in relation to size and steam temperature, for 
the first 5 years of operation of the largest units sold for the high- 
est steam temperature each year between the years 1938 and 
1953. In interpreting the chart it should be understood that 
the “average steam temperature’ and “average size’ apply 
specifically to the average of the group as just defined, and there- 
fore must not be confused with the average of all units sold. If 
all units, regardless of size or steam conditions are included, a 
rather meaningless set of statistics will result, at least in terms of 
their value in providing information as to the effect of increased 
temperature, pressure, and size upon availability. 

In Fig. 2 availabilities for the first 5 years of operation have 
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been plotted specifically in relation to steam temperature for the 
mean year indicated at the top of the chart, with corresponding 
average size, for units having capacities of 50 mw and larger. 
The averages in this instance are also in terms of the new units 
sold in each period selected. The data for the two charts were 
obtained from published reports (3) of the Edison Electric Insti- 
tute. The volume of statistical data in these reports for the spe- 
cific objective of this study is rather limited but, from a prelimi- 
nary review of much more comprehensive data now in progress of 
compilation, it appears that the general trends shown in the two 
charts will be substantiated. 
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Too little time has yet elapsed in connection with the operation 
of the large higher-temperature units to determine whether their 
operating availability may be expected to improve substantially 
within a reasonable period of years. In any event, it may be 
concluded that the early operating experience with larger units 
for temperatures of 1000 F or higher has not been as good as was 
the experience during the same initial period at the lower tem- 
peratures. 

On the basis of Fig. 2, the average difference in availability 
during the first 5 years of operation for units of approximately 
110 mw in capacity and designed for 1050 F would correspond 
to an annual average outage period of approximately 350 hr 
greater than units in sizes of approximately 60 mw with an initial 
steam temperature of 900 F. We have seen some examples of 
considerably better relative performance at 1050 F, but, since this 
situation applies equally as well at the lower temperatures, the 
average data are more applicable for a comparison of trends. It 
is hoped that advances in the art will materially reduce these 
differences in performance. On the other hand, it can be shown 
that operating availability statistics do not give a true picture of 
relative mechanical performance. A more reliable statistical 
yardstick will be discussed later. 

Evo.ution 1n DesiGn or AND AUXILIARIES 
AND Errect Upon MAINTENANCE Costs 


The improvements in design and construction of boilers have 
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resulted in a substantial gain in average availability (Fig. 1) in 
spite of the tremendous increases in size, steam pressure, and 
temperature, the addition of reheaters, and other heat-recovery 
equipment such as economizers and air preheaters. The elimina- 
tion of riveted drums and major developments in devices for 
steam and water separation within the drum have been respon- 
sible for marked improvements in availability due to the reduction 
in both boiler and superheater-tube failures. During the past 
15 or 20 years, much knowledge has been gained regarding ther- 
mal circulation of the steam and water mixtures in the boiler 
circuits, the design and sizing of the combustion chamber, and 
optimum spacing of boiler and superheater tubes for the many 
different types of fuel which are burned. There has also been 
an evolution in the types of available fuels and it is important to 
understand the influence this has had upon boiler design and 
maintenance. These examples are typical of the advances in 
the art which have contributed greatly to the remarkable im- 
provement in boiler performance and availability. 

It is also true that this great progress would not have been 

achieved had it not been for just as impressive advances in chemi- 
cal technology, and the boiler manufacturers should share the 
credit with the utilities and water consultants because they have 
taken an active part in research along these lines. It is well under- 
stood that many of the design changes which have been made 
would not have been possible without the major improvements 
in chemical-control procedures which are now generally accepted 
and practiced as part of the regular operating routine in any well- 
managed power plant (4). 
_ Fundamental changes have also occurred in the design and 
arrangement of such major auxiliaries as boiler feed pumps, feed- 
water heaters, and so on. Frequently, improvements in equip- 
ment design or selection of materials have changed the entire 
picture with respect to maintenance. Thus an investment in 
maintenance-handling facilities sometimes becomes economically 
unsound where it was well justified with earlier designs. It is 
therefore essential that basic design concepts be progressively 
modified in terms of improvements by the manufacturer or as a 
result of on-the-job developments by engineers at the plant level. 
The effect of these various factors upon maintenance problems 
and costs is of major concern in the management of a plant 
Some further notes on this phase of the subject are given in the 
Appendix. 


INFLUENCE oF INCREASED CycLe Erricrency Upon 
MAINTENANCE Practices AND Costs 


The radical changes which have occurred in steam conditions 
and various physical components of the cycle have not only had 
a major influence upon maintenance costs and practices, but the 
resultant improvements in cycle efficiency have served to em- 
phasize an economic problem of major importance in the manage- 
ment of the plant and the planning of maintenance programs. 
As larger and more efficient units are added to the system, it be- 
comes increasingly more costly to take these units off the line for 
maintenance because of the high cost of replacement power from 
the less efficient units. This tends to offset in some degree the 
benefits to be derived from the more expensive machine, particu- 
larly if it requires a greater number of outage hours per year to 
maintain it in satisfactory operating condition. 

In Fig. 3 are shown the equivalent values of replacement-fuel 
costs during maintenance outages in terms of cycle heat rate and 
initial investment cost. From this chart it is clear that an in- 
crease of only 100 outage hours per year at a replacement power 
cost of $200 per hr would be equivalent to a reduction in heat rate 
of approximately 95 Btu per gross kwhr. In terms of investment 
cost, this would be equivalent to approximately $160,000 for a 
100-mw unit. 
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OperATING Versus MECHANICAL AVAILABILITY 


The data in Figs. 1 and 2 are based upon the usually accepted 
definition of operating availability. This statistic is derived by 
dividing the period hours into the difference between the latter 
and the outage hours to obtain the percentage of the total period 
the unit was available. Obviously, we can improve the operating 
availability by increasing the daily man-hour input as a result of 
working a greater number of hours through additional shifts or 
longer hours per shift, thereby shortening the outage time of the 
unit. In order to eliminate the influence of these factors and 
provide a more realistic yardstick of mechanical performance 
the term “relative mechanical availability’’ is here introduced. 
It is based upon the number of outage hours required to perform 
the necessary work on different machines with the same daily 
man-hour input, and therefore provides a direct comparison of 
their relative mechanical performance in terms of ability to stay 
on the line when all maintenance work is performed on a com- 
parable basis. 

Unfortunately, statistics of operating availability have fre- 
quently been confused with the concept of mechanical availability. 
Until recently, very little effort has been made to develop reliable 
data on comparative mechanical performance and to correlate the 
figures in terms of initial steam conditions, size of unit, and other 
factors. It is important that this type of operating information 
be made available to manufacturers of the equipment since it is 
a much more acceptable yardstick of machine performance. To 
illustrate how misleading availability statistics can be in evaluat- 
ing performance, Fig. 4 shows the effect upon operating availabil- 
ity of performing a major turbine overhaul on different working 
schedules. It has been assumed that it required an input of 
10,000 man-hours with an average of 1l men. The total working 
period was therefore 909 hours. On the basis of a 40-hr work 
week, it would require approximately 23 weeks or a total of 
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3864 elapsed hours to complete the job. On the basis of a 168- 
hr work week, with allowances for reduced manpower efficiency 
as given in Fig. 5, the job would require 7 weeks to complete or 
a total of 1176 elapsed hours. It can be seen from Fig. 4 that, 
in terms of availability, this corresponds to 56 per cent for the 40- 
hr work week and 86 per cent for the 168-hr week. 

As a practical example, Table 1 gives an actual comparison of 
the situation existing in connection with the most efficient unit 
in each of 12 different power stations. Item 5(a) of the table 
gives the average time required to complete a major overhaul of 
the most efficient unit on the system on the basis of the work 
week given in item 4. Item 5(b) shows the corresponding figures 
adjusted to the same work week in each instance, which has been 
arbitrarily taken as 80 hours with no correction for any change 
in manpower efficiency. In Items 7(a) and 7(b), respectively, are 


TABLE 1 OPERATING VERSUS MECHANICAL AVAILABLE ee TYPICAL STATIONS BASED UPON YEAR OF MAJOR 


1 Unit no. 1 2 3 4 
2 Max. nameplate rating, mw...... 125 150 100 66 
3 Steam 
Initial pressure, psi........... 1250 1800 1450 1250 
Initial temperature, deg F..... 950 1050 1000 950 
Reheat temperature, deg F..... 950 1009 we 
4 Working schedule, hr per week . . . 84 120 40 60 
5 Average outage time, hr 
550 586 500 1000 
6) Adj. to 80-hr. work week"... . 578 879 250 750 


6 Average man-hours............. 5520 4000 1200 3600 

7 (ep Operating availability, percent 93.7 93.3 94.3 88.6 
6b) Relative mechanical 

availability,® per cent....... 93.4 90.0 97.1 91.4 


5 6 7 8 9 10 11 12 
100 75 125 125 60 50-67.5 100 
1450-1450 1800 1800 1500 1500 1450 
1000 1000 1000 1050 1000 1000 1000 
1000 1000 1000 1000 1000 1000 
140 140 140 96 140 140 168 
000 816 550 640 750 1008 672 
750 14 963 1120 1764 1180 1050 
3600 7610 14,700 12,000 5700 6000 
88.6 90 $3.7 $2.7 91.4 88.5 92.3 94.3 
91.4 83.7 89.0 87.2 89.7 79.9 86.5 88.0 


* No correction made in Item 5(6) for change in po efficiency for different work weeks. % Item 7(b) is based upon Item 5(b). 
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TABLE 2 COMPARISON OF OPERATING AND MECHANICAL 
AVAILABILITY FOR TWELVE TYPICAL STATIONS 
3 4 5 
Relative 
mechanical 
availability,> 
per cent 
97.1 


Operating 
availability, 
per cent 
94. 


c 
oo 
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10 


10 


@ Units are arran in columns 2 and 4 in descending order of operating 
and mechanical availability, coepartvey. as derived from Table 1. 

b — mechanical availability based upon work schedule of 80 hr 
per week. 


given the corresponding operating and relative mechanical availa- 
bilities based upon the assumption that no other outages oc- 
curred during the year of overhaul. The order of magnitude for 
the two different types of availability are summarized in Table 2. 
It can be seen that the descending order of operating availability 
does not correspond at all with the relative mechanical availa- 
bility. As an example, Unit No. 5 has an operating availability 
of 88.6 per cent which is next to the lowest in the group, but with 
a relative mechanical availability of 91.4 per cent, it is in third 
place. On the other hand, Unit No. 12 is in first place with an 
operating availability of 94.3 per cent, whereas it is in eighth 
place in terms of its relative mechanical availability of 88.0 
per cent. This illustration is merely one example of the type of 
analytical approach which should be encouraged if maximum re- 
sults are to be expected from co-operative effort between the 
users and the manufacturers. 


PLANT MANAGEMENT AS APFECTING MAINTENANCE Costs 


In Items 5 and 6 at the beginning of this paper, maintenance 
management was outlined in terms of certain basic categories. 
These can be further expanded as follows: 

Repair or Replacement. This refers to the conventional ap- 
proach of repair or replacement in kind of any worn or defective 
parts, so that they are restored approximately to their original 
condition by means of shop repairs. This is the normal routine 
of a maintenance shop and may result in unjustifiable expendi- 
tures of considerable magnitude if not controlled and directed by 
sound thinking derived from adequate performance statistics and 
economic evaluations. For example, wear may be excessive as a 
result of certain avoidable conditions in the operation of the 
equipment or through wrong selection of material in the original 
design. However, an economic evaluation rather than personal 
judgment should be the basis of determining whether the amount 
of wear is excessive. 

Partial or Complete Redesign. This approach requires a careful 
technical study of all the operational and mechanical factors re- 
lating to the applicability of the equipment or its materials to the 
operating service. Acceptable solutions in this category may 
have to do with modifications in the operating cycle to reduce the 
severity of the conditions to which the equipment is subject, a 
modification or major change in the design of the equipment, or 
the selection of more suitable materials better able to stand up 
under the particular type of service. Decisions regarding mate- 
rial selection require constant familiarity with metallurgical de- 
velopments and frequently the carrying out of in-service or ac- 
celerated tests of new alloys or other materials of construction. 

In-Service Maintenance. This includes such items as the proper 
application of soot blowers for cleaning boiler heating surfaces. 
This requires careful field check-ups combined with statistics of 
results in order to determine (a) whether the original design and 
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blower locations are adequate for the types of fuel being burned, 
(b) the optimum program of soot-blower operation with respect 
to the maximum effectiveness at minimum cost, and (c) the 
need for such modifications as the admixture of small percent- 
ages of water with soot-blower steam or air for increased blower 
effectiveness. 

Into this category also fall various chemical applications which 
can be accomplished without taking the equipment out of service, 
although reduced load or other operating restrictions might be 
necessary. With a generous interpretation of the concept of in- 
service maintenance, we might also include those programs of 
chemical rehabilitation which involve only very short overnight 
or week-end shutdowns when the work can be scheduled during 
periods of very light system load. This includes certain chemical 
methods of cleaning fuel-oil heaters and fuel-oil burners while in 
service, the cleaning of boiler heating surfaces by the use of chemi- 
cal additives introduced into the fuel or into the furnace, the 
washing of turbine blading by desuperheating the steam, or by 
adding caustics during a week-end shutdown. 

Other examples are the removal of slime in condenser tubes by 
the killing of algae through chlorination or other chemical means, 
removal of scale from condenser, boiler, or other heat-exchanger 
tubes by acid cleaning, the killing of mussels in salt-water con- 
densing systems by thermal shock or by anaerobic treatment. 
As is well known, costly deterioration in plant heat rates can re- 
sult from slime or seale deposits in condensers in particular, and 
tube failures by so-called impingement attack frequently result 
from mussels which become lodged in condenser tubes. 

In addition, the chemical control of boiler water, boiler feed- 
water, or raw-water cooling systems, and the like, are really forms 
of preventive in-service maintenance through chemical means. 
Some of these applications actually involve the chemical deposi- 
tion and continuous maintenance of protective coatings on the 
inside of piping to prevent corrosive attack. It is important that 
these forms of operational control be considered as part of the 
broad picture of maintenance management or expensive mistakes 
in planning may result from lack of proper balance between in- 
service and shop maintenance. 

Maintenance Planning. This includes (a) various items of 
operations planning such as the programming of major equip- 
ment outages for the most efficient utilization of manpower from 
the standpoint of supervision and pooling of manpower resources 
for minimum over-all cost of labor and replacement power; (b) 
the scheduling of equipment outages as far as possible in such a 
manner that the most efficient units are taken out of service at 
times when the system load is the lowest, that is, when the cost 
of replacement power is most likely to be at a minimum; and (c) 
preventive maintenance from the standpoint of the conventional 
concept of programmed inspections of equipment to minimize 
the cost of necessary work by getting at it before the damage is 
more extensive. Optimum periods of inspection must be care- 
fully worked out with due consideration to the prospect of di- 
minishing returns from too ambitious a program of prevention. 
This can turn out to be very costly. 


Optimum Work WEEK AND RELATED PROBLEMS 


A major factor in the successful administration of maintenance 
planning is the determination of the optimum work week. Its 
proper evaluation requires a knowledge of replacement power 
costs and the development of data of the type given in Fig. 5, 
which shows the effect of the weekly work schedule upon the total 
labor cost and the length of the overhaul period. The upper part 
of this chart indicates the cost of labor for an overhaul job re- 
quiring 10,000 man-hours of work when working various hours 
per week. The schedules which result in the minimum labor 
cost are joined by the line A. The elapsed time required to com- 
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plete the job is shown in curve D in the lower portion of the chart 
It ic obtained by dividing the total man-hour input for each job 
by the productive man-hours per week for each minimum cost 
schedule as shown by the line A. 

From the data in Fig. 5 the chart in Fig. 6 was developed to 
show the total cost of the overhaul for different replacement 
power costs ranging from zero to $4000 per day. The replace- 
ment power costs are derived directly from curve D in Fig. 5. 

The influence of various working schedules upon production 
efficiency is a problem of major importance, and reliable data 
are very scarce except for work of the mass-production type. 
For our particular example, the productive man-hours for a given 
work week are based upon the production efficiencies shown in 


Fig. 7. Production efficiency is affected by at least three factors: 
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Actual working efficiency, time lost due to absenteeism, and the 
relative amount of time consumed in starting and stopping work 
at the beginning and the end of the shift and for meals. The 
efficiency of work performed and time lost due to absenteeism 
are materially influenced by the number of hours worked per 
shift and the number of shifts per week. A more detailed de- 
scription of the method of computing the productive man-hours 
for the specific example just cited is given in the Appendix. 

The work efficiency obtainable under different working condi- 
tions depends largely upon (a) the psychological and physical 
effects of working a different number of hours per day and days 
per week, (b) the influence of these work schedules upon the 
necessities of everyday living, such as available time to do the 
shopping and other essential chores, (c) under favorable economic 
circumstances of an individual worker, the temptation to indulge 
in absenteeism when the same or more wéekly take-home pay 
can be obtained by working on the “overtime days’’ and laying 
off on some of the “‘straight-time days,’’ and (d) the tendency to 
provide less adequate supervision on other than the normal day 
shift, or to do less careful job planning on those shifts because of 
the absence of second-level supervision for consultation. 

There are other physical factors which influence the productive 
output, and these vary according to differences in company policy 
or union contracts. For example, it may be customary to allow 
on company time a half hour off for meals on the afternoon and 
night shifts. For this reason alone, the production efficiency of 
these two shifts is only 93.75 per cent of that obtainable during 
the day shift. Notwithstanding the mathematics of arriving at 
an optimum work week, there are counteracting practical con- 
siderations which may bring about a modification of the conclu- 
sion as to how many hours per week should be worked. As an 
illustration, it is usually easier to maintain better over-all per- 
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formance on a two-shift basis than with three shifts, and difficul- 
ties may be encountered in maintaining the estimated economy, 
for example, of three 8-hr shifts, 6 or 7 days per week, owing to 
problems in keeping the manpower load factor up on a year-round 
basis. 

There are other techniques of management which also influence 
the problem of optimum manpower utilization. The following 
are typical examples. 


(a) The operation of a maintenance manpower pool. 

(b) The use of interplant maintenance committees. 

(c) The study of basic man-hour components for the mainte- 
nance of specific types of equipment. 


The pooling of maintenance forces to cover a group of plants 
may be accomplished in at least two different ways. A central- 
ized maintenance department may be established with its own 
headquarters and special supervisors. In addition to increased 
overhead, this plan usually results in transferring, at least in 
some degree, the responsibility for plant upkeep from the local 
plant supervision to this centralized maintenance group. To 
the extent that this transfer of authority occurs, psychologically 
as well as actually, there must ensue some unfavorable results 
which will tend to offset to a degree the benefits to be expected 
from greater efficiency of manpower utilization. 

There is another method which, if properly administered, will 
usually retain most of the advantages of the first method without 
the disadvantages. This consists of placing at the disposal of 
the station chief or superintendent some of the maintenance man- 
power from other stations when available. In addition to the 
practical benefits which accrue by avoiding the need for additional 
overhead for the semi-autonomous type of centralized mainte- 
nance organization, a very real psychological benefit results from 
allowing local supervision to retain a maximum share of the re- 
sponsibility for plant upkeep. 

The maximum benefits from this type of manpower pooling 
are further assured by the establishment of interplant mainte- 
nance committees, consisting of first and/or second-level super- 
visors, who hold periodic meetings for the purpose of program- 
ming the pooled activities, discussing maintenance methods and 
procedures, and accounting for any substantial discrepancies in 
man-hour input for the maintenance of identical or similar items 
of equipment. Local considerations and size of the power sys- 
tem will have a substantial influence upon the best method of 
pooling manpower. 


PROFESSIONAL MANAGEMENT 


The field of thermal power generation is one of several out- 
standing examples of advancing technology wherein the tempo 
of the advance in terms of increasing technical complication, 
growth in size of system, and size of individual units is gaining at 
an unprecedented rate. These changes are having a profound 
influence upon the whole scene of activity from the standpoint 
of the type of organization and the qualifications of the individ- 
uals of which it is composed. We referred briefly to this in a 
previous paper (5) wherein it was pointed out that “‘it is becom- 
ing increasingly urgent to place greater emphasis upon the tech- 
nical problems of management.” 

It is now appropriate to elaborate upon this thought in its appli- 
cation to maintenance practices. In addition to greater physical 
and technical complication because of higher steam pressures and 
temperatures with increased size of units, there are such develop- 
ments as once-through boilers for both subcritical and super- 
critical pressures (6), multiple reheat, the probable combination 
of gas and steam-turbine cycles with boilers operated with self- 
pressurized combustion (7), and of course nuclear power. These 
swiftly moving developments in the over-all situation call for the 
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exercise of a high order of technical skill and management which 
can no longer be accomplished efficiently at head-office distance. 
On the other hand, it cannot, by any stretch of the imagination, 
be expected that a major redistribution of responsibilities can be 
accomplished by the mere act of delegation of authority. In 
many instances the rate of physical growth has seriously out- 
stripped the human organization, and a painstaking and meticu- 
lous effort must be made toward the selection and development 
of personnel for plant operations with the academic and personal 
qualifications to carry a much larger proportion of the total re- 
sponsibility at this level in the organization. 

As the organization grows larger, the more competent individ- 
uals are of necessity upgraded perhaps through several levels, 
first at the plant or in a division and later in the head office. This 
requires that suitable replacements be made available at each 
step. However, in an expanding organization these are not neces- 
sarily replacements in kind because the job coverage at the plant 
level must be broadened to include administrative and technical 
responsibilities formerly assumed at head-office level in the smaller 
organization, 

This poses a problem in recruiting and training of engineers to 
take on these larger assignments at lower levels in the organiza- 
tional hierarchy. In any such program of decentralization there 
is the danger that it will degenerate into overspecialization owing 
to inadequate training or limited qualifications of either existing 
personnel or new hires. If this condition is allowed to develop, 
it automatically leads to a compounding of difficulties because it 
will then become impossible to attract new hires with high-grade 
academic and personal qualifications because of the inherently 
limited opportunities or restrictions in the scope of the work 
which will inevitably result from such overspecialization. 

However, the average mechanical-engineering graduate today 
not infrequently displays a lack of academic preparation for a 
career in the field of power production. In some instances the 
curriculum appears to be based upon concepts which are not in 
keeping with present trends in the industry. It is also important 
that greater emphasis be placed upon those phases of electrical 
engineering which are of special importance in the power field. 
Furthermore, the knowledge of chemistry and metallurgy ac- 
quired by the average power-option student is usually inadequate 
for even a rudimentary understanding of those problems of 
operation and maintenance in a power plant which are vital to 
its safe and economic functioning. In the field of thermody- 
namics, too frequently there is very little offered to the student 
which will orient him to such subjects as the fundamental char- 
acteristics of steam and water circuits in the boiler or other prob- 
lems of special concern in this industry, so that he will be at least 
mentally adjusted to absorb a more intimate knowledge of these 
problems when he undergoes on-the-job training. 

Perhaps it is only fair to suggest that one important reason for 
this lack of academic preparation is due to the absence of any 
large-scale co-ordinated effort between the universities and the 
utilities to provide the necessary orientation of both the engineer- 
ing faculty and the student to the basic technological problems 
in this rapidly growing industry. Possibly the answer may be 
found in greater emphasis upon specially planned co-operative 
educational programs during the undergraduate and _post- 
graduate years. Never before have there been such challenging 
opportunities for young engineers in the field of thermal-power 
production, but there is a critical need for a much closer liaison 
between the industry and the universities. 


CoNcLUSION 


We have attempted to present some of the more important 
considerations in the control of maintenance costs, and it has been 
shown that for optimum results various phases of design, opera- 
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tion, and management must be carefully co-ordinated. In con- 
clusion, it may be helpful to recapitulate the principal problems, 
objectives, and scope of engineering which enter into the exercise 
of successful maintenance management. 

The subject of maintenance practices has to do principally with 
methods of performing the work of repair or replacement, but 
maintenance management is concerned with all those factors 
which relate to the problem of keeping the plant on the line for 
the maximum possible number of hours consistent with minimum 
over-all cost. It cannot be divorced from plant operations and 
is intimately concerned with such matters as comparative incre- 
mental fuel rates at different plants as a basis for planning main- 
tenance shutdowns with due consideration for replacement- 
power costs; the elimination of operating methods or procedures 
which are unfavorable to the optimum availability of equipment; 
devices and methods for in-service maintenance; the effect of 
different operating service conditions upon the performance and 
life of equipment, including such matters as the influence of 
different types of fuel and specific substances in the fuel which 
may tend to reduce boiler availability; and ‘finally a knowledge 
of the techniques for evaluating equipment performance in order 
to determine its physical condition while still in service. 

In addition to the operational factors just mentioned, economic 
studies must be made and constantly reviewed in determining 
optimum manpower utilization in relation to replacement-power 
costs and minimum annual payroll, and the economics of preven- 
tive-maintenance programs must be carefully evaluated in order 
to avoid diminishing returns. A specialized knowledge of chem- 
istry and metallurgy as it applies to thermal power cycles is ab- 
solutely essential to the safe and economic upkeep of the plant, 
including application to numerous and not necessarily related 
forms of corrosion in various components of the cycle. Problems 
constantly arise in the selection of ferrous or nonferrous alloys 
for special service applications for corrosive or high-temperature 
conditions, and decisions involving considerable sums of money 
must frequently be made in connection with modifications in de- 
sign or layout, or substitution of materials more suitable for the 
service. 

It is also necessary to have an understanding of those factors 
relating to the operation of large generators which may affect the 
life of insulation, the overstressing of windings in large generator 
fields during start-up and also special operating conditions with 
respect to under-excitation, load cycling, and so on, which may 
have a detrimental physical effect upon the machine. Likewise, 
it is necessary to be familiar with a number of important tech- 
nical details in the design and construction of large motors which 
may affect the cost of maintenance materially. The principles 
of protective interlocks, relaying, and various forms of automatic 
control must be intimately understood in order to intelligently 
provide for the maintenance, not only of this auxiliary equipment, 
but also the major equipment which it is designed to protect. 

It has been pointed out that the growth in physical size of 
power systems, and the increasing technical complications arising 
out of the rapidly advancing technology in this field, require that 
a much larger proportion of the total technical and management 
responsibility be carried at the plant level. This calls for the 
employment and special training of engineering graduates with 
a higher level of academic and personal qualifications. It 
follows of course that greater opportunities are in the making 
for those who can meet these higher standards. To achieve this, 
it has also been suggested that there is a need for greater co-opera- 
tive effort between the universities and the utilities. 

Finally we should like to express the hope that, for the young 
engineering graduate, this discussion of some of the more impor- 
tant phases of power-plant maintenance will be of assistance in 
providing a picture of at least a few of the many challenging 
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problems which cover a wide field of mechanical and electrical 
engineering, as well as many interesting phases of management. 
For those who have been devoting their careers to this field, we 
hope that we have succeeded in presenting sufficient original 
material to stimulate further constructive thinking and discussion 
on this extremely important phase of power production. 
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Appendix 


SuppLeMEeNTARY Notes ON EVOLUTION IN THE DESIGN OF 
Borters AND AUXILIARIES, AND Tuetr Errecr Upon 
MAINTENANCE Costs 


Boilers. The influence of boiler-water chemistry upon boiler 
design has been mentioned. As one simple example of this, we 
might cite the difficulties which were experienced with flanged 
return bends on economizers when steam pressures were first in- 
creased above 1000 psi (8). The higher feedwater temperatures 
in conjunction with the greatly increased pressures resulted in an 
alarming reduction in boiler availability solely because of the 
inability of keeping these economizer return-bend flanges tight. 
It was largely because sufficient confidence was ultimately 
gained in our ability to control the chemical condition of the 
feedwater that the need for removing these bends for inspection 
purposes was eliminated. Although the difficulties with the 
flanged return bends were greatly reduced as a result of improved 
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design, they were abandoned ultimately in favor of fully welded 
construction. 

This example of welded construction was of course followed by 
the adoption of welded piping on a much larger scale, together 
with many other applications of welding in place of fabrication 
by other means. However, with welded piping came the very 
expensive experience of graphitization in the weld heat-affected 
areas of carbon-molybdenum alloy piping. Although chrome- 
molybdenum alloys in the ferritic range appear to give satis- 
factory results up to temperatures of 1050 F, we are by no means 
free of difficulties which are affecting maintenance costs seriously 
in relation to steam piping and other welded construction. 

Auziliaries. The adoption of higher steam pressures also was 
reflected in the need for boiler feed pumps which could deliver 
feedwater at these pressures. With the advent of steam pres- 
sures of approximately 1200-1300 psi in the middle 1920’s and 
early 1930’s, the inability to maintain boiler feed pumps in service 
for longer than a few months without major maintenance posed 
a very serious problem. In fact, problems of erosion-corrosion, 
and in some instances packing problems, were so serious that 
some companies were purchasing almost double the number of 
feed pumps required in order to be sure to keep the plant on the 
line. By the middle 1930’s enough had been learned about the 
application of suitable alloys for this type of feedwater-pumping 
service, together with other important advances in design and 
construction details, that reasonably good results were being ob- 
tained. The introduction of the so-called barrel-type of pump 
resulted in basically simpier construction which lent itself to 
greater ease of maintenance. However, availability is about 
equally as good for either the split-case or barrel type now that 
better alloys are used in the construction. As a matter of fact, 
the 2000-psi split-case boiler feed pumps, which the author’s 
company purchased in 1930, as now redesigned, will operate for 
7 or 8 years without opening up the casing for inspection or re- 
pairs. This sort of performance is about as good as the average 
experience today with barrel-type pumps. 

In Items 3 and 4 of the outline at the beginning of this paper, 
reference was made to the design of auxiliaries and plant layout 
in generai with respect to ease of dismantling for inspection or 
repair, particularly in connection with those items involving 
relatively high annual expenditures for maintenance, reduced 
plant availability, or which would result in load curtailment or 
reduced cycle efficiency when out of service. A good example of 
this is the evolution in feedwater-heater design brought about by 
higher operating pressures and the basic simplification in the 
feedwater-pumping cycle which can be effected by placing the 
two top heaters after the high-pressure pump. Trouble with 
leakage in rolled tube joints subjected to extreme temperature 
variations under such high water pressure has resulted in the 
introduction of welded-tube construction as one promising solu- 
tion to the difficulty in maintaining tightness. 

With respect to design for ease cf maintenance, we have in 
mind a classic example of a feedwater-heater installation made a 
good many years ago where it required an expenditure of approxi- 
mately $900 to move the heater clear of obstructing piping in 
order to replace one leaking tube at a total cost of $75 for labor 
and material. However, it is just as easy to err in the opposite 
direction by going all out, for example, to provide elaborate over- 
head structures with or without permanent electric hoists to take 
care of the dismantling and removal of equipment for mainte- 
nance when the need for such maintenance only occurs, for 
example, every 4 or 5 years. In such instances it may be sub- 
stantially cheaper to rely upon the rental of a mobile crane for 
such infrequent occurrences. 

These are but random illustrations of the economic considera- 
tions which must be constantly re-evaluated to keep costs at a 
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minimum. Frequently, improvements in equipment design or 
selection of materials will change the entire situation with respect 
to maintenance, so that an investment in maintenance-handling 
facilities becomes economically unsound where it was well justi- 
fied with earlier designs. It is therefore essential that basic de- 
sign concepts be progressively modified in terms of improvements 
which are frequently consummated as a result of on-the-job de- 
velopments by engineers at the plant level. 

Fuels. There is one other major factor which is involved in 
the changing picture in so far as it affects maintenance costs. It 
is the effect of the type of fuel upon boiler maintenance and the 
interrelation between the type of fuel and certain components in 
the design of the boiler for maximum availability. With respect 
to coal-fired installations, the steady increase in steam tempera- 
tures tended to aggravate slagging problems as a result of the 
higher furnace exit-gas temperatures required which frequently 
were above the ash-softening temperature of the fuel (9). The 
problem was further complicated as a result of the depletion of 
the better seams of coal that has resulted in more general use of 
fuels with higher ash content and other impurities. 

When these problems were properly understood, the boiler 
manufacturer found that it was possible to design the furnace 
volume and heating surfaces so that the temperature of the gases 
leaving the furnace was usually below the ash-fusion tempera- 
ture. Screen tubes were also widely spaced to minimize the 
amount of bridging of the slag. The adoption of these funda- 
mentals in the boiler design has greatly reduced slagging difficul- 
ties which were previously present with most coal-burning units. 
The exceptions are primarily with those coals having an unusually 
low ash-fusion temperature. On the other hand, the steady in- 
crease in steam temperatures to values above 1050 F are reintro- 
ducing to some extent the old problem of slagging with coal fuels, 
but a great deal more is understood today about methods of 
avoiding trouble from this source by proper provisions in the 


The slagging problem as it relates to fuel oils is substantially 
different and usually more difficult than with coal fuels. Since 
the ash-fusion temperature of fuel oils may be as much as 800 F 
lower than with coal, it is not possible to design the furnace so 
that the exit-gas temperature is below the ash-fusion point. With 
a fusion temperature of the major constituents in the ash of ap- 
proximately 1400 F, relatively little difficulty is experienced with 
slagging in the screen tubes or the first bank of superheater tubes. 
Therefore very wide tube spacing in this area serves no useful 
purpose. Furthermore, oil slag does not have the same tendency 
to bridge across between tubes as is the case with coal. The 
critical slagging zone with oil fuel is usually in the temperature 
zone from approximately 1600 F down to 1000 F. Two inches 
clear spacing between tubes in this zone is essential, but any 
greater spacing than this accomplishes very little good and prob- 
ably reduces the effectiveness of soot blowers. 

Owing to the continual demand for greater gasoline yields from 
fuel oils, the oil refineries are extending the cracking process to 
the point where fuel-oil residua are steadily increasing in vis- 
cosity. At the present time, fuel oils having a viscosity of 1500 
SSF at 122 F are becoming quite common, particularly on the 
Pacific Coast, and are readily burned under central-station boilers. 
However, it appears inevitable that the oil-refining process will 
eventually lead to increasing quantities of solid petroleum re- 
siduums (10). The problem of pipe-line transportation over any 
great distance is not usually attractive from an economic stand- 
point for viscosities corresponding to pitch or tar. However, 
tank-ship deliveries of fuel oil having viscosities up to 1500 SSF 
at 122 F appear feasible and are being contemplated for the near 
future. The storage of very high-viscosity products also becomes 
difficult owing to the problem of maintaining a high enough 
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temperature to prevent solidification in tanks and pipe lines. Al- 
though solid petroleum fuels can be transported and stored in 
much the same manner as coal, so-called fluid coke is somewhat 
more difficult to handle because of its initial fineness and very 
low angle of repose when piled. 

As petroleum crudes are refined to yield heavier and heavier 
residua, the sulphur and ash contents automatically increase 
somewhat as the natural arithmetical result of having the same 
quantity of impurity in a lesser quantity of the residuum. This 
situation, of course, has a direct bearing upon the maintenance 
of the boiler. However, with the fluid-coking process in particu- 
lar, the sulphur in the coke may be no more than the sulphur con- 
tent of the feed stock in spite of the shrinkage in the weight of 
the coke residuum. This is because some of the sulphur is carried 
over with the other products in the process (11). The gradual 
increase in imports of foreign crudes with very high sulphur con- 
tent will result in aggravating corrosion difficulties in air pre- 
heaters and also in atmospheric-pollution problems. 

The continued economic demand for still higher thermal 
efficiencies has brought about an effort to lower the boiler exit-gas 
temperatures in the face of the hazards of increased maintenance 
of air preheaters because of corrosion resulting from the use of 
high-sulphur fuels. Much is being learned about air-preheater 
‘design, the selection of materials for the cold-end section of the 
air heater, and the use of additives in the fuel for raising the acid 
dew point of the flue gas. The experiments being conducted by 
the Detroit Edison Company are noteworthy in connection with 
possible design modifications for longer life and reduced mainte- 
nance (12). 


MerHop or CompuTiInG PropuctivE Man-Hours For 
DirFrERENT WoRKING SCHEDULES 


A specific example of the method of computing productive 
man-hours has been given to illustrate the factors which enter 
into the problem. As stated in the body of the paper, the basis 
of any estimate of productive man-hours is the efficiency of work 
performed under different work schedules. This is affected by 
actual working efficiency, time lost due to absenteeism, and the 
relative amount of time consumed in starting and stopping work 
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at the beginning and end of the shift and for meals. The adverse 
effect of the last item diminishes as more hours per week are 
worked because of the resultant reduction in the total number of 
shifts required to complete the job, thereby reducing the total 
number of starts and stops. 

Actual working efficiency and loss due to absenteeism are based 
on our experience on past jobs and data presented in the U. S. 
Bureau of Labor Statistics Bulletin No. 917 entitled “Hours of 
Work and Output.” In analyzing the data in this bulletin, 
allowance should be made for the fact that it is based on work of 
a highly repetitive nature whereas turbine-overhaul work is more 
diversified and requires highly skilled craftsmen. This probably 
is reflected in a higher level of working efficiency. 

The shift production-efficiency figures in column 4 of Table 3 
were used in determining the equivalent shift production hours per 
week in column 6. The equivalent over-all production efficien- 
cies in column 5 were derived by dividing the equivalent over-all 
production hours per week in column 7 by the actual period hours 
for each shift arrangement. These data have been plotted in 
Fig. 7 and a line has been drawn through the points of maxi- 
mum production efficiency in relation to the length of the work 
week. 

For the specific overhaul job to which the data in Table 3 
apply, the labor cost was based upon the minimum labor cost 
line A in Fig. 5. Curve D in the lower half of the same figure 
shows the total elapsed days for the job, and is derived by apply- 
ing the working schedules which fall on the minimum labor 
cost line A. Curve £ indicates, for purposes of comparison, the 
elapsed days for the job if the production efficiency were 100 
per cent. 

The lines A, B, and C in the upper portion of the chart in Fig. 5 
were derived by plotting all the values in column 8 of Table 3, 
and the lines B and C merely show the cost pattern of certain 
groups of work weeks other than those which fall on the minimum 
cost line A. The line B shows the labor costs of 8 and 9-hr shifts 
which fall above the minimum labor cost line A. The highest 
cost line C, made up of shift schedules of 10 hr and greater, 
shows the influence of actual working efficiency and premium 
hourly pay on the over-all labor cost. The influence of absen- 


TABLE 3 COMPUTATION OF PRODUCTION EFFICIENCY AND TOTAL LABOR COST 


1 2 3 4 5 
Shift schedule————. Net hours Shift production Over-all production 
Days Hours Hours worked per week® -———efficiency, per cent ———efficiency, per cent - 
Item per per per Da Aft Night Day Aft. Night One Two Three 
no. week day week shift shift shift shift shift shift shift shifts shifts 
1 5 8 40 40 37.5 37.5 100 97.9 94.7 100 95.9 93.4 
2 6 8 48 48 45 45 93.7 89.5 86.3 93.7 . 89.9 85.8 
3 7 8 56 56 52.5 52.5 85.3 79.9 76.8 85.3 80.1 77.4 
4 5 9 45 45 42.5 42.5 100 97.4 : 100 96.0 ai 
5 6 4 54 54 51 51 94.3 90 94.3 89.6 
6 7 9 63 63 59.5 59.5 85.8 80.6 85.8 81.0 
7 5 10 50 50 47.5 47.5 97.8 94.5 97.8 93.8 
8 6 10 60 60 57 57 92.5 87.3 92.5 87.8 
9 5 1l 55 55 52.5 52.5 95.6 91.9 95.6 91.6 
10 6 11 66 66 63 63 88.8 83.6 88.8 84.3 
ll 5 12 60 60 57.5 57.5 92.4 88.2 92.4 88.4 
6 7 8 9 
Equivalent production Equivalent production Elapsed days per overhaul Total labor cost per overhaul of 
-—hours per week per shift— total hours per week——. -—of 10,000 man-hours’ —-~10,000 man-hours, dollars¢-——~ 
Item D Aft. Night One Two Three One Two Three One Two Three 
no. shift shift shift shift shifts shifts shift shifts shifts shift shifts shifts 
1 40. 36.7 35.5 40.0 76.7 112.2 159 83 57 33334 34776 
2 45.0 40.3 38.8 45.0 85.3 124.1 141 75 51 34661 38690 40348 
3 47.8 41.9 40.3 47.8 89.7 130.0 133 71 49 40128 45136 47256 
4 45.0 41.4 oe 45.0 86.4 an 141 74 = 31664 3487 ewe 
5 50.9 45.9 50.9 96.8 125 66 35831 39831 
6 54.1 48.0 54.1 102.1 118 62 41303 45278 
7 48.9 44.9 48.9 93.8 130 68 39798 43473 
8 55.5 49.8 55.5 105.3 115 60 43206 46786 
9 52.6 48.2 52.6 100.8 121 63 41295 45465 
10 58.6 52.7 58.6 111.3 09 57 45438 49. 
ll 55.4 50.7 55.4 106.1 115 43206 46786 


* After deducting mealtime on job for afternoon and night shifts. 

> Average men per shift = 11. 

* Labor costs based upon average hourly wage of $3. (incl. overhead) and shift differential of $0.06 and $0.09 per hour, or 2 and 3 
per cent, respectively. 
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teeism is shown by points 3 and 14 on line B which represent 
7-day schedules. 

On the basis of total job requirements of 10,000 man-hours and 
11 men per shift, the elapsed days for the job can be computed. 
The total cost of replacement power is then obtained by multi- 
plying the elapsed days by the assumed average daily cost. The 
chart in Fig. 7 is then derived by plotting the total cost of replace- 
ment power plus labor for each work schedule. 

The assumed efficiencies used for this study are based on a defi- 
nite annual work pattern. These figures will vary somewhat, 
depending upon the length of overhaul and frequency of jobs 
throughout the year. Long shifts and extended work weeks 
may prove to be more economical for occasional short overhauls 
of one or two weeks. During such periods relatively good pro- 
duction efficiency can usually be sustained without much absen- 
teeism. The advantage of low replacement-power cost over the 
week ends is another factor favoring extended work weeks on 
short-period overhauls. 

The effect of proper training and supervision at the job level 
undoubtedly has a substantial effect upon what production 
efficiency can be obtained. Thoughtful consideration of the hu- 
man factors involved will yield impressive returns in improved 
worker efficiency and greater employee satisfaction. 


Discussion 


Joun O’Reitiy.* This is an excellent and valuable contribu- 
tion dealing with features which influence the ability of plant to 
remain in service and discusses the limited statistical value of the 
term “operating availability.” 

The writer’s attention was focused on this and the author might 
well no doubt agree that the term “availability’’ is on occasions 
used rather vaguely. There are some who consider that there 
is no generally accepted definition. 

It is obvious, however, that in its simplest form this could be 
defined as the 


Time plant is in operation 
Time plant is available 


or, the ratio of what the plant does, compared with what it was 
either designed or purchased to do. 

A few examples, by no means confined to the electric supply 
industry, will illustrate this: 


1 Plant designed for continuous operation with a limit of 8000 
hr with a planned annual overhaul during one month of 736 hr. 

2 Plant designed for two-shift operation, i.e., 18 hr in service 
and 6 hr out. 

3 Plant designed for operating 136 hr during each week with 
32 hr shutdown and an annual overhaul period of 2 weeks. 

4 Plant designed for dealing purely with a seasonal demand, 
e.g., space heating. 

Among other points that occur to the writer, a boiler that is 
banked at pressure is available, but could it be regarded as being 
in service? Load variation also will influence availability; e.g., a 
boiler could be on full load half the time but at no load, but availa- 
ble, for the remainder of the time. 

Generally, it is agreed that the effect of steady continuous load 
compared with a fluctuating one will produce a higher availa- 
bility figure, and reference to the work of the Boiler Availability 
Committee in England clearly illustrates the importance of this 
factor. 

Finally, the author will agree that the following are factors 
which must greatly influence the value of any definition of 


3? United Kingdom Scientific Mission, Washington, D. C. 
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availability: (1) Maintenance, (2) operation, (3) fuels, (4) sys- 
tem of firing. 

The writer feels sure the author will recognize the difficulty of 
trying to produce a comprehensive formula incorporating all these 
variables. 


H. G. Turetscuer.‘ The author has placed before us many 
pertinent considerations that should be recognized in the design 
and operation of generating stations. 

For many years statistics have been assembled to show availa- 
bility records for boilers and turbines. The author’s method of 
converting outage time to an equal work-week basis is a sound 
method of comparison. 

His figures of cost highlight the necessity for prompt return to 

vice of efficient equipment. At a replacement power cost of 
Boo per hr the length of time required to cool down and bring 
up to pressure large present-day units is of major importance. 
Steam-generating units of the controlled-circulation type or the 
once-through type afford an opportunity to save at least one 
day’s time for each such cycle. On the foregoing assumed basis, 
one shutdown per year is worth $4800 per cycle or a capital in- 
vestment of $38,000. 

Fig. 3 and the accompanying text develop some interesting 
comparisons between the cost of replacement power, the change 
in heat rate to offset this cost, and the equivalent investment to 
offset the replacement power cost. 

Analysis of Fig. 3 indicates that a replacement power cost of 
$200 per hr for 100 hr would require the more efficient machine 
to have a gross heat rate of 95 Btu better than the less efficient 
machine, to break even under the assumed conditions. 

Normally, the higher efficiency unit will cost more. If we 
assume this to be $160,000 additional investment, the more effi- 
cient machine should have a heat rate of 190 Btu less to break 
even for the assumed conditions (fuel and fixed charges considered). 

It is interesting to note that the author’s Table 2, Column 5, 
“Relative Mechanical Availability,”’ shows the following results 
for a comparison of units at different pressures: 


The average of three 1800-lb reheat units is 88.7. 

The average of five 1450 and 1500-lb reheat units is 86.2. 
The single 1250-lb reheat unit is 93.4. 

The single 1250-lb nonreheat unit is 91.4. 


If we assume the gross heat rate of a 1250-lb nonreheat unit is 
9310 Btu compared to 8075 for an 1800-lb-1000 F/1000 F reheat 
unit, the difference in heat rate is 1235 Btu gross kwhr. The 
difference in outage time is 236 hr. Using the author’s basis 
of $200 per hr replacement power cost for 100 hr, balanced by 
95 Btu difference in gross heat rate, the difference in this case 
would have to be 224 Btu to break even on fuel cost. This leaves 
1011 Btu to balance against higher fixed charges. This equates 
to an allowable extra investment cost of $1,610,000 that would 
be justified for the 1800-lb reheat unit over the 1250-lb nonre- 
heat unit. 

Data presented by the author give a method of evaluation of 
respective cycles, relating these to the effect on system over-all 
power costs. 

The application of these methods requires further collection of 
such data to confirm the findings presented, and such work should 
be encouraged. 

The author is to be highly complimented for his thought-pro- 
voking and illuminating presentation. 


R. M. Van Duzer, Jr. The author is to be commended for his 


‘Chief Engineer, Western Division, Combustion Engineering, 
Inc., San Francisco, Calif. Mem. ASME. 

‘General Superintendent of Production, The Detroit Edison 
Company, Detroit, Mich. Mem. ASME. 
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contribution to the literature on this subject, which is meager at 
best. 

Maintenance expenditures are as necessary as death and taxes; 
however, there is some choice left to management as to the magni- 
tude. An examination of several electric-utility systems shows 
that maintenance unit costs may vary from 0.5 to 1 per cent of 
total operation and fixed charges per kilowatthour. In individual 
plants with modern equipment, this ratio may even be below 
0.25 per cent, 

The author’s six broad categories may well be expanded by the 
addition of other phases that are important in the consideration of 
maintenance in a steam-electric utility. For instance: (a) 
System demands characteristics and available reserve capacity, 
(b) co-operation with interconnected utilities, (c) establishment 
of a realistic preventive maintenance program, (d) integratiep 
of emergency outages into over-all planning. 

The concept as expressed in the paper of using the replacement 
cost of power during outages in evaluating benefits of increased 
cycle efficiency is new. It has not been included in the compari- 
sons made prior to selection of new equipment in the writer’s 
company. 

It may be well to repeat that the subject of maintenance man- 
agement is important because such expenditures are one of the 
few controllable items after a plant is placed in operation. 
Fixed charges, the coal and operating labor charges, are more or 
less fixed. 


AvuTHoR’s CLOSURE 


In connection with Mr. O’Reilly’s discussion, although we can 
agree with him that “the term availability is on occasions used 
rather vaguely,’”’ we cannot go along with his definition that this 
may be defined as the fraction of the time plant is in operation 
divided by the time plant is available. Furthermore, we do not 
agree that this fraction represents “ratio of what the plant does 
compared with what it was either designed or purchased to do.”’ 
If the definitions used by the Prime Movers Committee of the 
Edison Electric Institute are applied, then the four examples 
given by Mr. O’Reilly will have no effect whatsoever upon the 
definition of availability. 

It should be understood that the term availability has a 
specialized meaning in power-plant terminology and takes into 
consideration Mr. O’Reilly’s questions regarding a banked boiler 
or a boiler “‘at no load but available.’”’ Therefore the statement 
that “load variation will also influence availability’’ is not cor- 
rect in the sense implied by Mr. O’Reilly. However, we can 
agree that ‘a steady continuous load compared with a fluctuating 
one’’ may, under certain conditions, “produce a higher availa- 
bility figure.’’ This is merely an illustration of the value of the 
availability factor as an index of performance as influenced by 
various types of operation. 

The two definitions of availability factor most frequently used 
in this country are as follows 


(i) Operating availability factor 
period hours—unavailable hours 
period hours 


(ii) Service demand availability factor 
service demand hours—unavailable hours 
service demand hours 


The operating availability factor gives the total hours of availa- 
bility as a fraction of the total period involved. The service 
demand availability factor indicates the total available hours as 
a fraction of the period of service demand only rather than the 
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entire period. To state it in another way, it is the percentage 
of the time that the equipment was available during periods when 
the equipment was needed to carry the peak demands without 
curtailing normal reserves. Both of these factors are significant 
and provide a means of evaluating the performance of the unit in 
terms of certain specific operating requirements. 

Although it was pointed out in the author’s paper that availa- 
bility statistics can be very misleading unless they are properly 
understood, it was not intended to imply that the commonly ac- 
cepted definition of operating availability was without value. 
It was stated that “statistics of operating availability have fre- 
quently been confused with the concept of mechanical availa- 
bility.’” Therefore, the term “relative mechanical availability’ 
was introduced in order to “provide a more realistic yardstick of 
mechanical performance.’’ The latest turbine and boiler availa- 
bility statistics published by the Prime Movers Committee of 
the Edison Electric Institute will include figures for relative me- 
chanical availability in addition to the two other factors men- 
tioned in the foregoing. All three of these factors have a distinct 
value in analyzing equipment performance from different points 
of view, depending upon the problem under consideration. 

We cannot agree that maintenance, operation, fuels, and sys- 
tem of firing “greatly influence the value of any definition of 
availability,’ although such factors may certainly have a very 
definite influence upon the actual availability factor of the plant. 
The three availability factors mentioned in the foregoing, if prop- 
erly understood, provide a very good yardstick of the equipment 
performance for a particular design of station under the prevail- 
ing conditions of operation, maintenance, etc. 

Mr. Thielscher has used the data in Table 2 for the purpose of 
comparing the relative mechanical availability of units designed 
for different steam conditions. It was pointed out in the author’s 
paper that these figures apply only for the year of a major over- 
haul, and therefore cannot be used for comparing the long-term 
availabilities of the particular units included in the tabulation. 
Furthermore, it would not, in any event, be correct to equate 
such figures against investment costs. Operating availability is 
the only factor which can legitimately be used for this approach 
because it provides a means of comparing the actual unavailable 
hours of different units. On the other hand, the factor of rela- 
tive mechanical availability furnishes an index of the relative 
mechanical performance of the unit with respect to others of the 
same or different design, and therefrom may be derived the dif- 
ference in maintenance cost required to keep the unit on the line 
for the number of hours represented by: its actual operating 
availability. Of course the latter item of cost may also be 
considered in terms of equivalent capital. 

Mr. Van Duzer’s comments are well taken and would fit in well 
as a further expansion of our discussion under the heading of 
Plant Management as Affecting Maintenance Costs. Under the 
latter heading, however, specific reference was made to preventive 
maintenance programs referred to as Item (c) in Mr. Van Duzer’s 
remarks. Certainly all four of the items listed by him are im- 
portant problems which belong under the general heading 
of Maintenance Management. They come within the scope of 
Item 6 of the six broad categories mentioned at the beginning of 
the author’s paper. 

We are indebted to those who have contributed to the written 
discussion of this paper, particularly because it has provided an 
opportunity to rectify any possible misinterpretation of the data. 
We also wish to acknowledge the helpful comments and criti- 
cisms from various others who did not present formal discus- 
sions. 

In conclusion, it is hoped that the data presented will serve to 
stimulate further constructive thinking on this all-important 
subject. 


Maintenance Factors Affecting 
Production Costs 


By W. F. OBERHUBER'! ann C. W. 


The purpose of this paper is to show how the study of 
maintenance costs may lead us to a reduction in the total 
production cost of energy. The major factors that we 
believe contribute to the level of these costs are discussed. 
Design, management, planning, organization, and an in- 
formation-gathering system are the factors that sepa- 
rately and collectively contribute to the total effort. We 
would suggest that this subject be accorded the benefit 
of considerably greater open discussion. The results 
undoubtedly will be reflected in our over-all costs. 


INTRODUCTION 


HE production cost of a kilowatthour is a figure in which 

we are all interested. It is an indication of our success 

in doing our basic job, that is, to provide our customers 
with a reliable source of energy at a rate that makes our source 
attractive. 

By far, the largest single cost of production is fuel. The 
delivered price of any given fuel is largely a function of the loca- 
tion of the consuming company in relation to the fuel fields. This 
is a factor over which a utility has little control. Likewise, fuel 
costs can be reduced only to the extent permitted by efficient 
operation of equipment and the inherent thermal characteristics 


of the plant. Therefore let us remove the cost of fuel from the 


total production cost and examine the remainder. We have 
left the costs of supervision and engineering, plant operating 
labor, supplies and expense, and maintenance. In large pre- 
dominantly steam systems, maintenance represents approxi- 
mately 50 per cent of these costs. It is the maintenance portion 
of our production costs, therefore, that deserves our closest 
scrutiny. Here is the relatively unexplored field wherein lies 
the greatest opportunity for potential reduction of our total 
production costs. 

It is the purpose of this paper to stimulate individual thinking 
on this subject so that we may obtain a better realization of the 
importance of these maintenance costs as a factor in plant 
management. 

We can predict, with reasonable accuracy, the costs of super- 
vision and engineering from year to year. The trend to large 
units with a great deal of expensive automatic equipment has 
considerably reduced our plant-operating labor costs. When 
purchasing a new unit we have been able to justify additional 
capital expenditures for such automatic equipment through 
economic studies which accurately evaluate the resultant oper- 
ating laborsavings. Supplies and expense are a minor part of 
the total cost that can be determined readily. But what about 
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maintenance costs? While we are able to predict such costs 
on a system basis, we are not now able to predict them in rela- 
tion to specific equipment with sufficient accuracy to include this 
factor in individual equipment-cost comparisons. 

At present, when we look over a proposed design we may 
recognize certain features, that if retained, might result in exces- 
sive maintenance. If detailed maintenance costs could be pre- 
dicted accurately, they would be weighed against capital costs 
when purchasing new equipment, thereby obtaining optimum 
selection of equipment from a total-cost viewpoint. It is ques- 
tionable whether we know the parameters necessary to evaluate 
certain maintenance costs. It appears that a great deal of fur- 
ther study and discussion is necessary if we are to get the greatest 
use of the mass of maintenance-cost data we all possess. Some- 
times we will get erroneous answers from our studies, but in 
time we may reasonably expect that our maintenance-cost 
estimates will improve as additional knowledge and experience 
are obtained and analysis applied. 

In striving toward this end, we must analyze the factors that 
constitute maintenance costs. As we now see the picture, it 
appears that the major factors affecting these costs are original 
design, management policy, planning, organization, and cost- 
accounting system. 


ORIGINAL DEsIGN 


Original design of equipment and plant layout are mentioned 
first among the factors contributing to maintenance costs 
because it establishes a general maintenance pattern which can- 
not easily be changed during the useful life of the equipment. 
Therefore it is essential that manufacturing and power-company 
engineers incorporate maintenance into their design. In plant 
layout, many worth-while repair features such as accessibility, 
rigging devices, and adequate “lay-down” space are too often 
sacrificed without adequate consideration in order to gain maxi- 
mum utilization of area, improve appearance, and minimize 
capital investment. We might well ask ourselves—What is 
plant lay-down space worth per square foot? We advocate 
the economic analysis of such questions to determine if increased 
capital costs are justified by resultant maintenance savings. 

What can we do to better educate equipment manufacturers 
and ourselves, to take a more realistic approach to “‘maintenance- 
minded”’ design? Greater interchange of maintenance experi- 
ences gained from actual operation would be one answer to this 
question, since it would allow designers to select proved mainte- 
nance features. Likewise, frank discussion of manufacturers’ 
broad operational experience pertaining to specific designs should 
be encouraged, in order to preclude many costly design changes 
and sometimes even prevent failure of existing equipment. 

Of course the design engineer can make many other approaches 
to lower maintenance costs, and these should be given equal 
consideration with conventional design factors. Figs. 1, 2, and 
3 are sketches of several ideas which have improved mainte- 
nance methods. These features could be incorporated readily 
into the standard designs of the appropriate equipment. The 
additional expense for such items must be justified through their 
usefulness in facilitating maintenance operations. Into this 
category also falls the improved selection of materials for specific 
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applications and standardization of equipment components. 
The savings that have resulted from the standardization of 
electrical bushings are an indication of what can be attained. 


MANAGEMENT Po.icy 

The guiding policy of the maintenahce organization of any 
company in the execution of the maintenance program should 
be the production of energy at the lowest over-all cost and not 
necessarily the lowest maintenance cost. Therefore in striving 
for the lowest production cost, maintenance must be included 
with the costs of operation and we must scrutinize carefully 
the effect of the one on the other. In this respect we would like 
specificaily to call attention to the cost of replacement power. 
Obviously, if a system is operated for greatest fuel economy and 
it is necessary to remove a machine for maintenance work, then 
less efficient equipment must be put in service to carry the load. 
This results in increased fuel cost for the given load. An evalua- 
tion of this factor in our company over the past six years indicates 
that this cost has averaged $1,300,000 annually. This is approxi- 
mately 20 per cent of our steam-station maintenance cost as 
developed by the maintenance accounts. While not charged to 
these accounts, this cost of replacement power is truly a main- 
tenance cost that must be evaluated in any real analysis of such 
costs. The management policy with respect to maintenance 
can seriously affect this item and thus the real cost of mainte- 
nance. 

PLANNING 


Planning is the factor that has the widest effect on our main- 


tenance costs. Once the equipment has been installed, and 
assuming proper operation, the maintenance pattern is set. 
Then the important thing to be done is to plan each repair job 
to the smallest detail. It is through this means that we exercise 
our main control over these costs and it is only through control 
of costs that we can accomplish reductions. 

The initial step in our planning is the preparation of the annual 
schedule of major equipment inspections. This schedule is 
prepared from data developed in a five-year forecast of antici- 
pated load requirements, fuel and labor costs, and equipment 
performance. It is made up by a group representing the manage- 
ment of the Department and the Load Dispatching, Maintenance, 
and Station Economy Divisions. In preparing the plans for 
each year, it is our intent to put major turbine inspections on a 
five-year basis. Each outage is weighed on the basis of relia- 
bility, charges to maintenance accounts, cost of replacement 
power, possible improvement in unit fuel economy, and availa- 
bility of time, both as related to manpower and the maintenance 
schedule of the interconnection, of which we are a part. 

Fig. 4 shows an annual schedule in which the solid blocks 
represent the actual repairs that have been completed to date 
and the outlined blocks, the proposed outages for the balance of 
the year. This chart shows only those jobs that are considered 
planned maintenance; forced outages are not incorporated in 
this schedule. 

Figs. 5 and 6 and Tables 1 and 2 show the detailed work sheets 
for a typical major unit overhaul. Each outage is carefully 
planned and the work to be done scheduled so that the limiting 
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Fig. 6 Inspection ScHepuLeE—No. 2 Unit, SourHwaRK STATION 


job is given the highest priority. In many cases, after the equip- 
ment is opened up, other damage is found that was not antici- 
pated. This schedule must then be revised but the principles 
here illustrated are followed. 

With respect to the finding of unknown damage after the 
equipment is out of service, there are two points which we would 
like to make that have made possible decreased over-all costs: 


1 When it is necessary to dismantle equipment, especially 
equipment forced out of service, we have found that it has paid 
dividends to have the men on hand to cope with any eventuality. 
It may well be that for the particular job that has to be done, we 
will not require all of these men or the skills they represent. On 
the other hand, to have to bring in additional men or different 
skilled men after ascertaining the need, may delay the whole 
job to an extent that the cost of additional outage time might 
be greatly in excess of the stand-by labor costs. 

2 When equipment is dismantled to take care of a specific 
job, we believe that reliability of service and total cost can both 
be improved if, on the same outage, we take care of other situa- 
tions which potentially can cause an outage before the next 
scheduled inspection. It may be that the particular situation 
might not actually force the equipment off for some time to 
come, or it could be that by replacing a particular component 
we are foregoing a year or two of its normal life; however, we 
have found it is good practice to remove potential causes of 
failure at the time when the equipment is already out of service, 


To illustrate further the benefits of maintenance scheduling 
and the detailed planning of every major job, coupled with all 
of the aspects of effective maintenance organization, it is pos- 
sible to go back to the record and examine the actual outages. 
For the three-year period ending with 1954, it is found that the 
actual average weekly capacity unavailable due to maintenance, 
either planned or forced, was 125,000 kw. Expressed in terms 
of per cent of installed capacity, this is equivalent to 6.1 per cent. 


This company, being part of an interconnected pool of over 
7,000,000 kw, has an annual capacity obligation, including that 
for maintenance, to the interconnection. In any event the 
capacity required for maintenance purposes represents a definite 
measurable capital cost. Such a cost can be evaluated at the 
current rate for installed capacity of approximately $160 per 
kw. For instance, if due to our maintenance scheduling and 
methods, we should require an additional average outage of 
25,000 kw yearly, the charges on the increased capacity would 
amount to about $500,000 per year. 


ORGANIZATION 


Toward the attainment of lower production costs, the Main- 
tenance Division of our company has developed, under manage- 
ment’s guidance, into a strongly centralized group, operating 
under one head. This orgenization performs the bulk of both 
mechanical and electrical maintenance in our generating stations 
and substations. It numbers about 450 men and is divided into 
four major groups: (1) Superintendent’s Staff, (2) Production 
Stations Group, (3) Central Shops Group, and (4) Mobile 
Group. 

Superintendent’s Staff. The Superintendent’s staff includes a 
technical group; a planning and cost-analysis group; a trades 
training and testing group; and a clerical group. 

The technical group includes trained engineers and technicians 
qualified to handle related special problems. This group also 
aids in the development of new inspection and repair techniques, 
and keeps supervisory personnel up to date on modern mainte- 
nance methods and tools. 

A recent addition to the staff organization, resulting from our 
thinking as outlined in this paper, is the Planning and Cost 
Analysis Group which assists in the over-all planning of the sys- 
tem maintenance program. This group is charged with prepar- 
ing estimates of all large jobs and with keeping up-to-the-minute 
cost records of such work. . 
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The duties of the Planning and Cost Analysis Group are now 
being extended to include the detailed analysis of the costs of 
equipment units. We believe that such analysis is necessary 
to reduce our present data to the point where (a) they can be used 
to predict costs for use in connection with purchasing new equip- 
ment, and (b) as aid in determining the need for replace- 
ments, revision of techniques, or redesign of equipment, 
incorporating the use of better-adapted materials and methods. 

The Training Group is charged with the responsibility of 
developing tradesmen skilled in maintenance work. For this 
purpose a system has been established that satisfactorily utilizes 


TABLE 1 WORK TO BE COMPLETED WITH INSPECTION OF 
BOILERS NOS. 21 AND 22, SOUTHWARK STATION 


(a) 12-708-1-2340 Primary-Air Fans and Mills 
($2000) 1 Routine mill heduled 
2 Clean and inspect all idler bearings. 
3 ag all primary air dampers. Free up as neces- 


Coat Transport uipment 
1 Inspect all (stributor ell wear plates and angle 
iron deflectors. Repair as required. 
Repack feeder gates. Replace bushings as required. 
Repair leaks in raw-coal gate housing. 
Replace rubber seat in 21C-2 coal Ganapest gate. 
12-708-1-4325 Coal-Burning Equipment 
probably require 100 per cent rep t of steep 
castings) 


($11,000) 1 t and repair as 
2 Check burner-bay division walls and repair as re- 


(b) 12-708-1-3319 
($5000) 


and inter tube prot 


uir 
3 Re Repair coal leaks at joint between burner 2 Brn 
2 D Iso, check all re- 
urner tips for sig 
o. 7-10 holders, No. 21 boiler. 


lon Aah and Slag 
ottom Ash a: ag Equipment 

Repair refractory and water-line castings in ash pit. 
nspect ash-pit sp’ water lines. 

nspect and repair slag-pit refractory. 


12-708-1-7340 
($13,000) 


necessary. 
Inspect ash and slag trench concrete. Replace as 
necessary. 
Inspect and repair woe 5 A in section of main ash 
sluice in vicinity of 2 
Inspect and adjust ash he aes gates. (This will 
require replacement of some worn parts.) 
Repair leak in throat cooling ring 22 boiler ash pit. 
corner.) 
pair funnel at overflow 21 boiler slag tank. 
Fly-Ash Equipment 
1 Inspect conveyer and recirculating fans. 
fly-ash conveyer fan motors.) 
2 Inspect fly-as' — indicators. 
3 Inspect rotary valves. 
4 Repair fly-ash shutoff gates on fly-ash unloader. 
: Inspect and clean fly-ash indicators. 
7 


4 

Bott 

1 

3 

$ Renew ash-sluice trench plates as 
6 

7 

8 

9 


12-708-1-7341 
($4500) (Clean 


er fans. 


Free-up division dampers at fly-ash conv: 
chute. 


Repair vibrator on 21 boiler fly-ash u 
urnaces and Casing 
Inspect furnace floor. 
Acid-wash monkey ring. 
Inspect doors. 
Pressure Ve 
leaking steam drum head, 22 boiler ‘‘B” 


2 Inspect all super and economizer tubes in path of 
soot blowers and repair tube p as 
3 Repair damaged seating surface on various handhole 


Control Apparatus 
Inspect attemperator. 
alves and Piping 
Repack nonreturn valves. 
Inspect 22B economizer inlet and check valves. 
Teper 22 “B" economizer blowdown valve—line 


12-708-2-1321 
($4000) 


12-708-2-2317 
($3000) 


12-708-2-3314 
($500) 

12-708-2-4317 
($2000) 


Repair lower blowdown valve. 
Ins A Bailey valve to determine reason for 
stic 
ir Preheaters 
Adjust and repair all seals. 
Repair oil-lea’ 
Replace 21A preheater 
side). 
Forced and Induced-Draft Fans 
1 Clean and inspect blading and 
casings. Repair if necessa 
2 Inspect forced-draft-fan 
Repair cooling-water shutoff — to 12 “B” forced- 
Sam oil cooler. 


1 co and repair all secondary-air dampers and 
operating mechanisms. 

2 Inspect and repair preheater wash trough. 

3 pad burner-box insulation. 

4 Repair leaks in burner windbox. 


12-708-3-1317 
($4000) 


case ‘‘B"’ preheater. 


12-708-3-2320 
($2500) 


) 12-708-3-9314 
($2500) 
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both classroom and on-the-job training and permits advance- 
ment through successful completion of trade qualifying examina- 
tions. This group not only trains inexperienced men but also 
keeps the skilled mechanics informed of the latest advances in 
their trades. 

The Clerical Group handles the routine office functions. 

Production Stations Group. At each of our seven steam-elec- 
tric generating stations, there is a permanently assigned group 
of skilled tradesmen. The typical group is made up of the appro- 
priate tradesmen and is sized to handle the routine work load of 
‘normal’? maintenance at each location. This number will 
vary according to the type of equipment in each station and 
particularly with the presence of multiple stoker-fired boilers 
which require maintenance outages at relatively frequent inter- 
vals. During major equipment outage, this group, supplemented 
as required from the mobile forces, is given the responsibility 
of overhauling the main unit auxiliary equipment, such as pumps, 
fans, and pulverizers. 

Central Shops Group. A Central Shops Group has been 
established in order to limit investment in the larger more 
specialized machine tools and to have a group of specialists who 
ean develop high skill in shop operations. The Central Shops 
Group consists of the following: Machine, sheet-metal, heavy 
plate, welding, blacksmith, carpenter, electric, and paint shops. . 

These shops are well supplied with a variety of maintenance 
tools and equipment, but they are not equipped nor staffed to 


TABLE 2 WORK TO BE COMPLETED WITH INSPECTION OF 
TURBINE NO. 2, SOUTHWARK STATION 


In connection with the inspection of No. 2 unit, the following work should 
be completed: 
(a) 12-709-1-1325 Turbines 

($10,000) 1 Remove L-P head and inspect spindle. 
2 Install access doors on H-P casing covers for bolt- 

heating regulating valves. 
3 Inspect bolt-heating regulating valves (four). 
4 poapeet shutoff valve in turbine-seal water supply 


System 

Repair oil leaks at the following locatio: 

(a) Flange joints on internal piping in high and low- 
ressure oi! reservoirs. 
oint under cover plate on No. 3 bearing-oil 
drain box on H-P turbine. 
Clean-out plugs (three) in No. 2 bearing pedestal 
on low-pressure turbine. 
No. 3 bearing (high pressure). 
Main oil-pump suction line (high pressure). 
Main oil-pump discharge piping (low pressure). 
Defoaming-tank inspection plate. Exciter end, 
downriver, high pressure. 
panes joints on bearing-oil return pipe at No. 2 


ring. 
Defoaming-tank vent line box joints (turbine 
side adjacent to generator end low pressure). 
a oil drain-line box joint (air side- 
low pressure 
Cuno = on hydrogen seal oil (high and low 
pressure). 
Inspect float-operated level control valve in seal-oil 
vacuum tank. 
Repack Cuno oil filters (large and small). 
Repair Cuno oil-filter vent valve to a oil 
reservoir. 
Inspect stop and by-pass valves on cooling-water 
lines to seal-oil coolers. 
Inspect injector nozzles and check valves on main 
oil-pump suction in phe and reservoirs. 
Clean hydrogen seal 
Inspect seal bushing and Neti drain on low bearing- 
oil operating piston. 
‘ondensate System 
. one condensate pump. 
internal inspection on condenser including 
tube sheets and access grating in inlet water box. 
onan thermometer in ¢irculating-water inlet pipe. 
1 Tnapect main and by-pass 


valves to H-P and L-P 
en coolers. 


2 Drill © vibration-indicator access hole. 
River-Water Equipment 
Inspect 12-in. river-water Spence regulator 
Inspect 4-in. river-water Spence regulator and by- 


valve 
Toa nspect cask valve in river-water roof-tank supply 
Clean control lines and pilot valves on 12 and 4-in. 


regulator valves. 
interior of river-water roof storage tanks. 


(b) 12-709-1-2314 
($1500) 


12-709-1-3317 
($350) 


d) 12-709-1-7324 
($1000) 


(e) 12-709-3-3120 
($500) 


= 
(e) 
(A) 
4 
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E.ectrric Company 
handle all necessary shopwork. No attempt is made to compete inspection and repair of all generating station and substation 


with outside manufacturers on standard products, provided 
their delivery date is compatible with the maintenance schedule. 

Mobile Group. The Mobile Group is divided into two sections, 
namely, Mechanical and Electrical. Each of these sections is 
organized with supervision, specialists in the various applicable 
trades, and helpers, together with suitable mobile equipment. 
These sections are used either as a complete unit during major 
equipment outages or in smaller components at different plants 
as required to level out the peaks of the routine maintenance 
work. 

We have recently had an experience that has indicated to us 
the great need for adequate foremen supervision in this group. 
We believe the performance of this group has been appreciably 
improved by providing high-caliber foreman coverage for all 
shifts on large jobs. 

(a) The Mobile Mechanical Section is responsible for the main- 
tenance of all turbines and high-pressure boilers and associated 
auxiliary equipment. This section is further subdivided into 
the Boiler and Turbine Units. 

(b) The Mobile Electric Section is responsible for the periodic 


major electrical apparatus. Substation work by this group is 
limited to certain stations, except for large or unusual jobs. 
Approximately 50 per cent of the total man-hours are spent in 
substation work. This group usually works in small crews and 
normally follows a more routine schedule of work than the 
Mechanical Section. 

As a result of the flexibility which is inherent in this organi- 
zation, it is difficult to say that any part of it, except 
the superintendent’s staff, consists of any given number of 
men; rather, it is considered as an integrated organization. In 
actuality, the men are constantly being shifted to meet the 
demands of the work. This applies to those men normally 
assigned to the individual stations as well as to the mobile and 
shop groups. Any allocation of men to the local production 
station group is largely arbitrary. 

In order to give some measure of the relative size and efficiency 
of the maintenance force, Figs. 7 and 8 show, respectively, the 
size of the working force (men/10? kw) and its productivity 
(productive man-hours/10* kwhr). Comparison with basically 
local maintenance forces or other arrangements can only be made 
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by those companies that have such alignments of their mainte- 
nance forces. 

Personnel of the Construction Division can be utilized during 
periods of peak manpower requirements without serious effect 
on the completion dates of new construction work. 

The centralized maintenance organization has contributed 
greatly to our ability to execute maintenance work expeditiously. 
Likewise, it has made possible the development of a widely 
experienced, highly skilled group of employees. This arrange- 
ment, we recognize, is particularly adaptable in a system where 
all of the stations lie within a relatively compact area. 


Cost-AccouNTING SysTEM 


As was previously stated, our ultimate objective in respect to 
maintenance costs is the reduction of the over-all production 
cost of energy. Toward this objective we advocate the use of 
maintenance-cost data as a factor in the selection of equipment. 


It is, therefore, necessary that our accounting system supply us 
with detailed information in a form suitable for analysis. 

To this end we have set up a number of subdivisions of the 
FPC accounts and a system for assigning account numbers 
corresponding to units of equipment. 

Tables 3 and 4 give a summary of the details of the system. 
Table 3 shows the breakdown of the FPC accounts, and Table 4 
the group numbers for the individual equipment units. 

Referring again to Table 1, we find a particular job with the 
account number 12-708-1-2340 assigned. In this, number 12 
is the station designation for Southwark, 708-1 is the FIC 
account number; in the number 2340, the first digit “2’’ means 
pulverizers, exhausters and primary-air fans; the second digit 
“3” shows that the job is on Nos. 21 and 22 boilers, the last two 
digits “40” are the specific job number. 

From this system we are able to compare similar costs on 
corresponding pieces of equipment, even within one plant. The 
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TABLE 3 BLECTRIG MAIN- 
ENANCE ACCOUNT 


706 Maintenance supervision and ring. 
707 Maintenance of structures and sera 
707-0-1 Building structures. 
-2 Building service equipment. 
-3 Yards, railroad sidings, and trestles. 
-4 Piers, docks, and wharves. 
-5 Boiler-water pur ificati plant st str 
-6 Dredging. 
-7 Stacks. 
-9 General. 
708 Maintenance of boiler-plant equipment. 
708-1- Maintenance of coal-storage, handling, and weighing equipment. 
708-1-1 Raw fuel, transportation, storage, and handling equipment. 
-2 Pulverizers, exhausters, and primary-air fans. 


Coal-transport equipment. 

-4 Coal-burning equipment. 

-5 Gas-burning equipment. 

-6 Oil-burning equipment. 

-7 Ash and slag equipment. 

miscellaneous electrical equipment. 

-9 yenera 
708-2- Maintenance of furnaces and boilers. 
708-2-1 Furnaces and casings. 

-2 Pressure vessels. 

-3 erheat control apparatus. 

-4 alves and piping. 

-5 blowers. 

-6 Internal cleaning of pressure vessels. 

-9 General. 
708-3- Maintenance of boiler apparatus. 
708-3-1 Air preheaters. 

-2 Forced and induced fans. 

-3 Fan-regulating devices. 

-4 Boiler feed pumps. 

-5 Boiler feed-pump devices. — 

-6 Heat exchangers and P 

-7 Motors and electrical equipment. — 

-8 Feedwater treatment and purification equipment. 

-9 General. 
708-4- Maintenance of steam piping and accessories. 
708-4-1 Piping, valves, traps, accessories. 

-2 Insulation. 

-3 Motors and miscellaneous electrical equipment. 

-9 General. 
709- Maint ofg ng and electric equipment. 
709-1- | Maintenance of prime movers and generators. 
709-1-1 Turbines. 

-2 Oilsystem. 

-3 Condensate system. 

-4 Air-ejection apparatus. 

-5 Circulating-water pumps and devices. 

-6 Circulating-water system. 

-7 Generators. 

-8 Motors and miscellaneous electrical equipment. 

-9 General 2 
709-2- | Maintenance of accessory electric equipment. 
709-2-1 Auxiliary turbogenerators. 

-2 Exciters and M-G sets. 

-3 Rotary converters. 

-4 Conductors and control equipment. 

-5 Relays and instrumentation. 

-6 Station light and power—transformers and condensers. 

-7 Station light and power—switches, conductors, etc.. 

-8 Ventilation and air conditioning. 

-9 General. 
709-3- Maintenance of miscellaneous power equipment. 
709-3-1 Air compressors. 

-2 Cranes and hoists. 

-3 River-water equipment. 

-4 City-water equipment. 

-5 Fire equipment. 

-9 General. 
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system is also adaptable for use with IBM or other automatic 
accounting machines. By controlling on the proper digit num- 
ber or numbers, total costs by stations, FPC account, equipment 
subdivision or group can be obtained automatically. The sys- 
tem of subdivision of accounts was put in operation in 1952. 
Sufficient data have not yet been collected to be able, at this time, 
to demonstrate the full value. 

Special circumstances cause abnormal costs in any one year; 
therefore it is necessary to accumulate data over a sufficient 
period to minimize the effect of special cases before the data 
can be considered representative. 

To illustrate a point let us examine the cost of pulverizer 
maintenance at three different installations. This comparison 
is not intended to be conclusive because it is only a partial com- 
parison in that it is limited to the pulverizer and its associated 
primary-air fan or exhauster and does not include other significant 
costs. The answers we obtain are as follows: 


Plant A...............7.9 cents/ton 


Each of these three plants has different types of pulverizers 
supplied by different manufacturers. If we assume these 
figures are true indications of the actual long-term cost and the 
annual grind is 500,000 tons, then the difference in annual main- 
tenance cost between Plant A and Plant C is $17,500. Express- 
ing this cost difference in terms of capital, it follows that we 
could afford to pay an additional $140,000 at Plant A for the 
kind of an installation that we have at Plant C and still break 
even. This comparison, of course, is incomplete. 

These figures point out that analysis can also bring out other 
information. At Plant C we have long been aware that the 
combustible in the fly ash is in excess of that which we consider a 
reasonable amount. Other independent investigation has shown 
that in repairing these pulverizers, we have not been correcting’ 
a critical wear point. Therefore, although the cents per ton is 
very low, the low figure is at least partially due to insufficient 
expenditure on this installation. Examination at this time 
indicates that proper analysis of these costs might have shown us 
some time ago that this installation was not being maintained 
properly. 

This example points up the necessity to examine low costs as 
well as high ones. It is quite easy to fall into the trap of saying 
that such and such is good equipment on account of the low main- 
tenance cost. Perhaps this is so, but not necessarily, and we 
must be cautious of such statements. 


TABLE 4 ELECTRIC PRODUCTION—STEAM-POWER KEY TO GROUP 
NUMBERS USED IN GROUP-ACCOUNTING SYSTE 


Station 
desig. Group 1 Group 
Schuylkill Station 
1 Turbines Gene #3 
Boilers $23 & $24 
Station 
7 Turbines Gene fl 
Boilers #l 
Chester Station 
8 Turbines Gene 
Boilers #18 & #20 
{Pain ly 
ines neral 
Boilers 
urbines 
Boilers #63 #64 
‘urbines 
Boilers 
Southwark Station 
12 Turbines Generally #1 
Boilers #1l & #12 


Group #7, interior painting. 
Group #8, exterior painting 
Group #9, operating proration. 


Pressure. — Low Pi 
Group 3 Group 4 Group 5 
1, #2, #7 #5, $8, #9 
toker boilers Oil boilers 
#2 
#2 
$6 1, #2, f°; #4 ers 
itoker boilers Oil boilers 
#8 fi. 3. if. #5, #6 
#81 toker boilers Oil boilers 
#12 #10 & #11 ane 
#65 & $66 Stoker boilers Oil boilers 
#4 1 & #2 
#41 oil £4... 
#2 
#21 & $22 


Fluid Flow Through Two Orifices in Series 


I1I—The Parameters of Metastable 
and Stable Flow of Hot Water 


By W. J. KINDERMAN! anno E. W. WALES,? PHILADELPHIA, PA. 


The flow of hot water, with saturation pressure above 
the downstream pressure, through orifices or nozzles 
depends largely upon the nature of the expansion of the 
fluid and the confinement of the expansion by the orifice or 
nozzle. Intermolecular forces as influenced by surface 
tension tend to metastabilize the initial liquid phase to a 
corresponding subsaturated pressure. These forces also 
tend to metastabilize the droplets formed in steam at the 
critical size corresponding to the critical pressure at ex- 
pansion. The influence of orifice or nozzle form on the 
expansion process for initially stable and metastable enter- 
ing fluid is analyzed with confirming test data interpreted 
from the intermediate-pressure measurements between 
two identical orifices in series. Control effects obtainable 
with change of the intermediate pressure between two 
orifices as determined by the thermal state of the fluid 
are briefly discussed and a new practical application fgrm 
of such a control element as applied to condensate re- 
moval from steam systems is described. Attention is 
directed toward new avenues for further investigation in 
this field. 


INTRODUCTION 


r NHE conditions which govern the flow of hot water through 
orifices, both singly and in series, have been treated by a 
number of investigators and the improving consistency of 

experimental results indicates that many of the more important 

factors have been recognized. Although the initial approach was 

‘based upon the application of known flow laws on the assumption 

that thermodynamic equilibrium was instantly established with 

respect to pressure drop along the flow stream, it is now generally 
recognized that the hquid state may persist to pressures below 
the vapor pressure and that this metastable state has pro- 
nounced effect upon the flow. It is the purpose of this paper to 
summarize briefly the findings of previous investigations with 
particular attention to the flow of hot water through rounded- 

entrance orifices and to extend the field of investigation over a 

considerably higher pressure range. An effort is made to define 

the parameters of stable and metastable flow and to analyze these 
parameters largely by observing effects on the intermediate pres- 
sure between two identical orifices arranged in series. The prac- 
tical aspects of this series orifice arrangement as a control element 
are presented. 

The previous papers of Stuart and Yarnall (1, 2),* Bottomley 

(3), and Benjamin and Miller (4) refer to the metastable state and 


1 Director of Research, Yarnall-Waring Company. Mem. ASME. 

2 Product Development and Application Engineer, Yarnall-Waring 
Company. Assoc. Mem. ASME. 

3 Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Power Division and presented at the Diamond 
Jubilee Annual Meeting, Chicago, Ill, November 12-18, 1955, of 
Tue AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
October 5, 1955. Paper No. 55—A-192. 


the higher flow values associated with the persistence of metasta- 
ble or superheated liquid. Bottomley’s (3) experiments show 
that the increased flow rate of saturated water through orifices 
and nozzles is much greater than prediction based upon stable 
conditions, and the tests of Benjamin and Miller (4) indicate that 
hot water up to saturation may pass through the throat of a sharp- 
edged orifice essentially in the metastable liquid condition. Al- 
though the metastable state previously had been attributed to 
surface-tension effects, the work of Burnell (5) develops a relation 
to surface-tension forces which is in close agreement with his 
experimental flow measurements as well as with previously pub- 
lished data. This and most previous investigations are limited 
to maximum pressures of about 175 psia. 

Stuart and Yarnall in their paper (2) confirm the findings of 
Benjamin and Miller (4) with regard to an approach to complete 
metastability of hot-water flow through sharp-edged orifices 
Pronounced vapor emission from the surface of a jet of clear 
metastable fluid flowing to atmosphere in a highly superheated 
condition was observed before the jet reverted to the stable condi- 
tion. J. F. Bailey (6) treats the surface blow emitted from the 
metastable stream as a separate flow phase through the orifice and 
develops corresponding total flow relation. Although this con- 
tribution is limited to relatively low initial pressures, it has 
some correlation with the work of Burnell (5) who treats the two- 
phase flow in terms of a mixture of differing velocities of the 
steam and water phases. 


MeTERING oF FLow Two Onririces In SERIES 


When hot water at relatively high pressures above saturation 
pressure flows through two identical rounded-entrance orifices in 
series, the flow is generally stable through the first orifice and 
metastable through the second orifice. Flow through the first 
orifice therefore conforms to well-defined flow laws which suggests 
that this orifice can be used as a flowmeter for the metastable 
conditions existing in the second orifice. This greatly simplifies 
the testing since flow measurement by weight can be eliminated 
and the flow for a given temperature condition obtained from 
the measurement of pressure at the upstream and downstream 
locations of the first orifice. The test procedure used in this 
investigation included some actual flow determinations by weigh- 
ing the discharge after passage through a condenser. On the 
basis of the established metering accuracy of the first orifice the 
larger range of the testing was then restricted to pressure and 
temperature measurements at the terminal and intermediate-flow 
locations of the orifices in series. The test information obtained 
was therefore useful as a basis of analysis of flow through a single 
orifice as well as in the determination of intermediate pressures 
between the two orifices over the extended temperature and 
pressure range of the investigation. 


Test EquirpMENT 


The testing equipment used is the same as that described in 
the Stuart and Yarnall paper (2) and is schematically shown by 
Fig. 1. It consists of a vertical water-column receiver with valve 
connections to the blowoff, feed pump, and steam lines of a high- 
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pressure test boiler to obtain the desired initial temperature and 
pressure conditions of the water in the receiver. The orifices 
under test are connected to the column along the lines shown 
with provision for temperature and pressure measurement as 
indicated. On test runs where the discharge was not weighed 
the flow can be freely discharged to atmosphere for observation. 


PressurE-FLow RELATIONS FOR Two IDENTICAL ORIFICES IN 
Series 


The continuity of the constant-enthalpy flow through two 
identical orifices permits simple direct analysis of the metasta- 
bility in all cases where the water initially enters the second 
orifice in a stable condition. In these cases P; — P, = P, — P, 
where P; = the initial pressure, P, = the intermediate pressure, 
P, = the throat pressure in the second orifice. From this 
relation P, = 2 P, — P,. 

It also can be shown that 


P, + (1 — ©)P, 
2 


where C is the coefficient of metastable flow based on the surface 
tension as developed by Burnell (5) and P, is the vapor pressure 
of the liquid corresponding to its initial temperature. The 
derivation of this relation is given in the Appendix. The analysis 
of the observations is largely based on the foregoing relations 
supplemented by the visual appearance of the discharge from the 
downstream orifice. 


P, = 


Review or Previous Test Resutts or FLtow 
IpeNTICAL ROUNDED-ENTRANCE ORIFICES IN SERIES 


Attention is first directed to Fig. 2 which is reproduced from the 
Stuart and Yarnall paper (2). This shows the intermediate 
pressure developed between two similar rounded-entrance orifices 
in series of various lengths with respect to the varying vapor 
pressures and for an initial pressure of 100 psia. For comparison 
it also shows similar data for two sharp-edged orifices in series. 
It will be noted that the intermediate pressure for the sharp- 
edged orifices as shown by curve 5 remains constant midway 
between the initial and discharge pressure until the vapor 
pressure exceeds the intermediate pressure. Closely similar re- 
sults are observed in curve 6 for two short rounded-entrance 
orifices with no parallel throat section. This is indicative of 
retention of the metastable state through both the sharp-edged and 
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INITIAL SATUZATION Pressure (P) PS! ABS. 
zo eo Bo 
INITIAL TEMPERATURE °F 


1 Constant initial tota! pressure 6 Metastable flow intermediate 

2 Constant discharge region pressure pressure for rounded-entrance 

orifices, 1 diam long “ 

3 Initial saturation pressure 7 Metastable flow intermediate 
pressure for rounded-entrance 
orifices, 5 diam long 

Stable flow intermediate pressure 8 Metastable flow intermediate 

Metastable flow intermediate pressure for rounded-entrance 

pressure for sharp-edged orifices orifices, 8 diam long 


Fie. 2 Pressure Dracram ror or Hor Water THRrovGH 
RouNDED-ENTRANCE ORIFICES IN SERIES 


short rounded-entrance orifices essentially to downstream pressure 
conditions and corresponds to the observations of Benjamin and 
Miller (4). The curves for similar rounded-entrance orifices with 
longer throat sections (curves 7 and 8) show an increase in the in- 
termediate pressure from the point where the vapor pressure, ex- 
ceeds the downstream atmospheric discharge pressure and corre- 
sponds to stable flow throughout both orifices. At higher vapor 
pressures, however, the intermediate pressure does not continue 
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to rise in true accord with stable flow conditions but reverts to a 
lower rate of pressure increase. 


New Test Resuutts on Ftow Turoveu Rounpep-ENTRANCE 
OrIFICEs IN SERIES 


Fig. 3 shows new ‘est data for two similar rounded-entrance 
orifices in series and an initial pressure of 100 psia corresponding 
to the conditions of Fig. 2. The effect of throat length on the 
intermediate pressure is shown for orifices having parallel throat 
sections one half a diameter (curve 6) and one diameter (curve 7) 
in length. The case of the rounded-entrance orifice with zero 
throat extension is also reproduced for comparison as curve 5. 
The increase in intermediate pressure with orifice length clearly 
indicates that a critical pressure is established in the second 
orifice and that the liquid is therefore not completely metastable 
in its passage through the second orifice. 


Res 


Pressure Psi 


SATURATION Pressure (P) Ps: Res. 


22 240 2eo 280 Boo 320 
TEMPERATURE °F 


Constant initial total pressure 

Constant discharge region pressure 

Initial saturation pressure 

Stable flow intermediate pressure 

Metastable flow intermediate pressure for rounded-entrance orifice 


Metastable flow jects pressure for rounded-entrance orifice L = 
1 1 


7D= 
Metastable flow intermediate pressure for rounded-entrance orifice L = 


Intermediate pressure for metastable flow as calculated from surface 
tension 

Fie. Pressure Diagram ror or Hor Water THROUGH 

RounDED-ENTRANCE ORIFICES IN SERIES 
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In the case of the orifice with extended parallel throat section 
one-half diameter long (curve 6) the intermediate pressure falls 
between the completely metastable curve of the short orifice 
(curve 5) without throat extension and the curves of the longer 
orifices of Figs. 2 and 3. The orifice with the throat extension 
one diameter long as shown in Fig. 3 (curve 7) compares favorably 
with the previous Stuart and Yarnall (2) test data as shown in Fig. 
2, curves 7 and 8. 

Fig. 3 also shows the intermediate pressure with respect to the 
vapor pressure as calculated from metastability imparted by 
surface tension in accordance with Burnell’s method (5) as curve 
8. The derivations are contained in the Appendix using a 
reference flow value for saturated water at an initial pressure of 
200 psia as included in Fig. 15 of D. R. Yarnall’s discussion of 
the Benjamin and Miller paper (4). This reference is mentioned 
by Burnell (5) as being in close agreement with the similar pre- 
vious observations of Bottomley (3) as well as those of Burnell 
(5). 
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It is significant to note that all of the curves with the exception 
of the completely stable or completely metastable flow cases 
appear to cross the initial saturation pressure line at a common 
point A, corresponding to the calculated intermediate pressure 
based on the surface tension. 


Revisep Hyporuesis 


An explanation of the flow behavior of hot water through 
rounded-entrance orifices is postulated with reference to Fig. 
4(a,b,c,d). Taking first the case of saturated water flowing 
smoothly from initial pressure P; through the short orifice of 
Fig. 4(a) without throat extension beyond the entrance radius, the 
pressure will drop progressively below the vapor pressure from 
P, with acceleration of the liquid into the orifice. During this 
initial pressure drop the liquid is metastabilized by the intermolec- 
ular forces, as represented by the surface tension, to a limiting 
pressure drop where balance is reached with the increasing differ- 
ential between the vapor pressure and the diminishing fluid 
pressure. At the surface of the stream, however, the vapor pres- 
sure is no longer in equilibrium with the diminishing pressure and a 


> - Showing expansion of meta- 
stable hot water in throat 
section of longer rounded- 
entrance orifice to form 
metastable droplets at 
critical pressure P, 


a ~- Showing free expanrion of 
metastable hot water after 
passage through a short 
rounded-entrance orifice 


& - Showing expansion of initially 
turbulent hot water and trane- 
formation from liquid stream 
with entrained steam to steam 
jet with metastable droplet 
suspensions at critical 
pressure 


c - Showing expansion of initially 
turbulent hot water under 
conditions where surface 
tension forces exceed P, - Pa 


Fig. 4 SHowina TRANSFORMATION OF METASTABLE OR STABLE 
Liquip Entertne Rounpep-ENTRANCE ORIFICES TO METASTABLE 
Dropuets in Steam at Ornirice THROAT Secrion 


vapor envelope will therefore tend to form about the metastable 
liquid jet along the lines suggested by Bailey (6). As the pres- 
sure drops below the range of metastability afforded by the sur- 
face tension, the requirements for nucleation of steam bubbles in 
the liquid are satisfied and expansion toward a stable liquid- 
vapor mixture will be initiated. This nucleation and expansion 
take time and the velocity of the jet will therefore tend to shift 
the expansion process to a short range downstream from the 
starting point. In the case of the short orifice, a, this may ap- 
proach or extend beyond the orifice restriction where freedom 
for expansion will permit flow to take place with the pressure 
differential essentially equal to the difference between the initial 
and downstream pressures. If the flashing is retarded until the 
flow clears the orifice, the measured flow would therefore approach 
that of normal hydraulic conditions taking into account the 
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density based on the initial water temperature. Fig. 4(a@) pic- 
tures this condition. 

In the case of the orifice of Fig. 4(6), which has a parallel throat 
section extending beyond that of Fig. 4(a), the liquid is contained 
within the confines of the orifice throat after nucleation of the 
first steam bubbles and the beginning of the expansion process. 
At pressures down to this point the flow stream consists of a 
continuous liquid phase metastabilized by the surface-tension 
forces but with the vapor pressure exceeding the diminishing fluid 
pressure by an amount equivalent to the surface-tension forces. 
Just below this point nucleation of critical size steam bubbles may 
be expected to develop in the liquid followed by rapid expansion 
towards equilibrium at this critical pressure P,. The same inter- 
molecular forces, as represented by the surface tension, which 
retard steam-bubble formations are still present in the liquid 
phase, however, and may be expected to form droplets correspond- 
ing to the critical size essentially at the transformation pressure 
P,. Therefore surface tension will tend to retain the metastable 
state of the liquid droplets in the steam media as indicated in Fig. 
4(b), and the droplets may be expected to pass through the orifice 
in the metastable state but with steam emission from the surface 
of the superheated droplets comparable to that observed in the 
case of the superheated jet. 

Since the steam phase is now the continuous phase, its flow 
characteristics rather than its metastable liquid suspensions would 
govern the pressure of the flow stream. The previously men- 
tioned steam envelope which forms about the core of the fluid 
stream would tend to maintain communication with the transi- 
tion zone upstream to the start of the envelope formation and 
downstream to the discharge. This venting of the throat can be 
expected to fix the pressure at a common critical value slightly 
higher than that for steam alone. This follows from the con- 
tinuous release of steam from the surface of the liquid phase as it 
passes through the orifice as compared to a constant initial steam 
supply. 

Theoretically the intermediate pressure corresponding to ideal 
streamlined flow should follow the calculated curve 8 of Fig. 3 but 
the actual flow through the second orifice was made turbulent by 
the discharge through the first orifice. It appears from curve 7 
of Fig. 3 and also from the curves of the longer orifices of Fig. 2 
that the liquid phase persists as the continuous-flow media as 
long as the surface tension is not exceeded by the predominance 
of the vapor pressure over the fluid pressure. This flow condition 
is illustrated by Fig. 4(c). At pressures slightly below this point 
the flow stream changes abruptly to metastable droplets in a 
continuous stable steam phase. This appears to take place at 
essentially constant-pressure conditions and is illustrated by 
Fig. 4d). The stable and metastable liquid paths in this process 
coincide when saturation conditions are reached in the inter- 
mediate chamber between the two orifices in series. 

Summarizing this chart, the liquid may develop stable or 
metastable conditions, depending on the orifice entrance and the 
flow-stream conditions, until the surface-tension forces are ex- 
ceeded by the predominance of the vapor pressure over the fluid 
pressure. At this point the flow changes from either a metastable 
liquid or a stable liquid containing steam bubbles to a steam jet 
with critical-sized metastable droplets. The expansion then takes 
place essentially at constant pressure and moves toward equilib- 
rium at this pressure. Downstream from this point the steam 
flow is the governing factor, with the influence of vapor emission 
from the metastable droplets as a smaller influencing factor. 


INFLUENCE oF Vapor Emission From MerastaB.Le Liquip on 
FLow 


Increase in the orifice length also may be expected to result in an 
increase in the cross section of the steam envelope surrounding the 
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liquid jet with corresponding influence on the flow. Although 
there is reason to believe that this condition may favor retention 
of the metastable state of the liquid by cushioning the effects of 
the surface irregularities along the orifice wall, it also will tend to 
reduce the flow at higher pressures by subtracting increasingly 
from the cross section of the liquid stream. 

The extraction of latent heat energy with vapor format on at 
the surface of the stream must be accompanied by cooling of the 
liquid surface layer with a corresponding reduction of the vapor 
pressure and an increase in the surface tension. This favors re- 
tention of the metastable state at the surface of the jet to a lower 
pressure than that of the hotter fluid in the core of the stream 
and may explain the explosive nature of the transition to stabil- 
ity in a jet of highly superheated water flowing to atmosphere 
through a sharp-edged orifice as observed by Stuart and Yarnall 
(2). 


Some OssERVATIONS AT HiGgHER PRESSURES 


Fig. 5 presents a number of curves showing the intermediate 
pressure between two identical rounded-entrance orifices with 
throat extensions one diameter long with respect to increasing 
vapor pressures to values slightly in excess of the limiting surface 
tension for various intial pressures up to 1500 psia. The flow 
into the second orifice is turbulent. The similarity of these 
curves to curve 7 of Fig. 3 indicates that the flow behavior follows 
the same continuing pattern at the higher pressures. It will be 
noted that some of the curves show a slight upward shift of the 
intermediate pressure but this may be due to a secondary effect 
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of turbulent conditions at the entrance to the second orifice 
rather than an independent flow characteristic. The calculated 
intermediate pressures based on surface-tension effects also are 
shown by the dotted lines. At this writing the high-pressure tests 
have not been extended to the upper range of vapor pressures and 
the information is therefore incomplete. This and the higher 
pressure area could be the subject of further investigation. 
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A PracticaL Conrrot APPLICATION OF Two ORIFICES IN SERIES 


Hot-water flow through orifices in series finds an important 


practical application as a control element to regulate the dis- - 


charge of condensate from steam systems. Fig. 6 shows a new 
design of the steam trap which effects drainage of condensate in 
response to intermediate pressure. The orifices in this case 
are variable and serve as discharge ports to relieve the system of 
condensate as well as to control the flow. The two valves are 
mounted in line on a lever plate which rocks on a rolling fulcrum 
beyond the downstream orifice to raise and lower the valves 
simultaneously. The valve members are shaped to open pro- 
portionately in relation to the lever movement so as to maintain 


Fic. 6 SHow1ne a Practica, APPLICATION OF Two ORIFICES IN 
Series as A ConTROL ELEMENT FOR DRAINING CONDENSATE FROM A 
AM SysTeM 


control conditions throughout the range of movement of the 
valves. The valve lever contacts a stop in the closed position 
which prevents the valves from completely sealing and provides 
for a continuous control flow. The adjustment of the valve 
clearances in conjunction with the lever relations are such that on 
steam the intermediate pressure is sufficiently high to maintain 
closure. On condensate flow, however, the intermediate pressure 
drops to a lower value and results in valve lift thus conforming to 
steam-trapping requirements. 

It is very important that flow through the downstream orifice 
be metastable for this develops a low intermediate pressure on 
hot condensate flow and results in continuous discharge. At the 
same time positive valve closure must be obtainable on steam. 
The forms of the two series orifices in this case represent a consid- 
erable departure from those of the simple test orifices of this 
investigation and the area relations are likewise different between 
the two orifices. While these modifications serve to introduce 
desirable characteristics to satisfy the particular application, 
the actual performance is directly related to the flow properties 
demonstrated by the simpler test arrangement of two rounded- 
entrance orifices in series. 


RESEARCH FOR THE FUTURE 


Up to the present time the subject of hot-water flow through 
orifices has not been explored to any degree comparable to the 
companion subject of steam flow and there are many avenues for 
further work. Although the relations discussed in this paper are 
developed around a summary of previous investigations, they must 
be considered as preliminary. Many controlling factors such as 
the surface energy at the phase boundaries, the effect of localized 
cooling by surface evaporation, the effect of heat transfer between 
surface and interior of metastable liquid, and the time factor of 
transition events have been but lightly touched upon or are com- 
pletely ignored. There is therefore much need for further 
study. 

The flow of initially mixed vapor and liquid phases through 
orifices, which has been totally excluded from this paper, is an- 
other area for further investigations. Some of the performance 
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characteristics of orifices in series as applied to the practical steam- 
trap application depend upon the flow relations in this region. 

With increasing boiler pressures into the supercritical-pressure 
range it is becoming increasingly important to appreciate fully 
the effect of orifice restriction on hot-water flow as well as on 
steam. Since this becomes one field in the supercritical region, 
it is expected that rapid progress will be made by the merging 
of the two subjects into a single field of interest. 
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Appendix 


In his paper (5), Burnell develops a relation of surface tension of 
the metastable flow of saturated water through short orifices or 
nozzles. This portion of his paper is quoted as follows 


(Ib-ft see) = ge Pi pr 


“where X = area of nozzle throat, in square feet, P; = initial 
pressure in-lb per square ft, p; = initial density in lb per cubic 
foot, and c = a coefficient, it is found that the throat velocity 
corresponds to a pressure drop of about 0.3 P, (0.35 P, at 5 Ib 
per square inch, and 0.264 P; at 175 lb per square inch). The 
critical pressure drop corresponds, therefore, to a nearly con- 
stant ratio of expansion, which implies a nearly constant tem- 
perature drop. The equation 


may be written 
cP. 
r 


where 
P, = vapor pressure 
P,, = hydraulic pressure 
o = surface tension 
r = radius of bubbles (¢ and r in c.g.s. units) 


“The experimental results suggest that P;r may be constant 
and that variations in ¢ correspond to variations in ¢. Table 
1, therefore, has been computed on this assumption. 

“Taking the experimental value of M/X = 4,830 for 175 lb per 
square inch absolute, the corresponding velocity in throat = 
be 84.6 ft per second; then 
Xp 546 

_ seat 


= 122 ft 
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TABLE 1 TABULATED VALUES,* CALCULATED SURFACE-TENSION COEFFICIENTS AND CORRESPONDING 
INTERMEDIATE PRESSURES BETWEEN TWO ROUNDED-ENTRANCE ORIFICES IN SERIES WITH RESPECT TO VAPOR PRESSURE 
AND VARIOUS INITIAL PRESSURES UP TO 1500 PSIA 
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2 
Values of ‘> for pe as 


Vapor press, Temp, 

», psia deg a Cc Pi = 100 Pi = 200 Pi = 300 a= Pi = 600 Pi = 1000 Pi = 1500 
25 240 48.2 0.441 57.0 107 157 Pet ay 257 307 507 757 
50 281 43.0 0.394 65.2 115 165 215 265 315 515 765 
75 307 39.9 0.365 73.9 24 174 224 274 324 524 774 

100 328 37.2 0.340 133 183 233 283 333 3 7 
200 382 30.5 0.279 222 272 333 372 572 822 
300 417 26.3 0.241 314 364 414 614 864 
400 445 23.0 0.210 408 658 908 
500 467 20.5 0.188 503 703 953 
600 486 18.5 0.169 749 999 
750 511 16.0 0.146 820 1100 

1000 5 12.5 0.124 1188 

7.4 0.068 


@ Based on Zemansky’s values given in second edition of ‘‘Heat and Thermodynamics.” 


hp 54.6 = 0.264 

175 X 144 
which is the value of ¢ for 175 lb per square inch. It is then 
assumed that, for any pressure 


0.264 X for corresponding saturation pressure 
for 175 lb saturation 
= 49.2 


“For water freed from dissolved air and gases, Hall found 
o = 75.48 —0.14¢(degC)............. 7] 


“The upper curve of Fig. 2 represents the results in Table 1, 
and it will be seen that it is in very close agreement with the ex- 
perimental points determined by Bottomley and the author. 
It is also very similar to an experimental curve given by D. R. 
Yarnall in the discussion of the paper by Benjamin and Miller.’’ 

The saturated water-flow curve for the rounded orifices referred 
to by Burnell (5) as submitted by D. R. Yarnall to the discussion 
of the Benjamin and Miller paper (4) is reproduced as Fig. 7 
Since it represents data on which there is close agreement, the 
saturated water-flow value for 200 psia initial pressure is used 
as a reference to develop an extended range of metastable flow 
relations based on Burnell’s approach (5). In view of the ex- 
tended pressure range and departure of calculated surface- 
tension values from the zero limit at the critical pressure, tabu- 
lated values of surface tension taken from Zemansky’s second 
edition of ‘Heat and Thermodynamics’”’ were used in the cal- 
culation. 

The experimental saturated flow rate at 200 psia as taken from 
the curve of Fig. 7 is 5300 psf per sec. The velocity 


U = flow rate X initial specific volume 
= 5300 X 0.01839 = 97.5 fps 
U? 97.5? 
M ed velocity head = —- = —— = 147, 
easured velocity he: 29 614 147.6 
measured velocity head 147.6 : 
actual initial head 0.01839 X 200 x 144 
Coo Ox 0.279 Ox 
Ax 30.5 


C20 = = 0.279 


Cxy= 


where 


Cx = surface-tension coefficient for condition X 
0x = surface tension for condition X 
Ao» = surface tension corresponding to saturated water at 
200 psia 
If two orifices are arranged in series, the surface-tension co- 
efficient C can be introduced to develop the influence of the cor- 


responding metastability in terms of the intermediate pressure 
between the orifices. This relationship is developed as follows 
By continuity of liquid flow and identical form of the orifices 


P,\—P,=P,—P, 
where 
P, = initial pressure 
P. = intermediate pressure 
P, = mean critical or throat pressure in second orifice 


If the flow is stable P, approaches P, where P, = initial saturation 
pressure of liquid. 

Surface tension, however, lowers the pressure of the phase 
transition by cP, The limiting throat pressure may therefore 
be expressed as (1— C) P, = P,: 
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Substituting 
Solving for P, 
2P,=P,+(1—C)P, 


P 
2 


This relationship only applies to the flow regions where stable 
liquid enters the second orifice. If flashing occurs in the inter- 
mediate chamber, two-phase flow will take place initially through 
the downstream orifice which represents a departure from the 
assumptions. 

Table 1 gives surface-tension values as supplied by Zemansky 
and the corresponding calculated values of c, the surface-tension 
coefficient for pressures up to 1500 psia. The calculated inter- 
mediate pressures between two rounded-entrance orifices .in 
series for metastable flow and critical pressures developed within 
the second orifice also are given with respect to various vapor 
pressures and initial pressures up to 1500 psia. 


Discussion 


W. T. Borromiey.‘ The values of C for pressures below 200 
psi abs given in Table 1 of the paper, based on Zemansky’s sur- 
face-tension values, are considerably higher than the values of C 
given by Burnell® based on Hall’s surface-tension values. Fig. 2 
of Burnell’s paper shows that his values of C are in agreement with 
experimental results and since the authors’ Fig. 7 agrees with 
Burnell’s Fig. 2, it is clear that the authors’ values of C do not 
agree with their Fig. 7. If Zemansky’s surface-tension values 
are correct then Burnell’s suggestion that P,r is constant does 
not agree with experimental results, in which case the authors’ de- 
terminations of C by extrapolation for pressures above 200 psi 
will not be correct as they are based on the assumption that P,r is 
constant. 

Have the authors direct or visual evidence that cavitation 
occurs before the outlet of the parallel-throated orifice as shown in 
Fig. 4(b)? This could be established by observing the flow 
through a two-dimensional orifice having glass sides as described 
in the writer’s 1948 paper.* Fig. 2 of that paper shows a two- 
dimensional converging-diverging nozzle, but the same idea can 
be applied to a two-dimensional orifice discharging into a two- 
dimensional pipe. The results of the tests on the flow of hot water 
at 212 F and 17 psi abs initial pressure through the converging- 
diverging nozzle is shown in Fig. 10. Visual observation of the 
flow under metastable condition does not support Bailey’s sug- 
gestion indicated in Fig. 14 of his paper.’ There is no sign of 
cavitation before the throat of the nozzle. The authors suggest 
that a vapor envelope will tend to form at the surface of the 
converging stream. This implies that a condition of stable ther- 
mal equilibrium exists at the boundary, but the evidence is 
against this. 

Fig. 10 also shows that a considerable free fall of pressure 
beyond the throat is necessary to obtain metastable flow which is a 
condition which does not exist in the parallel section in Fig. 4(b). 
The free fall also rules out the authors’ suggestion that the flow 
through the sharp-edged orifice is metastable essentially to the 


final pressure in Fig. 2, because P, is the mean between P; and P:. ~ 


‘Springfield, Colvend, Dalbeattie, Kirkcudbrightshire, Scotland. 

* Reference (5) of the paper. 

*“Erosion Due to Incipient Cavitation,’” by W. T. Bottomley, 
Journal of The Institution of Mechanical Engineers, vol. 158, 1948. 

7 Reference (6) of the paper. 
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Benjamin and Miller (1941) show in Fig. 11° no vena contracta 
beyond the throat of a sharp-edged orifice when discharging from 
high pressures to atmosphere indicating that the orifice-discharge 
coefficient is nearly unity with metastable flow. They also show 
the same values of M/A for sharp-edged orifices when discharging 
to atmosphere as those given in Fig. 7 of the authors’ paper for 
orifices with radiused entry. These two facts indicate that the 
critical pressure at the throat of the sharp-edged orifice is the 
same as that for the radiused-entry orifice. 

The discharge coefficient for a sharp-edged orifice passing cold 
water is 0.62 and since P, = 57'/2 in Fig. 2, the flow through the 
first orifice is 


= 0.62 X 96 Vp(P: — P.) 


= 0.62 X 96 0/57'/2(100 — 571/,) = 2940 


For the second orifice Burnell’s coefficient of cavitation C = 
0.298 when P, = P, = 57'/2 

. = 96 V pP. X 0.298 = 2980 
These flows are practically the same which confirms that P, = 
57'/2, but there is nothing in the two flow equations to indi- 
cate that P, is necessarily the mean between P; and atmospheric 
pressure. It appears to be a coincidence. 

Rateau has shown that when passing dry steam through a 
sharp-edged orifice the discharge coefficient is 0.63 for small 
pressure drops and rises to 0.83 when the pressure ratio is 0-4 (see 
“Flow of Steam’’). 

There is no indication of the value of M/X when P, is less than 
P,. For example, what was the measured value of M/X when 
P, = P,? It does not appear that two orifices in series are 
suitable for draining interstage feed heaters in power stations. A 
single orifice with radiused entry as recommended by the writer 
in 1936, has been proved perfectly satisfactory, and is universally 
adopted in this country. 


Avtuors’ CLosuRE 


The discussion submitted by W. T. Bottomley is very much 
appreciated from the standpoint of the pertinent questions raised 
and the opportunity afforded for further comment on these issues. 

Zemansky’s surface-tension values were used in preference to 
the values calculated by Hall’s formula to satisfy the approach to 
zero limitation at the critical pressure which Hall’s values do not 
satisfy. While it is quite true that the calculated flow values 
based on Zemansky’s surface-tension data do not check the 
measured flow values as closely as those of Burnell based on 
Hall’s formula, the difference is a square-root function and is 
therefore less than the direct difference of the values. It is in- 
teresting to note that the formula a = 75.64 — 0.1391T — 
0.0003 ¢? as given in ‘“‘Thermodynamics,”’ by J. H. Keenan, yields 
values which are closer to those of Hall at the lower pressures and 
temperatures and approach somewhat closer to the zero limit 
at temperatures approaching the critical. The rather wide differ- 
ences in surface-tension values quoted by the different authors 
clearly indicate a need for further work to establish the true rela- 
tions for universal adoption. 

Although no specific evidence of cavitation was observed in the 
parallel-throated orifice of Fig. 4(b) of the paper, this could be 
the subject of further investigation along the lines suggested. 

The formation of a vapor envelope about the liquid core does 
not appear to conform to a cavitation phenomenon since only 


* Reference (4) of the paper. 
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dry vapor is emitted without turbulence at the liquid surface. 
This is well illustrated by Fig. 9 of the Stuart-Yarnall paper (2). 
These photographs show that initially subcooled liquid can pass 
through an orifice to subsaturation pressures in a metastable con- 
dition and literally explode to stable conditions at a point below 
the orifice when the vapor pressure exceeds the surface-tension 
forces. Between the orifice and the point of transformation to 
stable conditions the jet remains clear but dry vapor blows out- 
ward from the surface of the liquid jet. Under these conditions 
thermal equilibrium at the surface cannot become established un- 
less the emitted vapor is confined about the jet. 

The reference to necessary “free fall’’ of pressure beyond the 
parallel section of the orifice throat to obtain metastable flow is 
not clear. Curve 5 of Fig. 2 shows that if water flows through 
two identical sharp-edged orifices in series from an initial pressure 
of 100 psia to atmosphere, the intermediate pressure will remain 
constant with increase in temperature and vapor pressure of the 
water up to the intermediate pressure of 57'/2 psia. Under these 
conditions the water is saturated as it enters the second orifice but 
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subsaturated with respect to the first orifice. Since the pressure 
drop and the flow rate through both orifices remains the same, it is 
concluded that the flow through the second orifice must be meta- 
stable. 

It will be noted with reference to Benjamin and Miller’s paper 
(4) that the authors applied an orifice coefficient in accordance 
with the values given in Fig. 13 of their paper. These values are 
in close accord with the normal hydraulic coefficient. 

Flow relations for conditions where P, is less than P,, are outside 
of the scope of the present paper. Two orifices in series are par- 
ticularly useful for further investigation in this area, however, 
since the pressure drop and flow through the first orifice will serve 
as a meter for the flow through the second orifice. 

While it is true that two orifices in series have little or no ad- 
vantage over a single orifice as applied to direct drainage, the 
utilization of the intermediate pressure between two control 
orifices in series to actuate a valve member greatly increases the 
capacity range and efficiency of condensate drainage. Fig. 6 
shows such a steam trap. 
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